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Preface 


Dynamic behavior of materials and structures is the study of materials and structures 
subjected to impact or impulse loading with wide-ranging applications in marine, 
automotive, aircraft, and space structures. The scientific understanding of the defor- 
mation and failure of materials under dynamic loading is essential in the design of 
structures and mitigating the effects of impact and impulse loading for protection of 
civil and defense structures. This book is a collection of papers by leading authori- 
ties of the field who provide detailed and comprehensive view of the subject related 
to theory, computational simulation, and experiment. Recent advances in the study 
of materials and structures under dynamic loading are highlighted and presented in 
the context of the developments which have led to these advances. 

The book contains 12 chapters dealing with a broad range of topics in the dy- 
namic response of materials and structures including metals, ceramics, polymers, 
soft matter, composites, and sandwich structures. The dynamic loading regimes 
considered include impact and impulse loading due to blast and shocks. The ma- 
terial response is evaluated over a range of stress and deformation states including 
shear, pressure, uniaxial strain/compression/tension, and 3D stress states. The as- 
pects of damage evolution under dynamic loading conditions have been addressed 
in great detail in several of the chapters both experimentally and through numerical 
simulations. 

The first part of the book (Chaps. 1-3) deal with failure of materials including 
metals, soft matter, and ceramics under various well-controlled dynamic loading 
conditions imposed in the laboratory. These experimental studies are essential for 
establishing the three-dimensional constitutive and failure criteria over a wide range 
of strain rates (103—10° s~!). These chapters provide new insights concerning the 
mechanics and mechanisms of dynamic failure in materials at very high strain rates. 
They also present experimental techniques for studying failure under highly transient 
loading using novel specimen design and instrumentation. Chapters 4 and 5 on 
composite materials explore the failure of fiber reinforced polymeric materials over 
a wide range of confinements and strain rates. Unique loading configurations enable 
the exploration of material behavior over a wide range of stress states. The effect of 
stress state and strain rate on the mechanical behavior of composites is presented. 
The chapters (6—10) dealing with impulse loading provide a comprehensive overview 
of the effects associated with underwater explosions and blast loading. The effect of 
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underwater explosions on composite materials is studied by impacting water-filled 
tubes and analyzing the coupled fluid—structure interaction and wave propagation in 
tubes. The chapters dealing with effects of blast and impact on sandwich structures 
present the mechanisms of deformation under such loading conditions. The effect of 
loading rate on the observed failure modes including core/face plate failure, crack- 
ing, and damage are discussed in detail including the development of failure criteria 
under such loading conditions. The chapters (11 and 12) on computational simu- 
lations present comprehensive overviews of the current status and future directions 
for research related to dynamic deformation, crack propagation, penetration, and 
fragmentation. These chapters discuss novel numerical schemes including the 3D 
cohesive element methodology for physically based models of fracture and frag- 
mentation. 

This book would not have been possible without the timely cooperation of the 
authors of the chapters contained in this book and we want to thank them for their 
contributions. The editors thank the staff at Springer, in particular Elaine Tham and 
Lauren Danahy for their exemplary help, patience, and understanding in bringing 
this book to fruition. Finally, we would like to note that the proceeds from this book 
will go to the educational fund of the Society of Experimental Mechanics (SEM) to 
help in encouraging students to pursue research in experimental mechanics, which 
has much to contribute to the society. 


Kingston, RI A. Shukla 
Pasadena, CA G. Ravichandran 
Arlington, VA Y.D.S. Rajapakse 
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Chapter 1 
Dynamic Characterization of Soft Materials 


Weinong W. Chen and Bo Song 


Abstract Soft materials, such as elastomers, foams, gels, and biological tissues, 
possess low stiffness, yield strength, and wave speeds. These characteristics pose 
challenges in experiment design to obtain the dynamic properties of soft materials 
at high rates of loading. The low wave speeds delay the stress equilibrium in the 
specimen. Low strength and stiffness require highly sensitive load detection system. 
Low strength also makes inertia effects significant. This chapter illustrates these 
challenges as they are encountered in high-rate experiments using Kolsky bars. Ex- 
perimental solutions designed to overcome these difficulties are then introduced and 
demonstrated. 


Keywords Soft materials - High strain-rates - Split Hopkinson bar - Pulse shaping 
- Dynamic equilibrium - High-rate responses 


1.1 Introduction 


In mechanical characterization of materials for dynamic properties, one class of 
materials that include elastomers, foams, gels, and biological tissues are defined 
as soft materials due to their low strength, stiffness, and wave speeds. Engineered 
soft materials are widely used as shock mitigation and vibration isolation materials 
(Gray and Blumenthal 2000). There are many engineering applications and designs 
that require the understanding of the mechanical response of engineered soft mate- 
rials under impact loading conditions (Zukas et al. 1992). For example, numerical 
simulations have been widely used in engineering designs, which require accurate 
material models at various strain rates to obtain realistic predictions of structural 
impact responses (Whirley and Hallquist 1991). Impact biomechanics also requires 
dynamic response of all tissues to high-rate loading (King 2000). All these produce 
high demand for accurate dynamic properties of soft materials. 

The unique properties of soft materials such as low stiffness, strength, and wave 
speeds bring challenges in dynamic characterization. For instance, the stiffness of 
brain tissues is five orders of magnitude lower than that of a common metal at a 
strain rate of 1,000s~! (Pervin and Chen 2009). Such a low stiffness makes the 
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elastic wave speeds too low to achieve uniform loading in the specimen (Song 
and Chen 2004a). Low strength challenges accurate sensing of force signals (Chen 
et al. 1999). Low strength also makes it difficult to distinguish the intrinsic me- 
chanical response from inertia effects in high-rate experiments (Song et al. 2007b, 
2007c). Since existing dynamic testing techniques are typically not designed to 
obtain stress-strain responses for soft materials (Clamroth 1981; Progelhof 1986; 
Harris 1987; Meyers 1994; Sounik et al. 1997; Nemat-Nasser 2000), it is necessary 
to develop reliable dynamic experimental techniques for these materials. 

Kolsky bar, or split Hopkinson pressure bar (SHPB), has been widely used 
as an efficient experimental technique to obtain families of stress—strain curves 
for engineering materials at strain rates between 10? and 10+s~! (Meyers 1994; 
Nemat-Nasser 2000; Gray 2000; Marais et al. 2004), since it was developed by 
Kolsky (1949). However, the Kolsky bar technique was originally most efficient in 
characterizing the dynamic flow behavior of metals. When it is used to determine 
the dynamic behavior of soft materials, the applicability of the device should be 
evaluated in detail. Recent research shows that the conventional Kolsky-bar tech- 
nique needs to be properly modified to obtain accurate stress—strain data for the soft 
materials (Chen et al. 2002; Chen and Song 2005; Song et al. 2007b). In this chap- 
ter, we summarize these recent modifications and developments in the Kolsky bar 
technique for soft material characterization. 


1.2 Conventional Kolsky Bar 


A conventional Kolsky-bar device, schematically shown in Fig. 1.1, consists of a 
striker, an incident bar, and a transmission bar. The specimen is sandwiched be- 
tween the incident bar and the transmission bar. The impact of the striker on the 
end of the incident bar generates elastic waves in both the striker and the inci- 
dent bar. The elastic wave in the incident bar is called incident wave, which travels 
through the incident bar to the specimen. Because of the mismatch of mechanical 


Striker Incident bar Transmission bar 


Wheatstone 
Bridge 


Fig. 1.1 A schematic of conventional Kolsky-bar setup 
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impedances between the bars and the specimen, part of the incident wave is reflected 
back into the incident bar as a reflected wave and the rest of the incident wave trans- 
mits through the specimen into the transmission bar as a transmitted wave. The three 
wave signals are sensed by the strain gages mounted on the incident and transmis- 
sion bar surfaces for data reduction. 

During a Kolsky-bar experiment, the bars serve as sensors and thus must satisfy 
strict requirements to minimize uncertainties in data interpretation. First, the bars 
must remain elastic over the entire loading duration. The Kolsky-bar technique also 
assumes stress-wave propagation in the bars be one dimensional, even though it is 
physically two dimensional due to Poisson’s effect (Gray 2000). However, this two- 
dimensional effect can be minimized by using slender bars. The slender bars should 
be sufficiently long, compared to the length of the incident wave, to avoid overlap- 
ping of the incident and reflected waves (Gray 2000). Since the wave-sensing strain 
gages are mounted on the surface of the bars, the ends of the bars in contact with 
the specimen must remain flat and parallel throughout the experiment (Gray 2000), 
which is also a necessary condition for the one-dimensional wave assumption. In 
addition, the cross-sectional area of the deforming specimen should never exceed 
that of the bars. 

When one-dimensional stress-waves in the bars are achieved, the strain rate, 
strain, and stress histories in the specimen are computed as (Gray 2000), 


c 
— lei (t) —e () —&: (1) (1.1) 
go! / [es (8) — ee (f) — 1 (0)] dt (1.2) 
Ls 0 
= Ao E 1 
o= 7A, o [ei (t) + &r (t) + & (C)] (1.3) 


where Ag is the cross-sectional area of the bars; Ey and Co are Young’s modulus and 
elastic bar wave speed in the bar material, respectively; A, and L, are initial cross- 
sectional area and length of the specimen, respectively. Here ¢;(t), ¢,(t), and e(t) 
represent incident, reflected, and transmitted strain histories in the bars at the speci- 
men ends, respectively. If we assume one-dimensional stress waves propagate in the 
bars without distortion, the stress wave signals measured by the strain gages usually 
located in the middle of the bars can represent the signals at the specimen ends. 
Therefore, the strain rate, strain, and stress in the specimen are reduced directly 
from strain-gage signals [(1.1)—(1.3)]. However, the stress waves are usually dis- 
persed (called “Pochhammer-Chree dispersion”) when traveling in long rods, which 
need to be numerically or physically corrected for obtaining a more accurate stress— 
strain response of the specimen. The numerical correction of the wave dispersion 
has been extensively discussed in the past decades (Follansbee and Frantz 1983; 
Gorham 1983; Gong et al. 1990). Follansbee and Frantz (1983) provided a detailed 
procedure to numerically correct the wave dispersion through Fourier transform 
methods. The wave dispersion can also be eliminated by using a physical pulse 
shaper (called “pulse shaping technique”), which is presented in Sect. 1.3.3. 


4 W.W. Chen and B. Song 
When the specimen is in a state of uniform stress, 
ei(t) + €(t) = ex(t) (1.4) 


Equations (1.1)—(1.3) can be simplified to 


é= 2 Feu (1.5) 
t 
go e,(t) dt (1.6) 
Ls 0 
A 
c= F Eoe(t) (1.7) 


Ss 


Equation (1.7) indicates that the stress in specimen is proportional to the transmitted 
signal, ¢;. When soft materials are characterized with a conventional metallic Kolsky 
bar, this transmitted signal may be too weak to be accurately measured by the regular 
resistor strain gages, resulting in inaccurate measurements of stress in the specimen. 
To obtain accurate stress-strain response for soft materials, the method of obtaining 
the transmitted signal needs to be improved. 

Uniform stress distribution in the specimen is another major obstacle in ob- 
taining reliable stress-strain data due to the low wave speed in the specimen. 
Equations (1.5)—(1.7) are based on the assumption of dynamic stress equilibration 
in the specimen (1.4), which is not satisfied automatically when the specimen ma- 
terial is soft. The stress state in a soft specimen may not be in equilibrium over 
the entire loading duration because it takes several rounds of reflections inside the 
specimen for stress waves to “ring up” to a state of dynamic stress equilibrium 
(Gray and Blumenthal 2000; Chen et al. 2002; Chen and Song 2005). 

If the stress in the specimen cannot be distributed uniformly, the corresponding 
deformation in the specimen is not uniform either, which invalidates the experi- 
mental results for material property characterization (Chen et al. 2002). Figure 1.2 
shows high-speed images of a dynamic deformation process in a RTV630 rubber 
specimen in a conventional Kolsky-bar experiment. A trapezoidal pulse was pro- 
duced in the incident bar and loaded on the rubber specimen with 12.60mm in 
diameter and 12.70 mm in length. Figure 1.2 clearly shows that the specimen de- 
formed nonuniformly during the experiment. The drastic nonuniform deformation 
in the specimen makes it impossible to use the average deformation to represent the 
point-wise deformation in the specimen. The resultant data obtained from such ex- 
periments are not valid if (1.5)—(1.7) are used to calculate the stress—strain histories. 
Equations (1.1)—(1.3) provide approximate measurements in stress and strain aver- 
aged over the entire specimen, but are still inaccurate (Chen et al. 2002; Chen and 
Song 2005). Therefore, to obtain valid dynamic properties of the specimen material, 
it is essential to achieve stress equilibrium in the experiment. This requires proper 
modifications to the conventional Kolsky-bar technique. 

The nonequilibrated stress in the specimen has been understood as the result of 
axial inertia. In a Kolsky-bar experiment, the specimen is initially at rest and must 
be accelerated to deform at a desired strain rate. However, this acceleration process 
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t=142.8 us t=190.4 us t=238.0 ps 


Fig. 1.2 High-speed images of a RTV630 rubber specimen deforming dynamically in a conven- 
tional Kolsky-bar experiment 


generates inertia in not only axial but also radial directions. Even though the axial 
inertia is minimized, called “stress equilibrium,” through proper modifications to the 
conventional Kolsky bar, the radial inertia may still exist, which induces extra axial 
stress in the specimen. This inertia-induced stress is not the intrinsic mechanical 
response of the specimen material (Song et al. 2007b). The magnitude of the iner- 
tia induced stress is typically negligible when testing most engineering materials. 
However, due to the low strength of some soft materials (usually called “extra-soft 
materials”), the inertia-induced stress is comparable to the strength of the soft ma- 
terial under investigation and no longer negligible. Therefore, further efforts in the 
Kolsky-bar experiment on extra-soft materials are needed to isolate the intrinsic me- 
chanical response from radial inertia effects (Song et al. 2007a, 2007b; Pervin and 
Chen 2009). 

Many soft materials are strain-rate sensitive (Song et al. 2007a, 2007b; Pervin 
and Chen 2009). To examine the strain-rate effects and to report the stress—strain 
data as a function of strain rates, the strain-rate level in one experiment needs to be 
well defined. In the case of a Kolsky-bar experiment, a constant strain-rate defor- 
mation in the soft specimen is required. In a conventional Kolsky-bar experiment, a 
trapezoidal incident pulse is generated regardless of specimen response. This kind of 
loading mode usually does not facilitate constant strain rate in the specimen. Instead, 
the strain rate varies, particularly when the specimen does not possess constant flow 
stress behavior. To investigate the strain-rate effect, this issue needs to be addressed 
when testing rate-sensitive materials (Chen et al. 2001, 2003). According to (1.5), 
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the value of engineering strain rate is proportional to the amplitude of reflected 
pulse after the stress is equilibrated. Intuitively, the reflected pulse thus needs to 
be nearly constant. To produce a constant reflected pulse, the loading pulse profile 
needs to be properly modified based on specimen response (Nemat-Nasser 2000; 
Chen et al. 2002; Chen and Song 2005). 

The strain-rate range achieved in a conventional Kolsky bar experiment is typ- 
ically between 107 and 10*s~! (Gray 2000; Nemat-Nasser 2000). It is technically 
challenging to conduct dynamic experiments on soft materials at lower strain rates, 
which leaves a scarcity of data in the intermediate strain-rate range between 10° 
and 107s~! (Zhao and Gary 1997, 2002). In this intermediate strain-rate range, 
the loading duration needs to be sufficiently long to obtain large deformations in 
specimens at such low strain-rate levels since many soft materials are designed to 
deform to large strains (Zhao and Gary 1997). A conventional Kolsky bar does not 
generate incident pulses with both low amplitudes and long durations. Modifica- 
tions are again needed to perform mechanical experiments on soft materials in the 
range of intermediate strain rates. 

In a conventional Kolsky-bar experiment on a soft material, most of the incident 
pulse is reflected back due to the weak resistance from the soft specimen. This re- 
flected pulse will be reflected back into the incident bar at the free striking end and 
load the specimen again. The reloading process will repeat numerous times dur- 
ing an experiment. However, in some experiments, the specimens are desired to be 
preserved for microstructural investigations (Song et al. 2005b, 2005c). To relate 
the microstructural evolution to macroscopic mechanical behavior, the conventional 
Kolsky bar needs to be modified to load the specimen only once (Nemat-Nasser 
et al. 1991; Nemat-Nasser 2000). 

In summary, due to the unique mechanical response of soft materials, the con- 
ventional Kolsky bar needs to be modified to obtain valid stress—strain responses for 
soft materials. These modifications are summarized in the following sections. 


1.3 Modified Kolsky Bar for Characterizing Soft Materials 


To overcome the technical challenges outlined above and obtain accurate stress— 
strain response for soft materials, the weak transmitted signal must be measured 
with high signal-to-noise ratio, both axial and radial inertia effects must be mini- 
mized (Song et al. 2007), and the soft specimen deforms at a constant strain rate 
(Chen et al. 2002). 


1.3.1 Weak Transmitted Signal Measurement 


As indicated by (1.7), the stress in the specimen is measured by the strain gages 
mounted on the transmission bar surface in a Kolsky-bar experiment. When the 
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specimen is a soft material with very low stiffness and strength, the stress amplitude 
in the transmission bar is typically too low to be detected by the surface resistor 
strain gages. Gray and Blumenthal (2000) provided a guideline of bar material se- 
lection for soft-material testing. Polymeric or low-mechanical-impedance metallic 
bars were recommended (Gray and Blumenthal 2000). 

Among polymeric bars, polymethyl methacrylate (PMMA) and polycarbonate 
(PC) are more commonly used as the bar materials to characterize soft mate- 
rials. The amplitude of the transmitted signal in a polymer transmission bar is 
significantly increased because of decreased Young’s modulus of the bar mate- 
rial (Gray and Blumenthal 2000; Wang et al. 1994; Zhao and Gary 1995; Zhao 
et al. 1997; Rao et al. 1997; Bacon 1998; Sawas et al. 1998; Casem et al. 2003; 
Liu and Subhash 2006). However, the decreased impedance mismatch between the 
polymeric bars and the soft specimen in turn makes the stress ringing-up pro- 
cess less efficient and thus extends the time to reach dynamic stress equilibrium 
in the specimen (Frew et al. 2001). Because of the nature of viscoelasticity in 
the polymeric bars, accurate rate-dependent material models that describe such 
viscoelastic response are necessary to reduce the data obtained from polymeric 
Kolsky-bar experiments. In addition, dispersion and attenuation, which are also 
typical characteristics of polymeric bars, bring additional uncertainties into data re- 
duction (Gray and Blumenthal 2000; Wang et al. 1994; Zhao and Gary 1995; Zhao 
et al. 1997; Rao et al. 1997; Bacon 1998; Sawas et al. 1998; Casem et al. 2003; 
Liu and Subhash 2006). This needs additional effort in numerical corrections of the 
viscoelastic dispersion and attenuation. The effects of temperature, moisture, and 
aging also need to be considered when using polymeric bars. 

Compared to polymeric bars, low-stiffness metallic bars, such as titanium (Gray 
et al. 1997), magnesium (Gray et al. 1997; Gray and Blumenthal 2000), and alu- 
minum bars (Chen et al. 2002), are better choices to improve signal-to-noise ratio 
in the transmitted signals for their linear elastic response before yielding. The bars 
should certainly remain elastic over the entire duration of loading. Similar to us- 
ing polymeric bars, the reduced mechanical impedance mismatch between the bar 
material and the specimen extends the time to achieve dynamic equilibrium, which 
needs to be balanced with the improvement in transmitted signal quality in experi- 
ment design. 

Among the low-impedance metallic bar materials, aluminum bars are most com- 
monly used for characterizing soft materials. However, when the specimen material 
is too soft, the aluminum bars may still not be sufficiently compliant to provide 
a transmitted signal with high signal-to-noise ratio. A hollow aluminum trans- 
mission bar has been used to further decrease bar stiffness through reducing its 
cross-sectional area (Chen et al. 2000). With a solid incident bar and hollow trans- 
mission bar, the classic data reduction equations for calculating strain rate and strain 
(1.5) and (1.6) become more complicated due to the cross-sectional area mismatch. 
Equation (1.4) is no longer valid even though the specimen stress is equilibrated. 
Instead, 


Ajlei(t) + er(t)] = Arer(t) (1.8) 
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where A; and A; are the cross-sectional areas of the solid incident and the hollow 
transmission bars, respectively. Here we assume both incident and transmission bars 
are made of the same material (same Young’s modulus). The axial engineering strain 
rate and strain of the specimen are (Chen et al. 2000) 


C 
A) = Fle — elt) —e)] 
_ Co Ai) 7 _ Co Ai 
= (1 = *) e\(t) E (1 + =) &,(t) (1.9) 
Co 


e(t) 


a i [e\(t) — &,(t) — &(t)]dt 


Co A; Co Aj : 
= (t=) f eae= 2 (142) | aed Ll 
L. ( *) { €\(t) dt i ( + *) €,(t)dt (1.10) 


The stress in specimen can still be calculated using (1.7). Equation (1.9) indicates 
that, when the hollow transmission bar is employed, the reflected pulse repre- 
sents the strain-rate history in specimen only when A; ~ A; (conventional bars) or 
Aj > At. 

To further increase the sensitivity for detecting weak transmitted signals, 
highly sensitive strain gages, for example semiconductor strain gages (Chen and 
Song 2005), were mounted on the solid or hollow aluminum transmission bar (Chen 
et al. 1999). Compared to the gage factor of ~2.0 for regular resistor strain gages, 
the semiconductor strain gages have a much higher gage factor of ~140 or above. 
The combination of a hollow aluminum bar and semiconductor strain gages has 
successfully detected the weak signals transmitted from brain tissue specimens 
(Pervin and Chen 2009). Another approach to increase the sensitivity to measure 
the weak transmitted force is to embed a quartz-crystal force transducer in the mid- 
dle of the solid aluminum transmission bar (Chen et al. 2000). Quartz-crystal force 
transducers, which are two to three orders of magnitude more sensitive than resistor 
strain gages, were used by previous investigators to measure dynamic force profiles 
(Karnes and Ripperger 1966; Wasley et al. 1969; Togami et al. 1996). The nearly 
matching mechanical impedance between the quartz crystals and the aluminum bar 
minimizes disturbance of the one-dimensional wave propagation in the bar. This 
method retains the relatively high impedance mismatch with the soft specimen, 
compared to using the hollow transmission bar, to achieve early dynamic stress 
equilibrium. 


1.3.2 Inertia Effects 


The weak transmitted signal is now accurately measured even for specimens as soft 
as brain tissues. Next we focus our discussion on both axial and radial inertia effects. 
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1.3.2.1 Axial Inertia (Dynamic Stress Equilibrium) 


Because of the stress wave propagation and reflection in the specimen, the stress 
may never be uniformly distributed along the axial loading direction. The propaga- 
tion and reflection of stress waves build up the mean stress levels in the specimen 
gradually, which is called a “ring up” process. Dynamic stress equilibrium is called 
when the difference is within a certain level of the mean stress, say, below 5% 
(Song and Chen 2004a). The proximity for nearly uniform distribution of stress 
is typically determined by comparing the measurable axial forces on the end faces 
of the specimen (Parry et al. 1994; Ravichandran and Subhash 1994; Subhash and 
Ravichandran 2000). For example, Ravichandran and Subhash (1994) used a pa- 
rameter, R(t), 

Ao(t) 
Om(t) 


which is the ratio of stress difference (Ao(t)) at both ends of the specimen to the 
mean value (oOm(¢)) to evaluate the proximity to stress equilibrium in specimen. With 
the increasing mean stress, the difference between the axial forces on the end faces 
becomes relatively less and less. The specimen is recognized to be in stress equilib- 
rium when the value of R(t) approaches zero. This parameter has been employed to 
evaluate the stress equilibrium processes in some Kolsky-bar experiments (Kriven 
et al. 2003; Song et al. 2005). Zencker and Clos (1998) and Song and Chen (2004a) 
used similar measures to assess stress equilibrium in specimens. 

For most engineering materials, the stresses at the both ends of specimen may be 
calculated using 2-wave and 1-wave method (Gray 2000), 


R(t) = (1.11) 


01 = Eo(ei + &r) (1.12) 
02 = Ene (1.13) 


where 0; and 02 are the stresses in the bars at the front and back ends of speci- 
men, respectively. However, when the conventional SHPB is used for testing soft 
materials, the amplitude of the reflected pulse is nearly the same as the incident 
pulse; whereas, the amplitude of the transmitted pulse is very weak as described in 
Sect. 1.3.1 (Chen et al. 2002). Calculating the small difference between the large- 
amplitude incident and reflected signals using (1.12) often produces noise levels 
higher than the amplitude of the weak transmitted signal. It is thus not feasible to 
use (1.12) to calculate the axial force or stress at the front end of specimen when 
testing a soft material. Similar to the force/stress at the back end of specimen mea- 
sured with highly sensitive transmission bar and/or transducers, the axial force at 
the front end of specimen is also desirable to be measured directly. 

One approach to obtain the force at the front end of specimen is to apply a 
similar transducer for detecting the weak transmitted signal to the front end of 
the specimen. Chen et al. (2000) attached a pair of quartz crystal force transduc- 
ers to the specimen ends of incident and transmission bars (Fig. 1.3). To prevent 
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Fig. 1.3. A schematic of modified Kolsky-bar setup for soft material characterization 


large lateral expansion of the soft specimen subjected to axial compression from 
damaging the brittle quartz-crystal disks, a thin aluminum disk with the same diam- 
eter as the quartz disk was placed on each of the quartz-crystal disks. The aluminum 
disks also serve as an electrode to collect charges from the quartz-crystal transduc- 
ers. However, the quartz-crystal transducer itself and the attached aluminum disk 
bring additional axial inertia stress into the recorded signal. This axial inertia in the 
specimen force measurement was eliminated by using two additional quartz-crystal 
compensation transducers (three-quartz technique) (Casem et al. 2003, 2005). With 
the three-quartz assembly at the incident bar end, and the regular one-quartz disk 
at the transmission bar end, comparison of the axial forces at both end faces of the 
specimen provides a direct monitor of dynamic stress equilibrium process in the soft 
specimen. 

Since the “ring up” process involves stress waves propagating inside the spec- 
imen, the wave speed in the specimen material is clearly an important factor that 
determines the time required to reach dynamic stress equilibrium: the process is 
faster in a specimen with a higher wave speed. However, soft materials often possess 
very slow wave speeds, which significantly increase the time necessary to achieve 
dynamic stress equilibrium in specimen. 

Since the wave speed in a certain material does not change significantly during 
the early stages of a dynamic experiment, specimen thickness naturally becomes 
another critical factor that determines the dynamic stress equilibration time in soft 
materials. Davis and Hunter (1963) recommended an appropriate specimen aspect 
to minimize both axial and radial inertia, which are often coupled together. The mea- 
sured stress, Om(¢), in a Kolsky-bar experiment usually includes the stress induced 
by both axial and radial inertia in addition to the specimen intrinsic response, oo(f), 


2 2 


1 a x 
Om(t) = Oo(t) — ps (FS) (1.14) 


where p, and v are density and Poisson’s ratio of the specimen material, respec- 
tively; A is the specimen thickness, and a is the radius of the specimen. The second 


1 Dynamic Characterization of Soft Materials 11 


term in (1.14) represents the inertia effects, which could be eliminated when the 
strain rate is constant (€ = 0) or appropriate specimen aspect is chosen as 


ho 3v (1.15) 
2a V4 , 


Equation (1.15) suggests that, if the specimen has a Poisson’s ratio of 0.333, the 
inertia in the specimen can be eliminated with a length-to-diameter of 0.5. However, 
their analysis neglects the rate of change of specimen energy in the convective part, 
which was corrected by Samanta (1971), 


= + Pmi) are a é ee Ve (1.16) 
Op = —z (Pm ml) — a Pe Prams Nee : 
D mis Pui)— P\ a5 +3 p 


where op is the spatial mean value of stress; Pmu and Pm are contact pressures 
at both ends of the bars. Equation (1.16) gives a modified length-to-diameter ra- 
tio of V3 /4 to minimize both axial and radial inertia effects. In addition, constant 
strain rate is also required to eliminate the inertia effects, which is confirmed by 
Gorham (1989). 

Gorham (1989) also suggests the usage of thin specimens for valid Kolsky-bar 
experiments. A thin specimen shortens the time for equilibrium. In addition, the 
attenuation of stress wave is less significant when traveling through a thin speci- 
men (Song et al. 2005a, 2005d). A thick specimen acts as a shock absorber, which 
is a structure and is not a representative volume for material property testing. 
In this case, the measured specimen strength decreased with increasing specimen 
thickness at the same strain rate (Kolsky 1949; Dioh et al. 2003). In his original 
work, Kolsky (1949) pointed out that a thick specimen would invalidate the as- 
sumption that the axial stresses on both sides of the specimen were nearly equal. 
Gray et al. (1997) showed that dynamic equilibrium in an Adiprene L-100 rub- 
ber specimen was achieved only during the later stages of conventional Kolsky-bar 
experiments. Song and Chen (2004a) conducted a detailed investigation on the ef- 
fects of specimen thickness on dynamic stress equilibrium in soft rubber specimens, 
which further verified that stress equilibrium in a thick soft specimen may never 
be reached during the entire loading history. Therefore, a thin specimen is recom- 
mended in a Kolsky-bar experiment. However, if the specimen is too thin, interfacial 
friction becomes more significant, making interfacial lubrication more critical to 
validate resultant data. 

When the specimen thickness is determined, the loading rate becomes a domi- 
nate factor to affect dynamic stress equilibrium. Chen et al. (2002) showed that, in 
a conventional Kolsky-bar experiment, dynamic stress equilibrium had never been 
achieved even when the specimen was very thin. This is because the initial rate 
of loading for a square or trapezoidal incident pulse generated in a conventional 
Kolsky-bar experiment was too high. Instead, the loading rate on the specimen 
should be controlled (Chen et al. 2002; Song and Chen 2004a). By way of details, 
dynamic stress equilibrium requires a long risetime of the loading pulse (Wu and 
Gorham 1997). 
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To achieve dynamic stress equilibrium in soft specimens in Kolsky-bar 
experiments, both specimen thickness and risetime of the loading pulse need to 
be carefully designed. In addition, extra efforts in designing specimen dimension 
and loading pulse are required to minimize radial inertia effect when characterizing 
extra-soft materials with the Kolsky bar. 


1.3.2.2 Radial Inertia Effects 


In a dynamic experiment, the specimen accelerates from rest to the desirable high 
strain rate. When the specimen is under axial acceleration, the material also expe- 
riences radial acceleration (radial inertia) because of Poisson’s effect. This radial 
inertia makes the specimen in multiaxial stress state instead of unaxial stress state. 
There exists a radial stress during acceleration. This radial stress in turn produces 
an extra stress in the axial direction. 

Kolsky (1949) used an energy method to give the solution of the average extra 
stress in the axial direction, sw 

1 _ Va" ps. 


= (1.17) 


Forrestal et al. (2006) provide a closed-form solution for the radial distribution 
of the extra stress components based on linear elasticity. For incompressible ma- 
terials (v =0.5), the first-order perturbation stress components at the radius, r, in 
cylindrical coordinates are 


a 


ll 1 . Os(d* =r"). 
2, = Og =O, = ————E 


i A (1.18) 
where d is the radius of specimen. The extra axial stress averaging over the spec- 
imen cross-section is consistent with Kolsky’s derivation (1.17). Equation (1.18) 
indicates that the amplitude of this inertia-induced radial stress is zero on the spec- 
imen edge and reaches maximum at the specimen center as the stress accumulated 
from the edges. Both equations indicate that the radial inertia vanishes when the 
specimen is encountering constant strain-rate deformation. However, the strain rate 
in the specimen takes time to increase from zero to the constant value, making the 
initial acceleration inevitable. The radial inertia is thus usually significant in the ini- 
tial loading portion until constant strain rate is achieved. However, the amplitudes of 
the radial-inertia-induced stresses are quite small, in the order of 1-2 MPa, depend- 
ing on the material density, the acceleration rate, and the sample size. Such small 
stress values are typically neglected in testing engineering materials where failure 
stresses are two orders of magnitudes higher. However, when the specimen is very 
soft, such as the brain tissue where the strength is measured in KPa (Pervin and 
Chen 2009), the inertia-induced stresses must be minimized to measure the intrinsic 
mechanical response of the specimen material. 

Since the radial inertia affects the central portion of the specimen most severely, 
a hollow specimen was recommended in addition to reducing the amplitude of ini- 
tial acceleration (the differential of strain rate) subjected to the extra-soft specimen 
(Zukas et al. 1992; Gray and Blumenthal 2000). Figure 1.4 schematically illustrates 
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solid specimen hollow specimen 


Fig. 1.4 Radial inertia-induced stress distribution in (a) a solid specimen and (b) a hollow 
specimen 


the geometries of solid and hollow specimens, together with the corresponding ra- 
dial inertia stress distributions. It is clearly shown in Fig. 1.4 that the extra axial 
stress is significantly minimized when using the hollow specimen. It is imagined that 
this extra axial stress can be further reduced by decreasing the initial differential of 
strain rate in the specimen, which has been successfully demonstrated in dynamic 
characterization of a gel rubber (Song et al. 2007b), a gelatin (Moy et al. 2006), 
soft biological tissues such as porcine muscles (Song et al. 2007c) and bovine brain 
tissues (Pervin and Chen 2009), and their stimulant (Zhang et al. 2008). 


1.3.3 Pulse-Shaping Technique for Kolsky-Bar Experiments 
on Soft Specimens 


In valid Kolsky-bar experiments on soft materials, the loading pulse becomes the 
only controllable parameter to minimize both axial and radial inertia after the spec- 
imen material and dimensions are selected. The loading pulse (incident pulse) also 
needs to be carefully designed to facilitate constant strain-rate deformation in the 
specimen, which is desired to investigate the strain-rate effect and to develop rate- 
dependent material models. Meanwhile, the strain rate needs to slowly increase from 
zero to a constant for the purpose of facilitating relatively low initial acceleration. 
All these require appropriate modifications of not only the initial loading rate but 
also the profile of the loading (Nemat-Nasser et al. 1991; Chen et al. 2002). In this 
section, we introduce the pulse-shaping technique to properly modify the incident 
loading pulse. 


1.3.3.1 Introduction to Pulse Shaping Technique 


The pulse-shaping technique for Kolsky-bar experiments was originally discussed 
three decades ago. The original motivations for the pulse-shaping technique were to 
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reduce the oscillation of waveforms due to wave dispersion such that smooth pulses 
are able to be generated to improve the accuracy and resolution of the stress—strain 
curves (Duffy 1971; Christensen et al. 1972). Conical strikers were used to generate 
smooth pulses as well as to facilitate early dynamic stress equilibrium in brittle spec- 
imens (Christensen et al. 1972). A three-bar technique that employs a low-strength 
martensitic stainless steel bar as a preloading bar in front of the incident bar in a 
Kolsky-bar experiment was developed to efficiently eliminate the high-frequency 
oscillations such that the accuracy of the resultant stress—strain curve was improved 
(Parry et al. 1995). Besides the preloading bar, Ellwood et al. (1982) placed an addi- 
tional dummy specimen between the preloading bar and the incident bar to produce 
a loading pulse facilitating constant strain-rate deformation in the real specimen. 

It was later found that the preloading bar could be removed (Bragov and 
Lomunov 1995). A “tip” material (called “pulse shaper’), which can be made 
from paper, aluminum, copper, brass, stainless steel, and rubber, and so on, replaces 
the dummy specimen at the impact end of the incident bar to shape the loading 
pulse. Besides reducing the oscillation of incident pulse (Duffy 1971; Christensen 
et al. 1972), this method has been used to generate a constant strain-rate experiment 
under dynamic stress equilibrium (Frantz et al. 1984; Frew et al. 2002). Among 
the pulse shaper materials, copper has been most extensively used in Kolsky-bar 
experiments (Oguni and Ravichandran 1999; Ninan et al. 2001; Sarva and Nemat- 
Nasser 2001; Frew et al. 2002; Subhash et al. 2002; Song et al. 2003). Quantitative 
analysis of generating controlled incident pulses was performed by Nemat-Nasser 
et al. (1991). More recently, Frew et al. (2002, 2005) developed pulse-shaping mod- 
els which have been applied to Kolsky-bar experiments on linear elastic and bilinear 
materials, such as rocks and work-hardening materials. These pulse-shaping models 
provide guidelines for pulse shaper design in Kolsky-bar experiments. 


1.3.3.2 Pulse-Shaping Design for Testing Soft Materials 


Varying the material and dimensions of the pulse shaper as well as the striking 
speed diversifies the incident loading pulse, as illustrated in Fig. 1.5. However, only 
the loading pulse that facilitates early dynamic stress equilibrium and constant strain 
rate in specimen is the best candidate. The desired profile of the incident pulse also 
varies when testing various materials at different strain rates, depending on the me- 
chanical response of the material under investigation. 

In a Kolsky-bar experiment, under dynamic stress equilibrium with identical in- 
cident and transmission bar cross-sections, the reflected pulse is proportional to the 
engineering strain-rate history in specimen (1.5). To maintain constant strain-rate 
deformation in specimen, a reflected pulse with a plateau is desired after dynamic 
stress equilibrium is achieved. The profile of the incident pulse is expected to be 
similar to that of the transmitted signal except for a higher amplitude to obtain a 
nearly plateau in the reflected pulse (constant engineering strain rate). Thus, the 
profile of the incident pulse needs to be designed based on the specimen response to 
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Fig. 1.5 Incident pulses generated with different pulse-shaper designs 


facilitate a plateau in reflected pulse. In the case where constant true strain rate is 
desired (Ramesh and Narasimhan 1996), the incident pulse needs to be designed ac- 
cordingly, typically with constant or decreasing amplitude. Generating the desired 
incident pulse can be designed either by experience or by using numerical methods 
as described by Frew et al. (2002, 2005). 

We provide an example for pulse-shaping design in the Kolsky-bar experiments 
on soft materials. The bar system is illustrated in Fig. 1.3. The aluminum alloy bars 
have a common diameter of 19.05 mm. The specimen is an EPDM rubber. 

When the specimen is a rubber or rubber-like material, the profile of incident 
pulse needs to be controlled according to the nonlinear large deformation charac- 
teristics of the rubber or rubber-like materials (Chen and Zhou 1998; Chen and 
Lu 2000; Chen et al. 2002a; Song and Chen 2003, 2004b). Figure 1.6 shows a set of 
incident, reflected, and transmitted signals at strain rate of 4,700 s~! froma Kolsky- 
bar experiment on an EPDM rubber. The pulse shaper was an annealed C11000 
copper disk. The resultant incident pulse had a risetime as long as 100 1s. This long 
risetime is necessary to ensure the specimen achieves a state of uniform stress be- 
fore significant mechanical phenomena, such as damage, occur. Figure 1.7 shows 
the dynamic stress equilibrium process in the EPDM rubber, as measured by the 
quartz force transducers. The smaller value of R(t) after 150 microseconds of initial 
loading clearly indicates that the specimen was in dynamic stress equilibrium over 
the entire loading duration. Furthermore, the strain rate reached a constant 100 ws 
after the beginning of the loading (Fig. 1.8). The engineering stress—strain curves 
for this EPDM rubber at the strain rates of 2,100, 3,200, and 4,700 s~! are shown in 
Fig. 1.8, where the strain-rate effects are clearly seen. 
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Fig. 1.6 Incident, reflected, and transmitted pulses in a modified Kolsky-bar experiment on an 
EPDM rubber 
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Fig. 1.7 Dynamic stress equilibrium process in the EPDM rubber specimen 
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Fig. 1.8 Engineering stress-strain curves of the EPDM rubber at various strain rates 


Rubber materials are nearly volume-incompressible. When the rubber specimen 
deforms under uniaxial strain conditions, the stress in the specimen increases 
drastically. The incident pulse should be adjusted accordingly to maintain the 
constant strain-rate deformation in the specimen (Chen and Lu 2000; Song and 
Chen 2004b). Figure 1.9 shows the typical incident, reflected, and transmitted os- 
cilloscope records in a Kolsky-bar experiment on the same EPDM rubber specimen 
under nearly uniaxial strain conditions (Song and Chen 2004b). Because of the in- 
creased stiffness of the confined rubber, most of the incident pulse was transmitted 
into the transmission bar as the transmitted pulse and only a small portion of incident 
pulse was reflected back as the reflected pulse. The increasing stiffness in the speci- 
men requires correspondingly increasing incident stress to maintain nearly constant 
strain-rate deformation. As indicated in Fig. 1.9, the incident pulse profile is quite 
different from that in Fig. 1.6, which is necessary for the specimen to deform, under 
uniaxial strain conditions, at a nearly constant strain rate presented by the plateau in 
the reflected pulse. The result in Fig. 1.10 shows that the stress was in equilibrium 
within most of loading duration. The stress—strain curves at various strain rates for 
the EPDM rubber under uniaxial strain conditions are shown in Fig. 1.11, which 
also show significant strain-rate effects. 

Recently, the dynamic behavior of biological tissues has been increasingly in- 
vestigated. The pulse-shaping design for testing biological tissues may follow 
the similar approach of characterizing rubber materials because of their similar 
stress-strain response. More detailed illustrations for pulse-shaping design in the 
characterization of soft materials, including brittle and low-density foams, are avail- 
able in an earlier review paper (Song and Chen 2005). 


18 


W.W. Chen and B. Song 


40 
Incident Pulse 
» 
20 
10 
i, 
e ‘ Reflected Pulse 
1 
> 40 
S Transmitted Pulse 
i) 30 
20 
10 
0 
100 0 100 200 300 400 500 600 700 800 


Time (microsecond) 


Fig. 1.9 Incident, reflected, and transmitted pulses in a modified Kolsky-bar experiment on an 
EPDM rubber under nearly uniaxial strain condition 


R(t) 


0) 40 80 120 160 200 
Time (microsecond) 


Fig. 1.10 Dynamic stress equilibrium process in the EPDM rubber specimen 
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Fig. 1.11 Engineering stress-strain curves of the EMDM rubber at various strain rates under 
nearly uniaxial strain condition 


1.4 Upper Limit in Strain Rates 


As discussed in inertia effects, the strain rate in the specimen during a dynamic ex- 
periment is initially zero and is then accelerated to a constant over the risetime. The 
strain in specimen is accumulating during this time period of acceleration. The spec- 
imen possessing a small failure strain can fail when the accumulated strain reaches 
its failure strain but before the strain rate achieves the desired constant level. In this 
case, the strain rate history in specimen is a ramp profile instead of a plateau, which 
contradicts the desire for a constant strain rate. It is clear that a higher failure strain 
of the specimen material allows a higher rate possibly to be reached before the spec- 
imen fails. For a specific material, there exists an upper limit of constant strain rates, 
beyond which the stress—strain data cannot be obtained at constant strain rates (Pan 
et al. 2005). 

To estimate the upper limit based on constant strain-rate consideration, Pan 
et al. (2005) used a linear elastic—brittle specimen loaded by a linear ramp inci- 
dent pulse, which represents well for the case of testing brittle foams. This linear 
profile of the incident pulse ensures a constant strain-rate deformation in the linear 
elastic specimen. The upper limit for constant strain rate, 1, is expressed by 


: Ip, A.C? 1 
ey = — XK Es 
se poAoCoLs a/n— 1 


(1.19) 


where ps, As, and C, are mass density, cross-sectional area, and elastic wave speed 
in specimen, respectively; (9, Ag, and Co are mass density, cross-sectional area, 
and elastic wave speed in the bars, respectively, as defined previously; L, and &g¢ 


20 W.W. Chen and B. Song 


are initial length and failure strain of the specimen, respectively. Two constants, a 
and n, take the following relationship, 


n=1—-e% (1.20) 


When 7 = 0.9, the variation in strain rate is within 10% of the target strain rate 
and can be considered constant, corresponding the value of 2.3 for a. Thus, (1.19) 
gives the estimation of upper limit for constant strain rates in an elastic specimen as 
long as the failure strain of the specimen is known. 

It is noted that this upper limit is for the purpose of obtaining constant strain- 
rate deformation in an elastic specimen. There also exists an upper strain-rate limit 
for achieving dynamic stress equilibrium, which was derived by Ravichandran and 
Subhash (1994), 


ép = —— (121) 


where a’ is a dimensionless constant depending only on the shape of the incident 
pulse. The value of a’ was suggested to be 4. In a valid Kolsky-bar experiment, both 
constant strain-rate deformation and dynamic stress equilibrium are required to be 
satisfied simultaneously. Therefore, the upper stain-rate limit should be the smaller 
value between &; and é)2 


&) = {é11, 212} min (1.22) 


1.5 Single-Loading Feature 


To investigate damage evolution in specimen during a Kolsky-bar experiment, the 
damage evolution in the specimen is desired to be uniquely related to the macro- 
scopic stress/strain history the specimen has actually experienced. In a conventional 
Kolsky-bar experiment, the specimen may be loaded many times by the pulses re- 
flected back and forth in the incident bar, which ruins the one-to-one correspondence 
between the microstructural evolution and the loading history. A single loading in a 
Kolsky-bar experiment is thus necessary. 

A momentum trapping device was originally developed by (Nemat-Nasser 
et al. 1991, 2000) to ensure a single loading in a Kolsky-bar experiment. Their 
design for the dynamic compression test consists of a transfer flange, a tube over 
the bar, and a reaction mass (Nemat-Nasser et al. 1991; Nemat-Nasser 2000). The 
incident tube is placed against the transfer flange at one end and against the reaction 
mass at the other end. When the striker impacts the transfer flange, it imparts two 
common compression pulses traveling along the incident tube toward the reaction 
mass and along the incident bar toward the specimen. The compression pulse in 
the incident tube is reflected from the reaction mass and travels back to the transfer 
flange as compression. The compression is reflected from the flange as tension. The 
tension pulse pulls the incident bar back after the first compressive loading on the 
specimen, avoiding repeated loading on the specimen (Nemat-Nasser et al. 1991). 
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Fig. 1.12 Momentum trap for single loading 


Later, a simpler single-loading device was developed (Song and Chen 2004c, 
2004d). As shown in Fig. 1.12, this momentum trapping device consists of a flange 
attached to impact end of incident bar and a rigid mass, through which the incident 
bar passes, as a momentum trap. A gap between the flange and the rigid mass is 
required to be precisely preset to ensure that the gap is closed before the secondary 
loading wave reflected from the incident bar arrives. When the gap is closed, the 
impact of the flange on the rigid mass generates a reverse compressive pulse in the 
incident bar, which makes the incident bar suddenly stop and move backward. 

Since the unnecessary momentum is trapped to ensure a single loading on the 
specimen, the specimen state under the recorded loading is well defined, which fa- 
cilitates the possibility to relate the damage evolution in a specimen to its loading 
history. Figure 1.13 shows the typical oscilloscope records from the strain gages on 
incident bar. This figure clearly indicates that the reflected pulse has been reflected 
back into the incident bar when it traveled to the impact end of incident. How- 
ever, this reflected-back pulse was trapped by the momentum trapping system as a 
secondary tensile wave, which is shown in Fig. 1.13. This secondary tensile wave 
ensures the specimen not be loaded in compression again. The specimen is there- 
fore subjected to only a single compression loading. This single-loading feature has 
been used to examine damage evolutions and compaction waves in foam specimens 
(Song et al. 2005b, 2005c, 2006). 

It is also noted that, if well-designed pulse shapers are placed on the surface of 
rigid mass (so-called “rear pulse shapers’’), the photo of which is shown in Fig. 1.14, 
the unloading profile in the incident pulse can also be controlled to ensure that 
the specimen recovers at the same constant unloading strain rate as the loading 
strain rate under dynamic stress equilibrium. A dynamic stress—strain loop at the 
same constant loading and unloading strain rate can thus be obtained (Song and 
Chen 2004c, 2004d; Chen and Song 2006). 

Besides the momentum trapping techniques associated with modifying the inci- 
dent bar, single loading on the soft specimen may also be achieved by protecting the 
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Fig. 1.13 Oscilloscope records from the strain gages on the incident bar after the momentum trap 
is applied 


Fig. 1.14 Photograph of front-rear pulse shaping technique applied to the momentum trap device 


specimen with a stiff, strain-limiting collar around the specimen. The rigid collar 
around the specimen stops the incident bar when the specimen is deformed to a de- 
sired level and prevents further significant microstructural changes in the specimen 
under repeated loadings (Song et al. 2004). 
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1.6 Experiments at Intermediate Strain Rates 


The strain rates in the characterization of mechanical properties of materials are 
populated in two regions: low rates (below 1 s~!) and high rates (107 to 10+ s~). 
There are many important applications for the material behavior at strain rates be- 
tween 10 and 500 s~! suchas the rates encountered in the drop of electronic devices, 
sports collisions, and automotive crashes (Zhao and Gary 1997, 2002). However, 
due to the lack of experimental tools, little data exists at strain rates ranging from 10° 
to 107 s~!, so-called intermediate strain rates. The needs for accurate stress-strain 
data at intermediate strain rates have motivated research efforts to develop reliable 
intermediate strain-rate experimental techniques. The strain rates in drop-weight 
and Charpy tests may be within this intermediate range. However, these tests do not 
provide complete stress-strain curves as a function of strain rates (Progelhof 1986; 
Harris 1987). 

Hydraulic testing machines have recently been designed to conduct experiments 
at intermediate strain rates. Because of high actuator speed needed for such experi- 
ments, the actuators are typically driven by a larger valve operating in an open-loop 
mode. A gap between the specimen and the loading grips is needed to allow the 
actuator accelerate to high speed before engaging the specimen. When the spec- 
imen at rest touches the grip in motion, the initial contact is an impact without 
pulse control. However, as discussed earlier, precise control is necessary over the 
loading history to produce valid data. A better control than the open loop is de- 
sired. Attempts have been made to use Kolsky bar to conduct experiments at these 
intermediate strain rates. The challenges include producing consistent low-striking 
velocities and long bars to carry low-amplitude but long-duration stress pulses with- 
out overlapping. 

To achieve strain rates that are lower than those typically encountered in Kolsky- 
bar experiments, the impact velocity of the striker needs to be low, which poses 
challenges in producing repeatable impact at desired velocities. Furthermore, at 
lower strain rates, it takes longer loading duration to accumulate the strains to mean- 
ingful levels, especially when the materials under investigation are capable of large 
deformation. This longer loading duration inevitably leads to overlapping of the in- 
cident and reflected pulses, which are recorded with strain gages on the incident bar, 
due to limited length of the bars in Kolsky-bar experiments. 

Designing with an approach opposite to the single-loading feature described ear- 
lier, Zhao and Gary (1997, 2002) utilized repeated round trips of a loading pulse 
in the incident bar to load the specimen progressively to large strains. Combin- 
ing the stress—strain data obtained under each loading provides a full stress—strain 
curve. They also developed a “slow bar” technique to generate a long-loading pulse 
during one single loading (Zhao and Gary 1997, 2002). The device consisted of a 
hydraulic oil jack and a reservoir of compressed air to maintain the pressure that 
pushed against the striker. This method theoretically produced a pulse without a 
duration limit (Zhao and Gary 1997, 2002). 

If space permits, the most logical approach for intermediate strain-rate experi- 
ments is to extend the lengths of all bars to allow stress pulses with long durations 
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to propagate. Song et al. (2008) recently constructed a device over 27-m long that is 
able to generate loading pulses as long as 3 ms. The device has been used to charac- 
terize the dynamic compressive response of polymeric foams and other polymers at 
strain rates as low as 70s~!, which are overlapped with the strain rates approaching 
from quasi-static side with a high-speed MTS machine (Sarva et al. 2007; Song 
et al. 2007a, 2008; Soong et al. 2008). 

Although long incident and transmission bars are desired to record a long load- 
ing pulse at relatively low strain rates, it is not always feasible in most laboratories 
where spaces are limited. The inevitably overlapped waves due to insufficient length 
of bars need to be separated for data reduction. Methods for wave separation in 
Kolsky-bar experiments have been developed (Park and Zhou 1997; Zhao and 
Gary 1997, 2002; Meng and Li 2003). The wave separation in Kolsky-bar exper- 
iments can be performed through two-point strain measurements, where the strain 
gages are mounted at two different locations on a bar. Once the waves are sepa- 
rated, conventional data reduction is able to be used to obtain stress—strain data at 
intermediate strain rates. 


1.7 Summary 


When the Kolsky bar is used to characterize the dynamic behavior of soft materi- 
als at high strain rates, the experiments need to be carefully designed such that the 
specimen is loaded under valid testing conditions and deforms at the desired stress 
and strain states. The testing conditions on the soft specimen need to be verified 
before reliable results are produced. Weak transmitted signal, axial inertia (dynamic 
stress equilibrium), radial inertia, and constant strain-rate deformation are major 
challenges in obtaining valid stress—strain data for soft materials. The conventional 
Kolsky bar needs to be properly modified when it is used for soft material test- 
ing. Thin and hollow specimens are needed to minimize both axial and radial inertia 
effects during acceleration stages of the experiments. Besides employing highly sen- 
sitive transducers, pulse-shaping techniques ensure that the soft specimen deforms 
at a nearly constant strain rate under dynamically equilibrated stresses and mini- 
mize inertia effects with reduced initial acceleration. A guideline to pulse-shaping 
design for testing soft materials with the Kolsky bar is outlined. Other recent ad- 
vances in the Kolsky-bar technique are also introduced, which include estimation 
of upper limit in constant strain rate, single-loading techniques, and experiments at 
intermediate strain rates. 
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Chapter 2 
Dynamic Shear Failure of Materials 


D. Rittel 


Abstract Dynamic shear failure is addressed from the experimental point of view, 
presenting first the shear compression specimen (SCS) that is used to characterize 
the mechanical properties of various materials subjected to dynamic shear load- 
ing. Results are reported for various metallic alloys, addressing the stress—strain 
curve itself and the related issue of thermomechanical coupling. Specific examples 
are shown such as the isotropy of properties for swaged heavy W-base alloys, phase 
transformation under dynamic shear in pure iron, characterization of the thermome- 
chanical coupling in pure tantalum, and finally, the applicability of the digital image 
correlation technique to the large-strain behavior of shape memory nickel—titanium 
alloy. The second part of this chapter concentrates on various aspects of adiabatic 
shear failure. Several fundamental questions are addressed such as a new energetic 
criterion for the onset of adiabatic shear, the sensitivity of this failure mechanism to 
hydrostatic pressure, and stress concentration effects. An example of the pressure— 
strain rate-related brittle to ductile transition is presented for the case of commercial 
polymethylmethacrylate (PMMA), illustrating dynamic shear failure in a nominally 
brittle material. Finally, the role of the adiabatic temperature elevation in the sheared 
gauge section is addressed through a simultaneous monitoring of the stress, strain, 
and temperature in the specimen. The results show a very moderate temperature rise 
in the investigated materials prior to localization, and also allow for the identification 
of three distinct stages of the deformation process based on the thermal recordings. 
The chapter ends by a summary and discussion of the main points presented. 


Keywords Dynamic shear - Adiabatic shear band - Failure - Shear compression 
specimen 


2.1 Introduction 


The subject of dynamic shear failure of materials is quite vast as it combines to- 
gether dynamic and shear loading conditions. The dynamic context implies stress 
wave generation and propagation in the structure (specimen), while shear failure 
is to be understood here also from a macroscopic point of view, aside from being 
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a microscopic failure mechanism. Specifically, we will essentially address shear 
loading conditions that can lead to shear failure, as well as a characteristic dynamic 
shear failure micromechanism that is observed in ductile materials. 

This chapter is essentially experimental, and relies largely on the author’s expe- 
rience of the subject. As such, it is perhaps not as exhaustive as one would like it to 
be, even if care has been paid to mention several relevant recent results. 

This chapter is divided into two main parts related to dynamic shear failure. The 
first part deals with the assessment of the dynamic constitutive behavior of materi- 
als that are subjected to dynamic dominant shear loading conditions. A dedicated 
specimen, the shear compression specimen (SCS), will be described and several im- 
portant results on dynamic shear failure will be discussed. The concept of failure 
is to be understood here in the general context of plastic deformation (e.g., failure 
criteria), as opposed to damage and fracture. By contrast, the second part is dedi- 
cated to a dynamic shear failure mechanism called adiabatic shear banding (ASB). 
Recent results pertaining to this mechanism are presented and discussed. It should 
be mentioned that another typical case of dynamic shear failure can be found in 
dynamic mode II fracture experiments involving a dynamic failure mode transition 
(Kalthoff 1988). Readers interested in dynamic mode II fracture experimentation 
will find a detailed account in Rittel (2006). 


2.2 Dynamic Shear Testing 


2.2.1 Experimental Considerations 


The characterization of the dynamic mechanical behavior of materials, subjected 
to shear loading has been traditionally associated with thin tubular specimens and 
torsional Kolsky apparatus (Gilat 2000; Hartley et al. 1985). This setup has the 
advantage of subjecting the specimen to a state of pure shear, but the thin-walled 
specimen may buckle, and the achievable strain rates are limited, by comparison 
with the classical compression Kolsky apparatus. In addition, the cylindrical ge- 
ometry causes some difficulties for visual or infrared temperature monitoring of the 
curved surface subjected to high-rate torsion. Consequently, several alternative spec- 
imen geometries have been developed over the years, with the common feature that 
a direct compression setup will cause shear loading of the specimen’s gauge section, 
due to its geometry. Among these, the most popular specimen is the hat (or top-hat) 
specimen, due to Meyer and Manwaring (1986). This original geometry is attractive 
in the sense that it overcomes the strain-rate limitations that are inherent to torsional 
systems. However, the width of the sheared zone (gauge section) is not necessarily 
constant, and the stress state in this section is certainly not that of pure shear. 

Here, it must be noted that assuming a pure shear situation in the gauge section 
can lead to inaccurate stress-strain relationships. An alternative specimen geome- 
try, the SCS was initially proposed by Rittel, Lee and Ravichandran (2002). The 
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Fig. 2.1 The shear ' : 
compression specimen (SCS) i 


Fig. 2.2 (a) Shear compression specimen (SCS) made of polymethylmethacrylate. (b) Deformed 
SCS: note the shear deformation of the gauge section 


specimen geometry is cylindrical (diameter D), with a pair of parallel grooves ma- 
chined at 45° to the longitudinal axis (Fig 2.1). The gauge section is has a width 
w and a thickness f. In certain cases, the cylindrical geometry can be changed by a 
parallelepiped. When the specimen is loaded, its geometry dictates a shear dominant 
deformation while the cylindrical end pieces remain undeformed (Fig 2.2). 
Numerical simulations of the SCS show that the gauge section does not experi- 
ence a state of pure shear (Rittel et al. 2002). Rather, it experiences a combination 
of shear and normal pressure, somewhat analogous of the pressure—shear experi- 
ment (Clifton and Klopp 1986). Yet, the same analyses clearly show that the shear 
component of strain is dominant, as can be expected from the kinematics of the 
deformation. Consequently, the stress and strain state of the gauge section is ex- 
pressed by means of (von Mises) equivalent measures. As for any specimen, the 
applied load P and displacement d must be converted into equivalent stress Oeg 
and strain €q, keeping in mind that since the cylindrical parts remain undeformed, 
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the measured displacement is applied only to the gauge section. Early numerical 
simulations showed that the following simple relations could be used for data re- 
duction, based on experiments carried out on OFHC copper: 


r _d 

“1h 

= 0.85(1 — 0.260) — (2.1) 
tay = 0. 2€eq) ; 


where h = w/cos45. At that time, it appeared that the coefficients of (2.1) were 
universal constants that could be used with any material. However, the validity of 
(2.1) is checked by comparing an equivalent stress-strain curve to that obtained with 
a conventional compression cylinder. Later on, a comprehensive numerical study of 
the SCS was carried out by Dorogoy and Rittel (2005a, 2005b), for both the quasi- 
static and the dynamic regime. The material was modeled as bilinear elastic-plastic. 
The main outcome of this study will now briefly be summarized. 

From the quasi-static study, the first result is the confirmation that the stress and 
strain fields are quite uniform in the gauge section. Moreover, the end pieces of 
the SCS (cylindrical sections) experience no permanent strain. In the vicinity of the 
fillets, the gauge root radius was observed to induce a slight stress concentration; 
however, its effect on the stress—strain curve is minor. 

The determination of the average stress and strain in the gauge section from the 
load and displacement data was approached from a more general point of view, 
taking into account the gauge dimensions (w) and the plastic properties of the ma- 
terial, namely the plastic modulus E,. Equation (2.1) was modified to its more 
general form: 


d 
Eeq = ka7 
P 
Oeq = ky — kre) 5, (2.2) 


The analogy between (2.1) and (2.2) is obvious, except that one must now deter- 
mine the set of coefficients k,, k2, and k3 for each material and gauge dimensions. 
This is done by introducing the flow properties determined from a quasi-static test 
on a conventional specimen into the numerical model. The SCS is thus loaded via 
a prescribed displacement and the reaction on the end pieces is calculated. Both the 
applied displacement and the reaction load are converted into average equivalent 
strain and stress using a linear regression based on (2.2). 

The next set of results comes from the dynamic numerical model of the SCS. As 
in the quasi-static case, this study confirmed the uniformity of the dynamic stress 
and strain field in the gauge section. 

Another important issue is that of the friction between the loading apparatus (e.g., 
Kolsky apparatus) and the end pieces of the SCS. Friction was found to be negli- 
gible in this context, since a small coefficient of friction will cause locking of the 
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specimen and subsequent buckling, which has never been observed experimentally. 
Consequently, as with any other dynamic specimen, care must be exercised to apply 
a proper lubrication and this is sufficient to overcome any frictional problem. 

An additional result was that the strain rate is reasonably constant with this spec- 
imen, throughout the dynamic test. 

Finally, (2.2) was found to apply to the dynamic case as well, once the origin of 
the oscillations in the load—displacement curve was elucidated. 

This study opened the way for large-scale testing of a variety of materials, as 
discussed in the sequel. 

Finally, one must mention an additional study (Dorogoy and Rittel 2006) that ex- 
tended the discussion and main results to the case of parabolic hardening materials. 

At that stage, one may conclude that the SCS is a convenient specimen to study 
the mechanical response of various materials over a large range of strains and strain 
rates, keeping single specimen geometry throughout the study. We will now il- 
lustrate the point by reviewing briefly typical aspects of dynamic shear failure in 
various materials. 


2.2.2 Selected Dynamic Shear Studies Using the SCS 


An early application of the SCS can be found in the study of 10/8 steel, by Vural 
et al. (2003). The mechanical response of this material was studied over a range of 
strain rates of é = 10-7 — 5 x 10*s7!. An interesting outcome of this study was 
the observation of a marked softening effect for the SCS similar to that observed in 
conventional dynamic torsion tests (Cheng 1999), but not in conventional compres- 
sion tests. This result is expected from the shear dominant nature of the deformation 
of the SCS. An additional outcome of this study was the formulation of a modified 
Johnson—Cook model for this material. 

Another study concerned the so-called tungsten-based heavy alloys (Rittel 
et al. 2004); this material is used for kinetic penetration purposes. The alloy is 
sintered and swaged into a cylindrical rod, so that its properties are expected to be 
anisotropic. To elucidate this issue, several dynamic tests were carried out on SCS 
specimens that were oriented at 0°, 45°, and 90° with respect to the longitudinal 
axis of the rod. The main failure mechanism was identified to be adiabatic shear, a 
mechanism that will be covered in detail in the sequel. The main outcome of this 
study was that for all practical purposes, the material can be considered as isotropic 
from a plastic and failure point of view. This new result is of a huge practical interest 
for numerical simulations. 

The mechanical behavior of pure a-Fe was recently investigated. This material 
is known to undergo a reversible ~ <> ¢ phase transition at a pressure p = 13 GPa. 
Ab initio calculations have shown that the phase transition is sensitive to shear, thus 
the main idea here was to use the SCS to characterize the response of this mate- 
rial under dominant shear. The mechanical tests were accompanied by an extensive 
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material, strain hardens at this strain rate, the present material exhibits significant softening, similar 
to the preshocked Fe. Reprinted from Rittel et al. (2006a) 


microstructural characterization. Figure. 2.3 shows a typical stress—strain curve ob- 
tained at a strain rate of é = 9, 000s7!. Earlier results of Ostwaldt et al. (1997) that 
were obtained by compressing cylindrical specimens have been superimposed. The 
results of Weston (1992) have also been superimposed. This curve was obtained 
for a preshocked grade of pure iron that had been preshocked beyond the 13 GPa 
threshold, prior to being dynamically compressed. 

Figure 2.3 shows that the dynamic shear response of the a-iron is identical to 
that of a similar preshocked grade of iron, exhibiting a significant strain softening, 
rather than the pronounced hardening reported by Ostwaldt et al. (1997). 

In that respect, it seems that the shear dominant deformation of the SCS specimen 
of a-iron bears a definite resemblance to that of a material that undergoes the a <> ¢ 
phase transition, apparently in accord with the theoretical predictions concerning 
the positive effect of shear for this transformation. 

Yet, it must be kept in mind that this (and other intriguing observations) seems 
to support the possibility of a shear-induced phase transition; however, no direct 
evidence of this transition was observed as a result of its reversibility. 

Another interesting application of the SCS can be found in a thermomechanical 
study of the mechanical response of pure polycrystalline Ta (Rittel et al., 2007). 
Here, the main idea was to monitor in real time the evolution of the tempera- 
ture of the gauge section, using single infrared detector. Miniature SCS specimens 
were used, with a 6.33-mm diameter, 10-mm height, 1.05-mm-gauge width, and 
2.050mm-gauge thickness (Fig 2.4). 

To ensure repeatability, a special holder was designed to make sure that the SCS 
was positioned at the same place for each experiment, so that one could be sure that 
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Fig. 2.4 Pure Ta SCS 
specimen inserted between 
the compression bars. The 
specimen is positioned by 
means of a holder that insures 
alignment with the optical 
infrared bolometric system. 
Reprinted from Rittel 

et al. (2007) 


Kolsky bar 


holder 


the IR system was focused on the same area of the gauge. This point was found to 
be very important for the success of the experiments since the gauge opening was 
quite narrow. In this work, data reduction for pure Ta was found to be best described 
by (2.3), where a quadratic polynomial fit is used: 


d—d a=aey 
bey = By + hs + ha ( 2 


P 
Oey = ki (1 — kab eu) = (2.3) 


where the subscript y indicates value of the parameter at yield. 

The main issue addressed in that work concerns the determination of the fraction 
of mechanical energy that is converted into heat, Bint, as a result of thermomechan- 
ical coupling effects. From the coupled heat equation (Boley and Weiner 1960), 
assuming adiabatic conditions and neglecting elastic contributions, one gets: 


pC, AT 


Bin (€, é) = Wp 


(2.4) 


where T is the temperature, W, the plastic work, p the density, and C, the specific 
heat. Equation (2.4) can also be used to determine the maximum temperature rise 
AT, assuming that Bin, = 1. Figure 2.5 shows the measured temperature rise along 
with its calculated counterpart. The experimental results show that the measured and 
calculated temperatures are quite similar that implies that one can reasonably as- 
sume that Bin, = 1 in this case. Identical conclusions were reached for slightly 
alloyed Ta by Kapoor and Nemat-Nasser (1998). However, these authors extended 
this conclusion to all materials, which seems to overlook the fact that energy can 
actually be stored in materials in their strain-hardening phase (Bever et al. 1973; 
Hodowany et al. 2000). Another new aspect of the problem has been recently out- 
lined by Padilla et al (2007), who reported that twinning does not play a significant 
role in energy storage, whereas heterogeneous deformation may be more influential. 
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Fig. 2.5 Evolution of the SC826 - edot=4200s~" 
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These observations might explain the situation for Ta (and incidentally Ti alloys) 
that deform essentially by twinning, along with a lack of significant hardening that 
may promote localized deformation. 

As a final remark, it will be noted that from an experimental standpoint, the 
SCS possesses a great advantage over cylindrical specimens since its gauge section 
deforms in a planar mode, which facilitates focusing of an infrared array of detectors 
during the whole test. 

Recently developed experimental techniques such as the Digital Image Correla- 
tion (Chu et al. 1985) have been applied to the characterization of the large-strain 
behavior of a shape memory alloy under dominant shear, using the SCS (Daly 
et al. 2009). The advantage of the technique lies in the direct visualization of the 
whole strain field in the gauge section of the SCS. With this, Fig 2.6 shows the 
distribution of the various strain components in the gauge section of a Nitinol speci- 
men, at various strain levels. This range of strains covers the austenite to martensite 
phase transformation for this material, and one can note the relative uniformity of 
the strains in the gauge section throughout the process. The conjunction of the SCS 
and the digital image correlation technique opens new possibilities to explore the 
uniformity of strain fields during the occurrence of phase transformations. 

To summarize this section, a new specimen geometry, the SCS, has been intro- 
duced. The stress and strain fields in the gauge section of this specimen are well 
defined and homogeneous. The SCS allows for the characterization of the con- 
stitutive behavior of materials over a wide range of strains and strain rates in a 
seamless fashion, using single specimen geometry. The flat gauge of the SCS is ide- 
ally fitted for visualization observations, either using the digital image correlation 
technique or for remote temperature sensing with infrared detectors. Section 2.3 is 
dedicated to shear failure per se, in which additional applications of the SCS will be 
presented. 
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Fig. 2.6 The in-plane components of the strain field in the entire SCS specimen obtained at ¢ ~ 
0.005, 0.01, 0.015, and 0.02, respectively. These points are taken during phase transformation 
from austenite to martensite in the gage section of the SCS. Note the homogeneity of the strain 
field. Reprinted from Daly et al. (2009) 


2.3. Dynamic Shear Failure 


2.3.1 Some Facts on Adiabatic Shear Failure 


Adiabatic shear failure is a dynamic failure mechanism that results from the forma- 
tion of a localized narrow band, in which the shear strain concentrates and reaches 
very high values. The ASB is associated with a noticeable local temperature rise, 
as a result of thermomechanical coupling effects in which the mechanical energy 
gets converted into heat, due to the nearly adiabatic character of the dynamic pro- 
cess. ASB is considered as a mechanical instability, similar to necking or surface 
instabilities in strained solids. An early account of the phenomenon was given by 
Tresca (1879) who observed the formation of a glowing X on the surface of forged 
platinum billets. The prediction of the onset of ASB formation and subsequent fail- 
ure is a major issue due to the unstable character of this failure mechanism. An 
early and well-accepted analysis of ASB formation relies on the competition be- 
tween strain-rate hardening and thermal softening (Zener and Hollomon 1944). The 
strained material strain hardens during the initial stages of the deformation, but as 
the global temperature increases [AT in (2.4)], it gradually softens until the stress— 
strain curve reaches a plateau, followed by a rapid drop of the stress (Marchand and 
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Duffy 1988). The onset of the load drop can be tentatively identified as the stage at 
which an ASB is developing, so that analysis by Zener and Hollomon (1944) can 
be used to predict a critical strain, as the criterion for ASB formation. A detailed 
account of the various models for ASB formation and its metallurgical charac- 
teristics can be found in the book by Bai and Dodd (1992). For a review of the 
analytical models used for the analysis of ASB, the reader is referred to the book 
by Wright (2002). A common approach to analyze ASB formation consists in as- 
suming a small perturbation, either geometrical or thermal, whose stability is then 
studied. The conditions for which the perturbation grows beyond bounds is identi- 
fied as the critical condition for ASB formation, generally formulated as a critical 
strain (Dinzart et al. 1994; Molinari and Clifton 1987). 

As of today, one can find a very detailed account of ASBs in a variety of (mostly 
metallic) materials, for which the characterization is essentially microstructural, 
based on metallographic, TEM, and SEM observations. A very frequently reported 
observation is that of dynamically recrystallized grains, a few tens of nanometers 
in size, that are present in the shear band (Meyers et al. 2000). This phenomenon 
is usually rationalized in terms of the high temperature that develops in the shear 
band, although several authors have shown that dynamic recrystallization (DRX) is 
not a thermally activated process. Hines and Vecchio (1997) observed that the DRX 
in copper deformed in liquid nitrogen, and Meyers et al. (2000) as well as Perez- 
Prado et al. (2001) analyzed the phenomenon in terms of microstructural refinement, 
without a thermal activation component. Moreover, aside of the large number of mi- 
crostructural reports on shear bands, there are almost no experimental reports that 
emphasize the mechanical aspects of ASB formation in the spirit of Duffy et al. 
(Duffy and Chi 1992; Liao and Duffy 1998; Marchand and Duffy 1988). 

Yet, several questions pertaining to ASB remain open, as listed below: 


. Is ASB formation the sole result of thermal softening? 

. Is the critical strain a viable criterion? 

. How can we tie mechanical and microstructural observations of ASB? 
. How do geometrical imperfections influence ASB formation? 

. Does hydrostatic pressure affect ASB formation? 

. How does ASB affect nonmetallic or amorphous materials? 

. How does the evolution of the temperature relate to ASB formation? 


NYDN WN KE 


The following paragraphs will bring and discuss recent results related to these 
issues, as published in a series of recent papers. 


2.3.1.1 On the Role of Thermal Softening and the Critical Strain Criterion 


A recent work reassessed the relative role of thermal softening and the associ- 
ated failure criterion by ASB, as formulated in terms of a critical strain (Rittel 
et al. 2006c). High-rate compression experiments were carried out on two differ- 
ent alloys: AMS50, an aluminum—magnesium alloy in the as received condition, and 
Ti6AL4V alloy in the annealed condition. The tests were carried out on cylindrical 
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and SCS specimens. Since the two geometries were found to yield identical stress— 
strain curves, the following results can be viewed as geometry independent. To 
verify the notion of a critical strain to failure, the following interrupted tests were 
carried out: 


— Separate static and dynamic loading tests until failure, carried out in one shot. 

— Interrupted dynamic compression, during which a specimen is predeformed dy- 
namically to a given strain level, without causing fracture. The level of prestrain 
is controlled by the dimensions of a stop-ring that is inserted between the bars 
to arrest the incident bar after a given displacement. The specimen is allowed to 
cool down for a few minutes and is then reloaded dynamically to failure. This 
test will be referred to as a dynamic-dynamic test. 

— Quasi-static compression until a given level of strain, followed by unloading. The 
specimen is allowed to rest, as before, and is subsequently reloaded dynamically 
until fracture. This test will be referred to as a static-dynamic test. 


For the sake of brevity, results pertaining to the AM50 alloy will be shown 
here. Identical results and conclusions were reached with the Ti6A14V alloy (Rittel 
et al. 2006b). 

Figure 2.7 shows the typical dynamic failure mode of the AMS0 cylindrical spec- 
imens, for which a truncated cone separates from the axially loaded cylinder. 

In such a case, it is more appropriate to use the terminology of an adiabatic shear 
surface, but for the sake of continuity, we will keep on using ASB throughout this 
chapter. 

Figure 2.8 shows typical results of dynamic-dynamic tests, along with the stress— 
strain curve obtained using a monotonic dynamic test. 

In this figure, it can be noted that the SCS specimens were prestrained quasi- 
statically to different strain levels. The thin black line corresponds to a single shot 
dynamic test. The arrows indicate a peak strain corresponding to the peak stress that 


Fig. 2.7 Typical failure mechanism of impacted AM50 cylindrical specimens. The direction of 
impact is indicated by the arrow, and a truncated cone fragment is ejected from the cylinder (orig- 
inal envelope marked by the solid line). The envelope of the cone is caused by adiabatic shear. 
Reprinted from Rittel et al. (2006c) 
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Fig. 2.8 Quasi-static preload tests followed by dynamic tests of Mg AMS50 (SCS). The arrow indi- 
cates the peak strain corresponding to the peak stress, as an indicator of ASB formation. Reprinted 
from Rittel et al. (2006c) 


can be considered as an indicator of the onset of ASB failure. It is interesting to note 
that as the level of prestrain increases, the failure strain increases too so that there is 
no single-valued strain parameter that can indicate the onset of failure, if the overall 
mechanical history of the specimen is to be accounted for. 

Figure 2.9 shows typical results for the dynamic-dynamic tests. Here, it is evident 
that, irrespective of the first dynamic prestrain phase, the failure strain indicated 
by arrows is identical for all the specimens, including that which was deformed in 
single shot. 

The experimental results suggest that the dynamic phase of the tests is the rel- 
evant phase for ASB formation. Therefore, an alternative way to look at the data 
presented in Figs. 2.8 and 2.9 consists of plotting the dynamic deformation energy, 
obtained by integrating the stress—strain curve until the failure strain, as a function 
of the normalized level of prestrain (with respect to the quasi-static failure strain), 
as shown in Fig 2.10. 

Figure 2.10 shows very clearly that, irrespective of the level of quasi-static pre- 
strain, the dynamic mechanical energy remains rather constant, up to very large 
levels of prestrain. This result emphasizes the dominant role of the dynamic phase 
of the loading sequence. At that stage, it appears that the value of the failure strain 
is not the best indicator of ASB failure if the entire thermomechanical history of the 
specimen is to be considered. By contrast, the dynamic mechanical energy, with its 
constant value, seems to represent a true material property. The next point consists 
in elucidating the role of the temperature rise in the failure process. To do so, dy- 
namic tests were carried out at various temperatures. An important temperature is 
the maximum temperature that can be expected in the gauge of the specimen, as a 
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Fig. 2.9 Interrupted dynamic-dynamic tests of AM50 (SCS). The thin solid curve shows a stress— 
strain curve for a monotonic dynamic test at a similar strain rate. Note that the failure strain, 
indicated by arrows, is identical for all the specimens, irrespective of the level of dynamic prestrain 
(phase 1). Reprinted from Rittel et al. (2006c) 
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Fig. 2.10 Plot of the dynamic mechanical (failure) energy of AM50 as a function of the nor- 
malized pre-strain Eprestrain/Ers X 100. Egg is the quasi-static failure strain. Reprinted from Rittel 
et al. (2006c) 


result of the homogeneous deformation phase that precedes ASB localization. The 
latter can be calculated using (2.4), and inserting the properties of AM50, one finds 
that Tax = 433K, if a value of Bin = 1 is assumed. Figure 2.11 summarizes the 
measured values of the dynamic mechanical (failure) energy at various temperatures 
for AM50. 
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Fig. 2.11 The dynamic mechanical (failure) energy of Mg AMSO at different normalized tem- 
peratures. Normalization is carried out with respect to the melting temperature. The dashed line 
indicates the normalized value of Tinax. Note the small overall variation of the energy over the 
whole temperature range up to Tj,ax, and beyond it. Reprinted from Rittel et al. (2006c) 


Figure 2.11 shows that the dynamic mechanical energy remains relatively un- 
affected by the “uniform” temperature, until and beyond Tinax. This result can be 
interpreted as an indication that for this material, the local temperature rise plays a 
small role in the ASB-governed failure process. 

The results shown so far can be interpreted in a thermodynamical framework. 
On the one hand, the dynamic mechanical energy is seen to remain constant, with a 
characteristic value for each investigated material. On the other hand, the tempera- 
ture rise that is associated with the dynamic uniform deformation of the gauge does 
not seem to affect this value. One can now write an energy balance in which the 
overall mechanical energy divides into dissipated thermal energy, and stored energy 
of cold work (Bever et al. 1973), which relates to the deformed microstructure. The 
results shown so far indicate that the dynamic stored energy of cold work appears 
to be the factor-governing ASB formation. This result is an alternative criterion to 
the well-established critical strain criterion. It has a clear physical meaning that re- 
lates the mechanical test results to the microstructure of the material in a natural 
and straightforward manner, whereas such relation was still missing. In order to 
close the loop, one must now look for a microstructural feature that relates to the 
stored energy of cold work. As mentioned above, it is almost universally observed 
that DRX takes place in ASBs. One could therefore postulate that DRX is one of 
the destabilizing mechanisms by which ASB formation initiates, without the need 
for thermal activation. Thermally activated DRX was quite recently introduced in 
advanced numerical simulations of ASB formation by Medyanik et al. (2007). 

To summarize this section, one should note that the proposed mechanism is not 
meant to cancel the operation of thermal softening, and it appears that either DRX 
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or thermal softening or even both may be operating in different materials, when one 
indication might be the ductility to failure. Namely, when ductility to failure is not 
large (e.g., the present alloys and Maraging steel), DRX might be more predominant 
that thermal softening which may be instrumental in the highly ductile carbon steel 
grades that were investigated in the past. Additional research is needed to assess the 
relative contribution of each mechanism. 


2.3.1.2 On Geometrical Imperfections and ASB Formation 


Another unsolved issue is that of the influence of geometrical imperfections on 
the formation of ASBs. The notion of a geometrical imperfection is to be viewed 
here as a seed from which an ASB will emanate under suitable conditions. Usually, 
the geometrical imperfection consists of a small variation in the wall thickness of 
the thin-walled torsion specimen (Duffy and Chi 1992; Hartley et al. 1987; Liao 
and Duffy 1998; Marchand and Duffy 1988; Molinari and Clifton 1987). The ex- 
act geometry of the imperfection is not really addressed except for its description 
as a sinusoidal variation of the wall thickness. The sharpness of the defect is not 
addressed separately, and in fact it can be shown to be coupled to the depth (am- 
plitude) of the imperfection. In one instance, a detailed analysis of the influence of 
the sharpness of the imperfection was carried out by Dinzart et al. (1994), and the 
main outcome of the analysis was that the sharpness of the defect appears to dom- 
inate ASB formation more than its depth. From an experimental point of view, the 
problem was not addressed so far. 

A systematic investigation of imperfection effects was carried out by Rittel 
et al. (2008b) who used SCS specimens, with a small notch in the gauge section. The 
notch was manufactured using electroerosion (EDM), and two parameters were sys- 
tematically varied, namely the length and the root-radius of the notch (Figures 2.12 
and 2.13). As previously, AM50 and Ti6AL4V alloys were studied. 


Fig. 2.12 SCS specimens made of AMSO. Small notches are manufactured using EDM in the 
gauge section, as indicated by arrows 
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Fig. 2.13. Close up on the 
geometrical imperfection. 
The root radius and the length 
of the notch are noted by p 
and L, respectively 
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For this special gauge geometry, preliminary finite element modeling was carried 
out to verify whether the small notch did affect the data reduction process via the 
k coefficients (2.2). It was found that the imperfection does not alter the average 
stress and strain fields in the gauge so that the same k coefficients could be used for 
notched and unnotched specimens. 

Figure 2.14 shows the normalized failure strain of the AM50 alloy as a function 
of the notch length L for all the values of p in the study. The presence of a notch 
does indeed slightly decrease the failure strain, but no clear correlation between the 
latter and the notch length could be observed. Similar results were found for the 
TiGAI4V alloy. 

When the normalized dynamic deformation energy is plotted as a function of L, 
it appears again that no clear correlation can be established, as shown in Fig 2.15. 

A much clearer correlation is found when one plots the dynamic deformation 
energy versus the inverse root-radius of the notch, as shown in Fig 2.16. For both 
AMS5S0 and Ti6AI4V, the correlation is close to linear. 
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Fig. 2.15 Normalized (wrt unnotched specimen, WM°° = 4.04 x 107 J/m*) dynamic deforma- 
tion energy versus notch length (AM 50). Results for all the radii are plotted together. Zero length 
corresponds to macroscopically smooth specimens. The dynamic deformation energy is indepen- 
dent of the notch length. Reprinted from Rittel et al. (2008b) 


Having established the dominant role of the root-radius of the geometrical imper- 
fection, in accord with the results of Dinzart et al. (1994), the next step consists of a 
detailed investigation of the notch effect through numerical simulations. The idea is 
to correlate the measured value of the dynamic mechanical energy to the calculated 
one. In order to achieve this goal, a numerical model of the notched SCS is built, 
into which the measured mechanical properties of the material are used, and the cal- 
culation is run until the measured failure strain. At this stage, the distribution of the 
mechanical energy along the midsection of the gauge section is plotted. Figure 2.17 
shows the distribution of strain energy along the gauge section in the two investi- 
gated alloys. For each material, two different root radii are displayed. The results 
show first of all that there is a strong concentration of strain energy in the vicinity of 
the notch for the two materials, irrespective of the radius itself. It also appears that 
the energy level drops rapidly in the majority of the gauge section, and this level 
compares very well to that measured at the failure strain, as discussed shortly. Yet, 
the two materials differ in that the concentrated energy remains highly localized in 
the vicinity of the notch tip in AMS50, whereas for the Ti alloy, this region occupies 
almost 20% of the gauge length. This observation corresponds to the high-strain 
hardening level of AM50, compared with the very low hardening of Ti6A14V that 
allows spreading of the plastic zone. 

Table 2.1 summarizes the calculated baseline level of deformation energy and its 
measured counterpart. 

From the table, it appears that there is an excellent agreement between the 
calculated and measured dynamic deformation energy levels at failure in the two 
investigated materials. 
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Fig. 2.16 Normalized (wrt unnotched specimen) dynamic deformation energy versus inverse 
notch root-radius of Ti6Al14V (a) and AMSO (b). All the notch lengths are included. Reprinted 
from Rittel et al. (2008b) 


To summarize the present study, it appears that, among the geometrical parame- 
ters of the imperfection, its root-radius p seems to be the dominant factor, as opposed 
to its length L, as long as the notch is small compared to the dimensions of the 
gauge. This observation is in agreement with the model of Dinzart et al. (1994). As 
expected, the introduction of an imperfection does indeed concentrate the strain en- 
ergy in its vicinity, to an extent that is dictated by the flow properties (hardening) of 
the considered material. Whereas the reported results were obtained without intro- 
ducing thermomechanical coupling effects, it is very likely that high temperatures 
develop in the vicinity of the notch, thus accelerating the ASB formation due to 
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Fig. 2.17 (a) AMS50: A comparison of the dynamic deformation energy at failure (€.4, = 0.136) 
along the gauge section for p = 0.15 and 0.30 mm. (b) Same for Ti6AL4V at failure (Eeqy = 0.23 
and egy & 0.21) along the gauge section, for p = 0.30 and 0.15 mm. Reprinted from Rittel 
et al. (2008b) 


Table 2.1 Experimental and calculated normalized dynamic deformation energies (W) for the two 
investigated alloys and root radii 


Experimental Calculated 
Material (mm) normalized W normalized W Adexper—numer(%) 
AMS50 - p = 0.15 0.85 0.76 —10.5 
AMS50 - p = 0.30 0.85 0.76 —10.5 
Ti6AI4V — p = 0.15 0.75 0.83 +11 
Ti6AI4V — p = 0.30 0.82 0.95 +15 


The right most column indicates the difference between the experimental and calculated values. 
Reprinted from (Rittel et al. 2008b) 
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thermal softening. Aside this observation, the calculated average level of dynamic 
deformation energy is quite similar to that which is measured. This seems to indicate 
that whereas local effects certainly dominate ASB formation in notched specimens, 
the global measure of the dynamic deformation energy is a valid parameter to char- 
acterize failure by ASB formation and rank the sensitivity of different materials to 
this failure mechanism. 


2.3.1.3 On the Effect of Hydrostatic Pressure on ASB Formation 


A long-standing issue is that of the influence of hydrostatic pressure on the for- 
mation and evolution of ASBs, and in fact this problem has remained essentially 
unexplored. Yet, the subject is of prime importance to penetration problem, when 
it is realized that large pressures develop under the punch, which may influence the 
ASBs forming in this area that will lead to a plugging type of failure. A series of 
studies was therefore undertaken to clarify this issue. Two generic types of materi- 
als were considered: metals and PMMA, as an example of a brittle glassy polymer. 
The first step of the studies was to develop a technique allowing for application of 
confinement to dynamically loaded specimens, as discussed next. 


A Technique for the Confinement of Dynamically Loaded Cylinders 


The most popular technique to confine a solid specimen consists of using a metallic 
jacket, that is tightly (sometimes shrunk-fit) fit to the cylindrical specimen. Gauges 
are cemented on the surface of the jacket, allowing for the recording of some com- 
ponents of strain, from which the stress history is determined, see, for example, Ma 
and Ravi-Chandar (2000). The specimen is loaded by means of cylindrical pins, 
avoiding loading of the jacket. This technique implies that the jacket remains elas- 
tic, in which case the confining pressure is not constant, but increases as the axial 
load increases. A different approach can be found in Lu et al. (2003) who allow 
for plastic deformation of the jacket. The jacket is considered as an elastic-plastic 
thick-walled pressure vessel for which analytical solutions exist (Kachanov 1974). 
A slightly different approach was proposed by Rittel et al. (2008) who design the 
jacket so that it can yield at the very early stages of the deformation process, namely 
when the axial strain experienced by the specimen is still low. Moreover, the jacket 
is made from materials whose strain hardening, both static and dynamic, is as low 
as possible, in which case the confining pressure is constant. A schematic represen- 
tation of the experimental setup is shown in Fig 2.18. 

The material of jacket is subjected to preliminary static and dynamic tests to as- 
sess its yield strength. For these tests, the jackets were made out of 4340 Q+T steel. 
Throughout this study, frictional effects between the specimen and the jacket were 
neglected, due to the lubrication of the specimen prior to its insertion. The confin- 
ing pressure, g, can be determined from stress superposition (Rittel et al. 2008), 
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Fig. 2.18 Schematic 
representation of the confined 
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Fig. 2.19 The confining stress q is determined directly by comparing the flow curves of a confined 
and an unconfined test. The equivalent stress is noted by o,,;,. Reprinted from Hanina et al. (2007) 
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Fig. 2.20 Confined AMS50 cylindrical specimen. The adapter is not visible (below specimen). The 
adapter and specimen are centered by means of a polymeric centering ring. Reprinted from Hanina 
et al. (2007) 


as shown in Fig 2.19. For a pressure-insensitive material (metals), the confining 
pressure is directly measured as the difference between the stress-strain curve of 
a confined specimen and that of an unconfined test. 

A typical test specimen is shown in Fig 2.20. 
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Metals and Alloys 


The technique presented in the previous section was applied to the investigation 
of the high-rate behavior of AM50 and Ti6AL4V alloys (Hanina et al. 2007). For 
reference, quasi-static testing was also carried out. Figure 2.21 provides an exam- 
ple of typical stress—strain curves that were obtained for the AMS0 alloy, prior to 
subtraction of the confining pressure. 

Figure 2.21 shows that as the level of confinement increases, the stress level is 
shifted upward by a value of gq. In this work, the failure strain was defined as the 
strain at which the stress drops to 0.8 its peak value. The justification of this choice 
will be discussed in the last section on thermal effects. To get a clear picture of 
the pressure effects, the results can be replotted after subtraction of the confining 
pressure, as shown in Fig 2.22 for the two alloys. 

From Fig 2.22, it appears that the stress—strain curves are largely identical for all 
levels of confinement, except for the fact that larger confinement pressures increase 
the overall ductility. Another observation, which is particularly obvious in the case 
of AMS0, is that the slope of the stress in the softening region is smaller at higher 
confinement pressures, which indicates a more controlled type of failure. The fact 
that the curves are largely up to ¢ = 0.2 for Ti6A14V and ¢ = 0.18 for AM50 just 
confirm the fact that metal plasticity is pressure independent, at least for these levels 
of confinement. However, the stress-softening region corresponds to ASB forma- 
tion and propagation, and this region is indeed influenced by the confinement. The 
present results clearly indicate that the hydrostatic pressure affects the failure pro- 
cess itself, possibly by postponing the onset of ASB formation, certainly delaying 
its propagation, which amounts to regulating and slowing the damage mechanisms 
in the band. 

The concept of dynamic mechanical energy can be used to process further the 
results, as shown in Fig 2.23. 
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Fig. 2.21 Typical dynamic stress—strain curves for AM50 specimens subjected to various confine- 
ment levels. The failure strain is indicated by an “X.” Reprinted from Hanina et al. (2007) 
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Fig. 2.22 Typical dynamic equivalent stress—strain curves for AMSO and Ti6AI4V specimens. The 
confining hydrostatic pressure gq has been subtracted to emphasize the effect of confinement on the 


flow curve of these alloys. Reprinted from Hanina et al. (2007) 
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Fig. 2.23, Normalized (wrt unconfined) dynamic mechanical energy at failure for the two inves- 
tigated alloys, versus normalized (wrt unconfined) hydrostatic pressure. Reprinted from Hanina 
et al. (2007) 


The results shown in Fig 2.23 indicate a linear correlation between the dynamic 
failure energy and the hydrostatic pressure for the two alloys. This result cannot be 
generalized to other metallic materials until further tests are carried out. It neverthe- 
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less points to a new and interesting trend that, if generalized, would considerably 
simplify the numerical simulations of the adiabatic shear failure process. 


Polymethylmethacrylate 


PMMA is often considered as a brittle polymer that tends to shatter under uncon- 
fined impact conditions. The experimental technique presented above was used to 
test PMMA specimens, with a modification to the data reduction technique. Poly- 
mers are pressure-sensitive materials which can be described using a Drucker-Prager 
type of failure criterion. The confinement pressure g is no longer determined directly 
from the test, as for the case of metals, but it must be determined separately using 
metal plasticity concepts for the jacket. Once determined, qg is subtracted from the 
measured stress as before (Rittel et al. 2008). A detailed account of the dynamic 
pressure sensitivity can be found in Rittel and Brill (2008). As in the previous case 
of metals, several experiments were carried out at various levels of confinement and 
in a large range of strain, such as to cover the quasi-static and the dynamic regime, 
but for the sake of brevity, emphasis will be put on the dynamic regime. Figure 2.24 
shows typical stress—strain curves obtained at é = 2,000s~! and at various levels 
of confinement. 

All the quasi-statically tested specimens exhibited a noticeable ductility, which 
manifested itself by barreling rather than fracture. In the dynamic regime, the fail- 
ure mechanisms all comprised fracture, but were of the following two kinds: some 
specimens always including the unconfined failed by radial shattering into small 
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Fig. 2.24 Typical dynamic test results (6 = 2,000s~!), with g indicating the confining pressure. 
The unconfined, g,; and q2 specimens failed by radial fragmentation. Note that when q3 reaches 
71.4MPa, at é = 2,000s~!, failure occurs by the formation of a conical plug rather than by 
radial fragmentation. The dashed lines on the q; curve outline the two slopes that characterize the 
failure process. The first slope gets increasingly milder at higher confining pressures. Reprinted 
from Rittel and Brill (2008) 
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Fig. 2.25 Plateau stress (see Fig. 2.24) as a function of the strain rate, with indication of the 
observed failure mechanisms. Data points shown with circles indicate conical plug formation while 
the unmarked specimens shattered. Note that at the lower strain rates, plug formation requires a 
higher confining pressure. The unconfined specimens all failed by shattering. Reprinted from Rittel 
and Brill (2008) 


fragments (Rittel 2000), whereas other specimens failed by forming a truncated 
conical plug coming out of the cylinder on its impacted side. One can also note 
that in the softening regime, there are two distinct domains, the first having a lower 
slope than the second. It appears that the slope of the first domain is controlled by 
the level of confinement, and as the latter increases, the slope decreases, indicating 
a better controlled failure mechanism. A summary of the observed dynamic failure 
mechanisms with the corresponding conditions is shown in Fig 2.25. 

Having isolated the two kinds of failure mechanisms, a scanning electron 
fractographic analysis was carried out to identify the failure micromechanisms. 
Figure 2.26 shows the fracture surface topography of radially cracked fragments of 
the PMMA cylinder. The observed mist and hackles features all indicated a brittle 
type of failure that is well described by a maximum normal stress criterion. 

By contrast, the topography of the fracture surface of the truncated cones reveals 
a radically different morphology, namely elongated dimples and signs of pro- 
nounced softening, which all clearly indicate a ductile failure mechanism (Fig 2.27). 
Moreover, the examination of a cross-sectional specimen taken across the fracture 
plane reveals a narrow planar band, in which extensive damages have accumulated 
in the form of smear bands and multiple microvoids (Fig 2.28). Figures 2.27 and 
2.28 lead to the conclusion that the truncated cones are formed by an adiabatic 
shear failure mechanism, which means that those specific specimens have under- 
gone a brittle-ductile failure mode transition, which is dictated both by the strain 
rate and the level of confinement. Looking back at Fig. 2.25, one may note that in 
order to trigger this transition, the conjunction of a high confinement and a relatively 
low-strain rate suffice, or just the opposite, namely a lower level of confinement 
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Fig. 2.26 Fracture surfaces of radial fragments. Note the mirror (mist) and hackles, indicating a 
“brittle” type of failure. Reprinted from Rittel and Brill (2008) 
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Fig. 2.27 Typical fracture mechanisms for the conical plugs — adiabatic shear cones. Reprinted 
from Rittel and Brill (2008) 


and a high-strain rate. An additional look at the first domain of the strain-softening 
regime indicates that the confinement stabilizes and slows down the development of 
the ductile damage associated with adiabatic shear failure. 

One must note that the development of shear failure in this material has been 
noted previously, without attempt to model it as discussed next (Satapathy and 
Bless 2000; Winter 1975). 
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Fig. 2.28 Cross-section taken across the fracture surface of a conical plug. Note the narrow dam- 
aged band which is characteristic of an ASB. Reprinted from Rittel and Brill (2008) 


The interesting observation of a brittle-ductile transition in a hard mate- 
rial has been studied in detail for ceramic materials (Chen and Ravichandran 
1996, 1997, 2000). These authors plotted the failure stress as a function of the 
hydrostatic pressure for their material, and reported a domain in which the stress no 
longer depends on the pressure, as for a Mises material. Figure 2.29 presents such 
a plot, on which the rate and pressure sensitivity of the material have been added 
(dashed lines). 

The outcome of this work is that confinement in brittle polymers causes a 
brittle-ductile failure transition which is identical to that observed in ceramics, this 
conferring a more general character to the present observations. Namely, a suitable 
confinement will confer an improved capacity of energy absorption to materials that 
are traditionally brittle. The idea is of course quite attractive if one considers that 
hardness and brittleness are no longer necessarily synonymous. 

The last topic to be addressed concerns the role of temperature in adiabatic shear 
failure and the identification of a fully formed ASB in a solid by thermal means. 


2.3.1.4 On Thermal Effects and Identification of a Fully Formed 
ASB by Thermal Means 


This last section ties several of the previous paragraphs dealing with thermome- 
chanics and adiabatic shear. The main issue here is of the identification of a fully 
formed shear band. Previous seminal work by Marchand and Duffy (1988) has iden- 
tified three stages of adiabatic shear failure, based on a high-speed visual recording 


56 D. Rittel 


=. —— 
160} _aneesepp DR Ba ed 
1) oot ee 
a le 
= 420" 
w 
ta 400 
= 80 > Measured 
” | —— =1 
oc 100s 
i. eT -=-5000 1 
% 40} “45000 st 
20} 
0 
0 50 100 150 200 250 


HYDROSTATIC PRESSURE p [MPa] 


Fig. 2.29 Shear stress versus hydrostatic pressure. The points that failed by adiabatic shear are 
characterized by a constant (pressure-independent) stress level over a large range of pressures. Be- 
low p = 152 MPa, the material fails in a brittle (pressure dependent) mode at various strain rates. 
This figure illustrates the fact that lower strain rates require higher confining pressures. Reprinted 
from Rittel and Brill (2008) 


of the surface of cylindrical specimens. The first phase consists of a homogeneous 
deformation during which the material strain hardens (more or less), followed by 
two phases in the strain-softening domain. The first postpeak phase shows a shear 
band that is not fully developed, whereas in the last stage, the shear band ap- 
pears to be fully developed around the perimeter of the cylindrical specimen. While 
these observations are based on three simultaneous photographic recordings, ther- 
mal recordings in the vicinity of shear bands have just shown a very large and rapid 
increase of temperature, without establishing a formal correspondence between the 
evolution of the shear band from its onset and the temperature variations. Rittel and 
Wang (2008) performed a series of experiments in which the temperature of the 
gauge’s surface of SCS specimens was continuously monitored until final failure. 
A first observation that comes out of this study is that the overall temperature rise 
during the whole process, except for the final stages of failure, is relatively modest 
in these materials, and does not exceed a few tens of degrees. 

Additional information of the failure process can be gained by calculating the 
expected maximal temperature rise (2.4), when fin, = 1. As long as the deformation 
of the gauge remains homogeneous, the measured temperature rise cannot exceed 
its calculated counterpart. However, when the measured temperature exceeds the 
calculated one, the homogeneity assumption holds no longer, which implies that 
a shear band has fully developed. Typical thermomechanical records are shown in 
Fig. 2.30, in which the calculated temperature rise has been plotted as dashed lines. 
As mentioned, the measured temperature rise is always smaller or almost equal to 
the calculated one, for three different infrared channels, in the hardening domain 
of the stress—strain curve. In addition, one can note that this trend continues in the 
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Fig. 2.30 Typical stress and temperature versus strain for (a) AMS5O and (b) Ti6AI4V alloys. 
The strain rate is € & 3,000s~!. The temperature is measured on three channels and calculated 
(dashed line) according to B = 1. Three stages are indicated: stage 1 where the deformation 
proceeds homogeneously and the temperature rise is quite modest, stage 2 with a heterogeneous 
deformation, where the measured temperature is still inferior to the (upper bound) calculated, and 
stage 3, starting at the intersection point. Reprinted from Rittel and Wang (2008) 


beginning of the softening domain until some point at which the calculated maximal 
temperature is equal to the measured one. 

Figure 2.30 shows that one can now distinguish the three domains mentioned by 
Marchand and Duffy (1988), based on a thermal differentiation rather than on pho- 
tographic recording. As such, the present results confirm the previous observations, 
indicating the existence of a transition domain (marked 2), in which although the 
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shear band is already formed, the overall homogeneity of the deformation does not 
cause a local significant heating. These results also indicate that the fact that all the 
mechanical energy gets transformed into heat (Bin. = 1), as in the case of the AM5S0 
alloy is not a sufficient indication to determine the existence of a fully formed shear 
band. Here, thermal measurements are necessary to provide an indication of the 
cessation of the homogeneous deformation regime. 


2.4 Conclusions 


This chapter has discussed various aspects of the dynamic shear failure of materials. 
Two main sections have been presented, namely an experimental technique do in- 
vestigate dynamic shear failure, followed by a section dealing with specific aspects 
of adiabatic shear failure. 

The SCS specimen has repeatedly proved to be a useful specimen to investigate 
the dynamic shear behavior and failure of various engineering materials, with the 
main advantage of a homogeneous state of stress and strain in the gauge section, 
coupled to the fact that one specimen geometry allows to cover seamlessly a wide 
range of strain rates. Another valuable advantage of this geometry lies in the pla- 
narity of the gauge section that allows for various sensing techniques such as DIC 
and infrared measurements to be applied without concerns for focusing issues or 
significant loss of tracking of a specific point in time. 

Adiabatic shear failure has been discussed in the light of new experimental ev- 
idence, and several issues have come out of this work. First, the applicability of a 
critical strain as a failure criterion has been discussed and shown to overlook the 
overall thermomechanical history of a material. By contrast, one constant has been 
identified, namely the dynamic mechanical energy which is not influenced by prior 
mechanical cold work. Being a scalar, energy is easily implementable into numer- 
ical simulation codes, but its main advantage lies in the fact that it relates directly 
to microstructural issues via the stored energy of cold work. This basically means 
that there is a finite amount of dynamic mechanical energy that can e stored in a 
material prior to its failure by shear localization. Among such “destabilizing” mi- 
cromechanisms, one would suspect that the universally observed DRX should play 
a role in adiabatic shear failure, all the more so when DRX is known to be athermal. 
In such a case, the traditionally incriminated role of thermal softening would thus 
be minor. 

Next, we have presented several specific issues related to adiabatic shear failure. 
First of all, the role of hydrostatic pressure, which has never been addressed in de- 
tail, has been systematically investigated in metals and brittle polymers. For metals, 
the pressure is not influencing the homogeneous deformation phase, as expected. 
But the failure process itself is markedly retarded by the superposition of a con- 
fining pressure, and a linear relation between the dynamic mechanical energy and 
the hydrostatic pressure was established, for two metallic alloys. This observation 
opens future perspectives in terms of a failure criterion. Concerning brittle polymers, 
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a brittle-ductile transition was investigated in derail for commercial PMMA. The 
main result of that work was to show that brittle polymers and ceramics, although 
widely different in all aspects, obey the same failure criterion and exhibit a similar 
failure mode transition. This too opens new ways of thought if it is realized that 
brittle materials do not necessarily fail in a brittle manner on proper confinement, 
thus revealing an improved capacity for energy absorption. 

Next the traditionally evoked but seldom characterized geometrical imperfection 
was systematically investigated with one main outcome: the sharpness of the defect 
appears to be more determinant for ASB failure than its length, provided the defect 
is small with respect to the gauge dimensions, as opposed to conventional fracture 
mechanics. 

Finally, thermal measurements were shown to assist in the determination of the 
exact point at which a shear bad can be considered to be fully formed. These mea- 
surements are carried and compared to the assumptions of homogeneous adiabatic 
temperature rise. When the measured temperature exceeds the calculated one, it is 
assumed that deformation can no longer be considered as homogeneous, thus indi- 
cating the presence of an ASB. 

To conclude, one can expect that the physical observations reported in this 
chapter will be implemented in numerical simulation codes and confronted with 
additional experiments that will serve as validation benchmarks. 
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Chapter 3 
Dynamic Response of Glass-Fiber 


Reinforced Polymer Composites 
Under Shock Wave Loading 


Fuping Yuan, Liren Tsai, Vikas Prakash, Dattatraya P. Dandekar, 
and A.M. Rajendran 


Abstract Synthetic heterogeneous material systems, for example, layered 
composite materials with organic matrices reinforced by glass fiber reinforces 
polymers (GRPs), are attractive for a variety of lightweight structural applications. 
This chapter deals with the dynamic response of layered heterogeneous material 
systems, such as the GRPs, under shock wave loading conditions. To understand 
material and geometric dispersion of stress waves in the GRPs, these are modeled as 
elastic—elastic and/or elastic—viscoelastic bilaminates. The analysis makes use of the 
Laplace transform and Floquet theory for Ordinary Differential Equations (ODEs) 
with periodic coefficients. Both wave front and late-time solutions for step-pulse 
loading on a layered half-space are analyzed. The results of the analytical study 
show that the structure of acceleration waves is strongly influenced by impedance 
mismatch of the layers constituting the laminates, density of interfaces, distance of 
wave propagation, and the material inelasticity. Next, series of plate impact exper- 
iments are conducted on two different architectures of GRP composites — $2-glass 
woven roving in CYCOM 4102 polyester resin matrix and a balanced 5-harness 
satin weave E-glass in a Ciba epoxy (LY564) matrix. The experiments are con- 
ducted using an 82.5 mm bore single-stage gas-gun at CWRU. In all experiments, 
the history of the shock-induced free-surface particle velocity profiles at the rear 
surface of the target plate are monitored using a multibeam VALYN™ VISAR. In 
the first series of experiments, the structure of the shock waves in the $2-glass GRP 
is investigated as a function of shock-induced compression and the distance of shock 
wave propagation. The results of the experiments show the absence of an elastic 
precursor. The critical shock stress amplitude at which a clear shock front is seen to 
develop in the GRP was determined to be between 1.5 and 2.0 GPa. Combining the 
results of the present experiments with data from Dandekar et al. (1998, 2003a), the 
equation of state (EOS) of the S2-glass GRP was determined in the stress range of 
0.04—20 GPa. Besides the EOS, the Hugoniot curve (Hugoniot stress vs Hugoniot 
strain) was calculated using the Rankine—Hugoniot relationships; the Hugoniot 
elastic limit (HEL) of the S2-glass GRP was estimated to be about 1.6 GPa. In the 
second series experiments, the postshock spall strengths of the S2-glass and E-glass 
GRP composites were investigated by subjecting the specimens to shock com- 
pression and combined shock compression and shear loadings. The spall strengths 
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of the two GRP composites were observed to decrease with increasing levels of 
shock compression. Moreover, superposition of shear—strain on the normal shock 
compression was found to be highly detrimental to the spall strengths. The E-glass 
GRP composite was found to have a much higher level of spall strength under both 
normal-compression and combined compression-and-shear loading conditions in 
comparison to the S2-glass composite. The maximum spall strength of the E-glass 
GRP was 119.5 MPa, while the maximum spall strength for the S2-glass GRP was 
only 53.7 MPa. In the third series of experiments, plate impact shock—reshock and 
shock release experiments were conducted to study the residual shear strength of the 
$2-glass GRP under various levels of shock compression (0.8—1.8 GPa). To conduct 
these experiments, a dual flyer plate assembly was used. Using the self-consistent 
procedure outlined in Asay and Chhabildas (1981), the critical shear strength fol- 
lowing shock-induced compression (in the range 0.8—1.8 GPa) was determined. The 
results indicate that the critical shear strength of the GRP increases from 0.108 to 
0.682 GPa when the shock compression level is increased from 0.8 to 1.8 GPa. This 
increase in critical shear strength may be attributed to the rate-dependence and/or 
pressure-dependent yield behavior of the GRP composites. 


Keywords S2 glass fiber reinforced composites - Shock-induced compression 
- Combined pressure and shear loading - Dynamic spall strength - Shock Hugoniot 
- Hugoniot elastic limit 


3.1 Introduction 


The utilization of layered heterogeneous material systems in the development of 
integral armor provides a potential for a major improvement in the ballistic per- 
formance in a variety of lightweight armor applications. Some of the notable 
recent examples demonstrating the success of synthetic heterogeneous material 
systems include composite materials with organic matrices reinforced by GRP to 
achieve lightweight and enhanced ballistic resistance (Fink 2000). Because of their 
lightweight, high stiffness, and good ballistic resistance, various GRP composites 
have been chosen in composite integral armor as the main structural support behind 
the ceramic plates (Gama et al. 2001). 

A large body of knowledge currently exists in the literature on the propagation 
of acceleration waves and finite amplitude shock waves in heterogeneous materi- 
als. For such systems, scattering, dispersion, and attenuation play a critical role in 
determining the thermomechanical response of the media. In particular, the nonlin- 
ear behavior of the S2-GRP composites can be attributed to the complex material 
architecture, that is, the impedance and geometric mismatch at the various length 
scales, complex damage evolution in the form of extensive delamination, fiber 
shearing, tensile fiber failure, large fiber deflection, fiber microfracture, and lo- 
cal fiber buckling. Analytical studies of wave dispersion relations for an infinite 
train of time-harmonic acceleration waves propagating in layered material systems 
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have been conducted in a variety of elastic and elastic—viscoelastic composites 
(Clifton 1972; Sve 1972). To date, only a limited number of experiments have been 
conducted that concern the finite amplitude wave propagation in layered and com- 
posite materials (Barker et al. 1974; Zhuang 2002). 

Lifshitz (1976) investigated the tensile strength and failure modes of unidirec- 
tional and angle-ply E-glass fiber-reinforced epoxy matrix composites at strain 
rates between 0.1 and 200s~!. The failure stresses under impact loading condi- 
tions were found to be considerably higher when compared with those obtained 
under quasi-static loading conditions. The dynamic response of glass-fiber rein- 
forced composites has been investigated utilizing the Split Hopkinson Pressure Bars 
(SHPBs) under relatively simple states of stress, for example, uniaxial compression, 
uniaxial tension, and pure shear (Song et al. 2002; Vural and Ravichandran 2004). 
In these studies, the failure and ultimate strength of the GRP composites were found 
to increase with increasing strain rates. More recently, Zhuk et al. (1994)studied the 
shock compressibility and sound wave velocity in commercial plain-weave fiber- 
glass KAST-V (Soviet standard 102-92-74) composites using manganin gauges in 
the range 5—22 GPa. Hydrodynamic shock front attenuation was observed for the ex- 
periments impacted by thin (~1.3 mm) aluminum flyer plates. Zaretsky et al. (1997) 
also conducted plate impact experiments on commercial KAST-V for stress range 
between 0.3 and 0.8 GPa. Spall signal was observed in the experiments with a shock 
stress level of about 0.3 GPa, and the spall strength of KAST-V was estimated to be 
about 0.1 GPa. The EOS of KAST-V was also determined, and the shear strength 
was found to be about 0.28 GPa. Later, Zaretsky et al. (2004) performed plate im- 
pact experiments on laminated glass-fiber reinforced epoxy 7781 composite. The 
spall strength was calculated to be about 0.16 GPa. 

Boteler et al. (2000) carried out a series of experiments using embedded 
polyvinylidene fluoride stress rate gauges to study the shock wave profiles in 
GRP as a function of propagation distance. In the same year, Trott et al. (1999) 
at Sandia National Laboratories applied a novel line-imaging velocity interferom- 
eter to simultaneously record the shock response of GRP at various points. The 
systematic difference in shock arrival time over a transverse distance of 2mm as 
well as the relatively large amplitude fluctuations in the wave profiles reflected the 
complex periodic geometry of GRP. Later on, Dandekar et al. (2003a) in a joint 
research program with Sandia National Laboratory studied the shock response of 
GRP. The equation of state (EOS) for the GRP was determined from a series of 
shock-reshock and plate reverberation experiments. Tsou and Chou (1969), using 
a combined analytical and numerical approach, studied the shock wave propaga- 
tion in unidirectional fiber reinforced composite along the fiber direction. From 
these simulations, the interface shear strength was estimated. Espinosa et al. (2000) 
performed shock structure simulations on plain woven glass-fiber reinforced com- 
posites. Fluctuations in particle velocity profiles due to stress wave reverberations 
between material interfaces were understood to play a critical role in controlling the 
overall behavior of the material. 

Even though considerable progress has been made over the years in under- 
standing the dynamic response of heterogeneous material systems under shock 
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loading, the details of the shock structure including the phenomenon of material 
and geometric dispersion continues to be poorly understood. In view of this, in this 
study asymptotic techniques have been employed to analyze propagation of accel- 
eration waves in 2-D layered material systems. Moreover, wave propagation in 2-D 
elastic—viscoelastic bilaminates is analyzed to understand the effects of material 
inelasticity on both the wave front and late-time solutions. The use of bilaminates 
provides a more tractable geometry from both analytical and experimental consider- 
ations. Moreover, a series of plate impact shock wave experiments were conducted 
by employing various different thicknesses of S2-GRP plates. The S2-glass GRP 
plates were impacted by Al 7075-T6 and D7 tool-steel flyer plates over a range of 
impact velocities. From this data, the details of the structure of the shock front, the 
Hugoniot elastic limit (HEL), EOS, and, the Hugoniot states for the $2-glass GRP 
were determined. In the second series of experiments, both normal impact and com- 
bined compression and shear plate impact experiments with skew angles ranging 
from 12° to 20° were conducted to investigate the effects of normal compression 
and combined compression shear loading on the spall strength of the two different 
architectures of GRP composites — S2-glass woven roving in Cycom 4102 polyester 
resin matrix and a 5-harness satin weave E-glass in a Ciba epoxy (LY564) matrix. 
In the third series of experiments, shock—reshock and shock release plate impact ex- 
periments were conducted to study the residual shear strength of the S2-glass GRP 
following normal shock compression in the range 0.8—1.8 GPa. 


3.2 Analytical Analysis 


The objective of the proposed analytical analysis is to better understand wave scat- 
tering and dispersion at bimaterial interfaces and the role of material inelasticity in 
determining the structure of stress waves in heterogeneous material systems. Both 
wave front and late-time solutions for step-pulse loading on layered half-space are 
analyzed to understand the effects of layer thickness, impedance mismatch, and ma- 
terial inelasticity on the structure of acceleration waves in the bilaminates. 


3.2.1 Wave Propagation in Elastic—Viscoelastic Bilaminates 


Consider bilaminates consisting of elastic and viscoelastic layers of uniform thick- 
ness and infinite lateral extent. The elastic layers occupy odd numbered layers, that 
is,n = 1,3,5,..., and the viscoelastic layers occupy even numbered layers, that is, 
n = 2,4,6,.... Consider the individual layers to be homogeneous and isotropic and 
the layer thickness of both constituents to be the same, that is, L; = Lz = 0.5d, 
where L, and L are the thickness of the elastic and viscoelastic layers, respectively, 
and d is the total thickness of a typical bilaminate. 
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Fig. 3.1 Schematic of the laminate used in the analytical analysis 


Let the laminates be subjected to a time-dependent normal stress loading which 
is applied uniformly over the plane x = 0 (see Fig. 3.1). Under these conditions, 
longitudinal waves of one-dimensional strain propagate in the direction normal to 
the laminates. We consider the case in which the applied loading has a step function 
time dependence, that is, o = —o, H(t), and seek asymptotic solutions for the wave 
at the wave front and the wave form at late times. 

For infinitesimal deformation, longitudinal waves propagating in the x-direction 
are governed by the balance of linear momentum and continuity. The constitutive 
equations for elastic and viscoelastic layers can be expressed as 


t 
01 (x,t) = Ee,(x,t), 02(x,t) = / G(t — tT) deo. (3.1) 


In (3.1), o, and o2 are the longitudinal components of the stress in the elastic 
and viscoelastic layers, €; and €2 are the longitudinal components of the strain in 
the elastic and viscoelastic layers, and E and G(t) represent the elastic and the 
viscoelastic modulus, respectively. 

The relaxation function for the viscoelastic material behavior is assumed to be 
described by an exponential function of the type 


G(t) = [G(0) — G(co)Je™/* + Goo), (3.2) 


where G(0) denotes the “glassy” modulus at t = 0, G(co) denotes the “rubbery” 
modulus at t = oo, and t denotes the characteristic relaxation time. 
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3.2.2 Solution at Wave Front: Elastic Precursor Decay 


Let the longitudinal wave fronts propagate with speeds c; and cz in the elastic and 
the viscoelastic layers, respectively. An average wave speed for the longitudinal 


wave fronts can be defined as 


d 
Cwave = ———-——-. 3.3 
= Ly/cy + Lo/c2 os 


At the arrival of the longitudinal wave at x = x,, where x, = (n/2)d is the 
distance from x = 0 to the interface between the nth and the (n + 1)th layers, the 


stress is given by 


L2G'(0) nie 1 1 P2C2 P1C1 ame 
notin) = « G34 
en faa Eo Oa pies pies oo 


For the case of elastic—elastic bilaminates, the argument of the exponential 
function is zero and the right-hand side of (3.4) can be interpreted as an aver- 
age transmission coefficient for propagation of an elastic wave through a cell of 
length d. The attenuation of the amplitude at the wave front is the decay primarily 
due to successive elastic wave reflections. For the case of elastic—viscoelastic bilam- 
inates, the argument of the exponential function gives rise to additional attenuation 
due to material inelasticity. The rate of decrease in stress is often so rapid that the 
stress at the wave front can become negligibly small at remote positions. Figure 3.2 
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Fig. 3.2 Effect of material mismatch and the number of layers on the elastic precursor decay for 


elastic—elastic bilaminates 
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Fig. 3.3. Effect of material inelasticity on the elastic precursor decay. The stress at the wave front 
(y-axis) is normalized by the amplitude of the elastic precursor for the case of elastic—elastic bil- 
aminates 


shows the magnitude of the elastic precursor as a function of number of layers and 
the impedance mismatch. A strong decay in the elastic precursor is observed with 
an increase in the number of layers and/or the increase in impedance mismatch. 

Figure 3.3 shows the effect of viscoelasticity on the elastic precursor decay after 
wave propagation through ten layers. The stress at the wave front is normalized by 
the amplitude of the corresponding elastic precursor for the case of elastic—elastic 
bilaminates. The x-axis represents the ratio of the time taken for the longitudinal 
wave to travel the thickness of a viscoelastic layer to the relaxation time constant 
for the material. It is to be noted that when the relaxation time is large and/or the 
viscoelastic layer thickness, that is, Lz is small, the effect of material inelasticity 
on elastic precursor decay is small. Also, when the ratio between the instantaneous 
modulus and the rubbery modulus, that is, y? = G(0)/ G(oo), is close to 1, the effect 
of material inelasticity on the elastic precursor decay is negligible. 


3.2.3 Late-Time Asymptotic Solution 


At sufficiently late times after the arrival of the wave front, the stress at a remote 
position is expected to reach a level 0, which corresponds to the applied stress 
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boundary condition at x = 0. The transition from the low-amplitude stress at the 
wave front to this equilibrium state at late-times can be characterized by obtaining 
the late-time asymptotic solution to the integral 


1 yt+ioco 
O(Xn,t) = ee hs 6(xn.s)e" ds. (3.5) 
y—ico 


The integral in (3.5) can be evaluated asymptotically for large ¢ by using the 
method of steepest descent. To this end, it is convenient to introduce the small 


time scale. ; 
6 = —-—-Xp (3.6) 
CLave 
in which Cyaye denotes the average wave speed at which the main parts of the longi- 


tudinal disturbance propagates at late time and is given by 


d 


(1 /e1)? + (i/e1)? + {(pie1/p2c2) + (p2e2/ pier) }(i/e1)(i/er)}!/2 © 
(3.7) 


CLave = 


It should be noted that cLaye is equivalent to defining the phase velocity of an infi- 
nite train of sinusoidal waves of zero frequency, that is, the long wavelength limit. It 
is interesting to note that the speed of longitudinal disturbance at late times depends 
on the impedance mismatch between the layers. For laminate architectures in which 
the impedance mismatch is close to one, the late-time dispersion wave and the elas- 
tic precursor arrive at a particular location at the same time. However, for laminates 
in which the impedance mismatch is large, CLaye is considerably less than cWaye. This 
effect is shown graphically in Fig. 3.4 for a select number of material pairs. 

For infinitesimal deformation, solutions for elastic precursor decay and late- 
time dispersion which satisfy zero stress and particle velocity initial conditions and 
boundary conditions given by a step loading function in time are summarized in 
Fig. 3.5. On impact of the laminate, a two wave structure is obtained. The lead- 
ing elastic precursor propagates at a speed dictated by the average wave speed in 
the two constituents given by Cwaye, while the late-time dispersed front arrives at a 
speed Clave. The late-time stress wave oscillates about a mean level dictated by the 
amplitude of the input stress pulse. 

Next, stress wave profiles obtained from the asymptotic solutions at the wave 
front and the waveform at late times are presented. These simulations are de- 
signed to illustrate the effect of impedance mismatch, distance of wave propagation, 
layer thickness, that is, cell size, density of interfaces, and material inelasticity on 
the amplitude of stress wave at the wave front and the dispersive characteristics 
of the waveform at late times. The simulations are carried out for elastic—elastic 
bilaminates comprising Ti-Fe and Mo-—Fe material pairs, and elastic—viscoelastic 
bilaminates comprising Al—PC material pair. The acoustic impedance mismatch for 
Ti-Fe and Mo-Ti bilaminates is 1.75 and 2.45, respectively. For the Al—PC bilami- 
nates the acoustic impedance mismatch is 8.31. Three different layer thicknesses are 
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Fig. 3.4 The effect of impedance mismatch on the average wave speed CLaye at which the main 
parts of the longitudinal disturbance propagate at late times 
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Fig. 3.5 The two wave structure obtained during impact of a typical elastic bilaminate 


evaluated for the Ti-Fe and Mo—Fe laminates: 0.75, 1.5, and 2.25 mm for total lam- 
inate thickness of 9 mm. For the AI-PC laminates the simulations are presented for 
layer thickness of 0.125 mm with total laminate thicknesses of 0.5, 1.0, and 1.5 mm. 
The relaxation time in (3.2) for PC is taken to be t = 2 ys. The ratio of the instan- 
taneous modulus to the rubbery modulus, that is, G(0)/G(oo), is taken to be 1.01. 
Figures 3.6 and 3.7 present the predictions of the wave profiles for elastic— 
elastic bilaminates illustrating the effects of impedance mismatch on the wave front 
and late-time dispersion wave characteristics. Two different bilaminates are consid- 
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Fig. 3.6 Effect of distance of propagation on the elastic precursor and late-time dispersion for 
Fe-Ti laminates 
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Fig. 3.7 Effect of distance of propagation on the elastic precursor and late-time dispersion for 
Mo-Ti laminates 


ered: Fe—Ti bilaminates with an impedance mismatch of 1.75 and Mo-Ti bilami- 
nates with an impedance mismatch of 2.48. In each case, the thickness of the indi- 
vidual layers is 0.75 mm. The abscissa represents the time after impact while the or- 
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dinate represents the theoretical normal stress normalized by the amplitude of the in- 
put stress. The stress profiles are shown at a propagation distance of 3, 6, and 9mm. 
As discussed earlier, for each laminate a two-wave structure is obtained. A leading 
wave front (elastic precursor) that propagates at the speed cwaye, and a late-time dis- 
persion wave propagating at the speed Crave. For the case of Mo-Ti bilaminates, a 
larger precursor decay as well as a lower frequency of the late-time dispersive waves 
is observed. Also, consistent with (3.3) and (3.7), the time difference between the 
arrival of the leading wave front and the late-time dispersive wave is much longer 
in the case of Mo-Ti laminates when compared with the Fe—Ti laminates. It is also 
interesting to note that for both cases the late-time dispersive waves show steady 
wave profiles with increasing distance of propagation into the bilaminates. 

Figure 3.8 shows the effect of the layer thickness on the elastic precursor decay 
and late-time dispersion during propagation of stress waves in Ti—Fe laminates. Re- 
sults for three different layer thicknesses are presented: 0.75, 1.5, and 2.25mm. As 
expected, the arrival of the elastic precursor at x, = 9mm occurs at the same time 
for the three different laminate architectures. However, the laminates with largest 
layer thickness, that is, 2.25 mm, shows the smallest elastic precursor decay, while 
the laminate with the smallest layer thickness, that is, 0.75 mm, shows the highest 
precursor decay. The late-time dispersive wave for the smallest layer thickness lam- 
inates contain the highest frequency oscillations while the largest layer thickness 
laminates contain the lowest frequency oscillations. Also, the risetime associated 
with the late-time dispersive wave decreases with layer thickness and an increase in 
the density of interfaces (i.e., number of layers in a given laminate thickness). 
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Fig. 3.8 Effect of layer thickness on the elastic precursor and the late-time dispersion for Fe-Ti 
laminates 
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Fig. 3.9 Wave front and late-time dispersion results for AI-PC bilaminates 


Figure 3.9 shows the wave front as well as the late-time solution for the AlI-PC 
laminate for x, = 0.5, 1, and 1.5mm. The impedance mismatch for the Al-PC 
material pair is 8.3. The thickness of each Al and PC layer is 0.125 mm. Because of 
the relatively high impedance mismatch between the Al and PC layers, and also the 
viscoelasticity associated with PC, a very strong elastic precursor decay is observed; 
so-much-so that the elastic precursor is reduced to approximately zero as the stress 
wave propagates only 0.5 mm into the laminate. This is seen more clearly from the 
insert in Fig.3.9, which shows the early parts of the wave profiles for the three 
thicknesses. Also, it is interesting to observe that the frequency of the oscillations in 
the late-time dispersive wave solution is much smaller when compared to the lower 
impedance mismatch Mo-Ti and Ti—Fe material pair laminates. 

Figure 3.10 compares the late-time dispersion characteristics for several select 
material pairs with different impedance mismatch laminates. Because of the depen- 
dence of cLaye on the impedance mismatch, the dispersion profiles have been shifted 
in time so as to start at the same point in time. The late-time dispersion profiles 
can be characterized by the risetime and the frequency of the oscillations contained 
in the wave profiles. The risetime of the dispersion waves is observed to increase 
with an increase in impedance mismatch, while the frequency of the oscillations 
decreases with an increase in the impedance mismatch. Also, the late-time disper- 
sive wave oscillates about the mean level corresponding to the input stress. The 
maximum amplitude of the late-time dispersion wave is ~ 1.309, and is observed to 
be independent of the impedance mismatch of the elastic—elastic laminates. Also, 
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Fig. 3.10 Characteristics of late-time dispersion for select material pairs with different impedance 
mismatch 


it is interesting to note the effect of material inelasticity on the dispersion char- 
acteristics of the late-time wave profiles. With an increase in the ratio between the 
instantaneous modulus to the rubbery modulus, the risetime associated with the late- 
time dispersive waves is observed to increase while the frequency of the oscillations 
decreases. 


3.3. Plate Impact Experiments on GRP Composites 


3.3.1 Material: GRP Composites 


In the present investigation, two different GRP composites were investigated: (a) 
$2-glass woven roving in Cycom 4102 polyester resin matrix and (b) a balanced 
5-harness satin weave E glass in a Ciba epoxy (LY564) matrix. The S2-glass GRP 
was fabricated at the Composites Development Branch, US Army Research Labo- 
ratory, Watertown, MA, USA, while the E-glass GRP composite was fabricated by 
the DRA Land Systems, Great Britain. The S2-glass fibers (in which “S” stands for 
higher-strength glass fiber) are known to be stronger and stiffer than the E-glass 
fiber reinforcement — they have a 40% higher tensile strength, 10-20% higher 
compressive strength, and much greater abrasion resistance when compared to the 
E-glass fibers. 

The S2-glass GRP composite specimens used in the present study were made 
from S2-glass woven roving in CYCOM 4102 polyester resin matrix with a resin 
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content of 32 + 2% by weight. The individual laminate plies were 0.68 mm in 
thickness. Composites of the desired thickness were manufactured by stacking an 
appropriate number of plies in a +90° sequence. The final density of S2-glass GRP 
was 1.959 + 0.043 kg/m?, while the longitudinal wave speed in the composite ob- 
tained from phase velocities of ultrasonic waves was 3.2 £0.1 km/s in the thickness 
direction (Dandekar et al. 1998). 

The E-glass laminates composed of a balanced 5-harness satin weave E-glass 
with Ciba epoxy (LY564) as the matrix. The resin content was 50% by volume. The 
individual laminate plies were 1.37 mm in thickness. The composite was manufac- 
tured by using the resin transfer molding process, in which an appropriate number 
of plies were stacked in +90° sequence to achieve the desired thickness. A low 
cure-time and temperature was used to produce a reasonably tough matrix. The fi- 
nal density of the E-glass GRP was 1.885 kg/m, while the longitudinal wave speed 
in the composite was 3.34 km/s in the thickness direction. 


3.3.2 Plate Impact Shock Compression Experiments: 
Experimental Configuration 


The plate impact shock compression experiments were conducted using the 
82.5mm single-stage gas-gun at CWRU. The experiments involve the normal 
impact of a flyer plate with the GRP target. The shock-induced compression waves 
in the GRP are monitored at the free surface of the target by means of a multibeam 
VALYN™ VISAR system. A COHERENT VERDI 5W solid-state diode-pumped 
frequency doubled Nd: YVO4 CW laser with wavelength of 532 nm is used to pro- 
vide a coherent monochromatic light source. The schematic of the plate impact 
experimental configuration is shown in Fig.3.11. A fiberglass projectile carrying 
the flyer plate is accelerated down the gun barrel by means of compressed helium 
gas. Rear-end of the projectile has sealing O-ring and a plastic (Teflon) key that 
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Fig. 3.11 Schematic of the plate impact shock compression experiments 
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slides in a key-way inside the gun barrel to prevent any rotation of the projectile. 
Impact is made to occur in a target chamber that has been evacuated to 50 ttm of Hg 
prior to impact. A laser-based optical system, utilizing a UNIPHASE helium—neon 
5 mW laser (Model 1125p) and a high-frequency photo-diode is used to measure the 
velocity of the projectile. To ensure the generation of plane-waves, with wave front 
sufficiently parallel to the impact face, the flyer and the target plates are aligned 
carefully to be parallel to within 2 x 10~> rad by using an optical alignment scheme 
Kim et al. (1977). The actual tilt between the two plates is measured by recording 
the times at which four, isolated, voltage-biased pins, that are flush with the surface 
of the target plate, are shorted to ground. The acceptance level of the experiments is 
of the order of 0.5 mrad. 


3.3.3 Plate Impact Spall Experiments: Experimental 
Configuration 


To conduct the plate impact spall experiments, a thinner metallic flyer plate (Al 
7075-T6) is impacted with a thicker GRP target plate at both normal and oblique 
incidence. Figure 3.12 shows the schematic of the experimental configuration used 
for the combined pressure-shear plate impact spall experiments. For the case of the 
normal plate impact spall experiments, the skew angle of the flyer plate is zero. 
The multibeam VALYN VISAR™ is also used to measure the history of the normal 
particle velocity at the rear surface of the target plate. 


3.3.3.1 t-x Diagram (Time vs Distance) and S—V Diagram 
(Stress vs Velocity) for Plate Impact Spall Experiments 


A schematic of the time versus distance diagram (t—x diagram), which illustrates the 
propagation of compression waves and tensile waves through the target and flyer 
plates, is shown in Fig. 3.13. The abscissa represents the distance in the flyer and 
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Fig. 3.12 Schematic of the plate impact spall experiments 
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Fig. 3.13 Time—distance diagram showing the wave propagation in the flyer and the target plates 
for plate impact spall experiments 


the target plates from the impact surface while the ordinate represents the time after 
impact. On impact of the flyer and the target plates, two compressive waves are 
generated. These waves propagate from the impact surface into the flyer and the 
target plates with wave speeds that are characteristic of the flyer and target plate 
materials. Since the flyer has a smaller thickness than the target and the Al alloy 
flyer has a higher longitudinal wave speed (6.23 km/s) than that of the GRP targets, 
the compressive wave in the flyer reflects as a release wave from its free surface, part 
of which is transmitted into the GRP target plate. Similarly, the compressive wave in 
the target reflects from its back surface as a rarefaction wave and interacts with the 
release wave from the flyer to generate a state of tensile stress at a predetermined 
plane in the target (represented as State 7 in the target). If the amplitude of the 
tensile wave is large enough, the GRP target will undergo spall failure. Since the 
spall failure is associated with the creation of a free surface, the tensile stress wave 
is reflected back from this surface as a compression wave, as shown in Fig. 3.13. 
Figure 3.14 shows the details of the locus of the stress and particle velocity states 
that can be attained during a typical plate impact spall experiment. The abscissa 
represents the particle velocity in the target and the flyer plates, while the ordinate 
represents the stress in the target and flyer plates. For the case in which the spall 
strength is larger than the tensile strength, the stress and particle velocity in the 
GRP moves along the dashed lines from State (3.5) to the no-spall state denoted by 
State (7). However, if the tensile stress is greater than the spall strength of the GRP 
(Gspan indicated by the short dashed lines), the GRP will spall and the tensile stress in 
State (7) will unload to the stress free state denoted by State (7’ ). The compressive 
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Fig. 3.14 Stress—velocity diagram showing loci of stress and particle velocity states that can be 
achieved in a typical spall experiment 
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Fig. 3.15 Schematic of the shock—reshock and shock release experiments 


“end of spall’ wave from State (7') arrives at the free surface of the GRP and brings 
the free-surface particle velocity to State (10), which is the same as that in State (6) 
and also in State (7’). The free-surface particle velocity in States 6, 7’, and 10 is 
referred to as Vinax, and the corresponding free-surface particle velocity in State (8) 
is referred to as Vinine Vmax and Vmin can be used to determine the spall strength in 
the GRP. 


3.3.4 Shock—Reshock and Shock Release Experiments: 
Experimental Configuration 


Figure 3.15 shows the schematic of the experimental configuration used for shock— 
reshock and shock release experiments. In these experiments, a dual flyer plate 
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assembly is used. The shock—reshock experiments were conducted by using a pro- 
jectile faced with a GRP plate and backed by a relatively high shock impedance 
Al 6061-T6 plate; for the shock release experiments, the GRP was backed by a 
relatively lower impedance PMMA plate. The target comprises a disk machined 
from the GRP under investigation, which is backed by a PMMA window to prevent 
spall. Before gluing the PMMA window to the GRP disk, the bonding surface of 
the PMMA is lapped and coated with approximately 100-nm-thick aluminum layer 
by vapor deposition to make it a diffusively reflecting surface. The VISAR probe is 
then focused on the diffuse interface and used for monitoring the shock wave profile 
at the GRP/window interface. 


3.3.4.1 t-x Diagram for Shock—Reshock and Shock Release Experiments 


A schematic of the t—x diagram, which illustrates the propagation of shock waves 
through the target and flyer plates during the shock—reshock and shock release ex- 
periments is shown in Fig.3.16. The abscissa represents the distance in the flyer 
and the target plates from the impact surface while the ordinate represents the time 
after impact. The initial shock in the flyer reflects from the GRP/A16061-T6 or 
GRP/PMMaA interface as a reshock or release wave (which converts the material 
stress state from State 3 to State 4), as shown in Fig. 3.16, and then propagates to- 
ward the GRP/PMMA window interface. As indicated in the t—x diagram, the GRP 
is shock loaded to State 3, reshocked or released to State 4, which is recorded as 
States 5 and 7 at the GRP/PMMA window interface. 
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Fig. 3.16 ¢—x diagram for shock—reshock and shock release experiments 
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3.4 Target Assembly 


In all experiments, the Al 7075-T6 and D7 tool-steel flyer plates were 3 in. in di- 
ameter, while the GRP plates were 54mm x 54mm in square. The target holder 
was made of aluminum. Besides being useful in holding and aligning the target, the 
target holder also provides the ground for the trigger and the tilt pins. The GRP spec- 
imen and the ground and the trigger pins are all glued in place by epoxy and lapped 
flush with the impact surface, shown face-down in Fig. 3.17. A thin aluminum coat- 
ing is applied to either the rear surface of the GRP specimen or the interface between 
the GRP target plate and the PMMA window plate to facilitate laser-based diagnos- 
tics using the multibeam VALYN™ VISAR. 


3.5 Experimental Results and Discussion 


3.5.1 Plate Impact Shock Compression Experiments 


In this study, a series of plate impact experiments were conducted to better un- 
derstand the structure of shock waves in the $2-glass GRP under normal shock 
compression. Four different thicknesses of S2-glass GRP specimens (i.e., 7, 13.5, 
and 20mm) were utilized for characterization. In the experiments, the amplitude 


Hole for Target 


Fig. 3.17 Photograph of a typical target assembly showing the GRP specimen, the aluminum ring 
holder and the tilt and trigger wires 
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of the shock compression was varied from 0.03 to 2.6GPa. The results of these 
experiments are analyzed to understand the structure of the shock waves in the GRP 
as a function of impact velocity and the distance of shock wave propagation. More- 
over, the experimental shock data is analyzed to estimate the EOS (shock velocity vs 
particle velocity), the loci of Hugoniot stress versus Hugoniot strain and the HEL. 


3.5.1.1 Structure of Shock Waves in the GRP 


From the results of the plate impact shock compression experiments, the structure 
of the shock waves in the GRP are obtained at stress levels in the range 0.03- 
2.6 GPa. Details of the calculations for determining the impact stress can be found 
in previous published work (Yuan et al. 2007). Figure 3.18 shows the free-surface 
particle velocity versus time profiles obtained from the four plate impact experi- 
ments with different thickness target plates. In these experiments, the amplitudes of 
shock compression were 865, 824, 874, and 842 MPa, respectively. A distinct knee 
in the velocity time profile is observed during the risetime of the particle velocity 
profiles in each of the four experiments. The slope of the velocity—time profiles af- 
ter this knee decreases with the thickness of the GRP target, that is, with distance 
of wave propagation. The stress level at which this slope change occurs decreases 
with increasing GRP thickness. This phenomenon is similar to the elastic-precursor 
decay observed in elastic—viscoplastic materials, and in the case of the S2-glass re- 
inforced polymer composites is understood to be due to a result of both material 
and geometric dispersion of the shock wave. The effect becomes more prominent 
as the thickness of the GRP target increases. Following the knee, the shock wave 
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Fig. 3.18 Particle velocity profiles obtained from the four plate impact experiments conducted on 
different thickness GRP target plates 
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Fig. 3.19 Free-surface velocity profiles during five different shock-loading on approximately 
7-mm §2-glass GRP specimens and the dashed lines represent the elastic estimate level 


is observed to rise to an equilibrium plateau level. It is interesting to note that the 
stress levels at equilibrium are nearly the same in all the four experiments. 

The free-surface particle velocity profiles in GRP targets with nearly the same 
thickness were also used to establish the relationship between the shock stress and 
the structure of shock waves in the GRP. Figure 3.19 shows the free-surface velocity 
profiles at five different levels of shock stress for approximately 7-mm-thick GRP 
specimens. The abscissa represents the time after the arrival of the shock waves 
at the free surface of the target plate and the ordinate represents the free-surface 
particle velocity. It should be noted that in experiments with impact stresses less than 
1.5 GPa, the shock front is not observed, while in experiments with impact stresses 
greater than 2.0 GPa the presence of shock front is clearly evident. Moreover, the 
slope of wave front increases with the increasing impact stress. Barker et al. (1974) 
proposed the idea of “critical amplitude,” which represents the specific shock stress 
for a clear shock front to appear during shock loading for a variety of materials 
of interest. In this regards, the critical stress amplitude for the S2-glass GRP is 
estimated to be between 1.5 and 2.0 GPa. 

In Fig. 3.19, the black circular markers indicate the position at which the slope 
of the particle velocity profiles changes during the risetime. It should be noted that 
these markers do not indicate the HEL of the composites, and the origin of the 
change of slope at the black markers is likely due to the viscoelastic response of the 
polymer layers. Moreover, because of the layered architecture of the composite and 
the inelasticity of polymer matrix, the shock waves do not develop a sharp-fronted 
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Fig. 3.20 Selective free-surface velocity profiles for approximately 13-mm S2-glass GRP speci- 
mens under different levels of shock compression loading. The dashed lines represent the elastic 
estimate levels 


wave. Rather, the wave profiles gradually approach the equilibrium level — like in 
experiments LT30, LT31, and LT48; or overshoot the equilibrium level then settle 
down to the equilibrium level — like in experiments LT25 and LT47. According to 
Sve (1972), whether the wave fronts approach the equilibrium level gradually or 
over-shoot the equilibrium level depends on the relative importance of two compet- 
ing attenuation mechanisms. When the inelasticity in polymer layers is the dominant 
factor, the shock front approaches the equilibrium level gradually; otherwise, when 
the layered structure is the dominant factor the shock front overshoots the equilib- 
rium level. 

Figure 3.20 shows the free-surface particle velocity profiles from select exper- 
iments conducted at the different impact velocities on 13-mm-thick S2-glass GRP 
specimens. The dashed lines indicate the elastic prediction for the experiments as- 
suming the flyer plate and the GRP to remain elastic. The change in slope of wave 
front with increasing shock compression is quite evident. Moreover, the oscillatory 
nature of the shock wave profile can be clearly observed in the experiments. Besides 
the experiment with the lowest compression stress, that is, Shot LT38, the experi- 
ments shown in Fig.3.20 can be categorized into three main groups based on the 
level of the shock stress imparted to the composite: experiments with shock stresses 
below 350 MPa, shock stress between 350 and 700 MPa, and shock stresses above 
700 MPa and less than 1 GPa. None of the experiments show a clear shock front; 
however, the change in slope of the wave front with increasing impact stress is quite 
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evident. Besides the increase in slope at the wave front, the difference in the num- 
ber of oscillations in the late-time particle velocity versus time profiles for the three 
impact velocity regimes is quite evident. 

Thus, in summary, shock wave attenuation with increasing distance of shock 
wave propagation (target thickness) was not observed in the $2-glass GRP. The 
results of the present experiment indicate that with increasing levels of shock com- 
pression the slope of shock front increases continuously. Also, the amplitude of 
the oscillations in the wave profiles decreases with increasing levels of shock com- 
pression. In this regards, it could be argued that at the lower impact stresses the 
layered structure dominates the late-time wave profiles; however, at higher impact 
stresses the inelasticity of constituent materials dominate the S2-glass GRP’s shock 
response. 


3.5.1.2 EOS for the S2-Glass GRP 


Figure 3.21 shows the EOS data obtained for the S2-glass GRP from the present 
experiments and from Dandekar et al. (2003a). It also shows that the EOS data 
for the GRP constituent materials, that is, the S2-glass and polyester (Marsh 1980; 
Silling et al. 1994). The combined data shows that when the shock stresses are be- 
low 3 GPa, the EOS is essentially linear and lies between the EOS of S2-glass and 
the polyester materials. However, the slope of the shock velocity versus particle 
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Fig. 3.21 Shock velocity versus particle velocity for the S2-glass GRP and its component materi- 
als: S2-glass and polyester 
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Fig. 3.22. Shock velocity versus particle velocity for the S2-glass GRP composites 


velocity line obtained in this study is not as steep as that obtained by Dandekar 
et al. (2003a) at higher levels of shock compression. Moreover, the slope of the 
EOS for the S2-glass GRP is smaller than that of the EOS for the two constituents, 
that is, the S2-glass and polyester. This is probably because in monolithic materials, 
that is, in S2-glass and polyester, there are much fewer defects (e.g., voids, complex 
polymer/glass interfaces, etc.) when compared to those in the GRP. 

To estimate the EOS for the S2-glass GRP over a larger range of shock stress 
range, the data from Dandekar et al. (1998, 2003a) were combined with the data 
obtained in this study. This combined data is shown in Fig. 3.22. Linear fit of the 
three sets of experimental data shows that the shock velocity versus the particle 
velocity relationship in S2-glass GRP in the shock compression range 0.04—20 GPa 
and can be described by 


U, = Co + Sup = 3.228 + 0.996up. (3.8) 

In (3.8), Co = 3.228 km/s, which is close to the ultrasonic wave velocity mea- 

surement of 3.21+ 0.012 km/s in the S2-glass GRP by Dandekar et al. (1998) along 
the impact direction. 


3.5.1.3. Hugoniot Stress Versus Hugoniot Strain (Hugoniot) 


From the Rankine—Hugoniot conservation relations, the relationship between stress 
and strain immediately behind wave front can be established. This stress versus 
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strain relationship is generally referred to as the Rankine—Hugoniot equation, or 
simply as the “Hugoniot” From the Rankine—Hugoniot conservation relationships, 
it can be shown that the Hugoniot stress, oy, can be determined from shock velocity 
U, and particle velocity up, as 


OH = poUsup. (3.9) 
Also, the Hugoniot strain, ¢4, can be expressed as 


peas eee (3.10) 


p 
Using the Rankine—Hugoniot conservation of mass, the relationship between 
mass density, shock velocity, and particle velocity can be expressed as 


= 
[= a (3.11) 


Using (3.10) and (3.11) the Hugoniot strain, ¢4, can be determined from shock 
velocity and particle velocity as 


2 (3.12) 
E —i aa fe 
H ia 

Combining (3.9), (3.12), and the EOS, the relationship between oy and ey can 
be expressed in terms of the sound velocity at zero pressure Co, and the empirical 

constant S, as 

Po Ge EH 
on = ———; 3.13 
H (Sen? (3.13) 
The Hugoniot stress and strain states obtained from using data from the present 
experiments and (3.9) and (3.12) are shown in Fig. 3.23. The dashed line represents 
the linear fit to the Hugoniot stress versus Hugoniot strain data, while the solid line 
represents the relationship between Hugoniot stress and Hugoniot strain calculated 
using (3.13) and the EOS determined from (3.8) in Sect. 3.5.1.2. The concave-up 
shape of Hugoniot curve is more evident in Fig. 3.24, which includes shock data in 
the higher stress range from Dandekar et al. (1998, 2003a). Although the data shows 
good agreement with the linear fit at lower stress levels, the Hugoniot stress versus 
strain curve describes the experimental data more accurately over the entire range 
of stress. 


3.5.1.4 Hugoniot Stress Versus Particle Velocity 


By utilizing the Rankine—Hugoniot relationship (3.9) and the EOS, the relationship 
between Hugoniot stress and particle velocity can be written as 


On = po(Co + Sup) up. (3.14) 
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Fig. 3.23 Hugoniot stress versus strain of S2-glass GRP in the present study. The linear fit indi- 
cates that the Hugoniot stress versus strain follows a linear relationship in the test range 
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Fig. 3.24 Hugoniot stress versus strain for S2-glass GRP with linear and third order polynomial fit 
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Fig. 3.25 Hugoniot stress versus particle velocity data of the S2-glass GRP 


This relationship can be determined as long as the sound velocity at zero pres- 
sure Co, and the empirical constant, S, in the EOS are known. Figure 3.25 shows the 
Hugoniot stress versus particle velocity data from all the S2-glass GRP experiments 
conducted in this study, and from Dandekar (2003a) and Dandekar et al. (1998). 
The solid line represents the calculated Hugoniot stress versus particle velocity 
curve obtained using (3.14), while the dashed line represents the elastic prediction 
for the stress and particle velocity based on the acoustic impedance of the GRP. 
As predicted, the Hugoniot stress versus particle velocity curve obtained by using 
(3.14) conforms well to the various data sets and has the regular concave-up pro- 
file. The dashed-line was drawn to identify the elastic-limit in GRP under the shock 
loading conditions. Combining experimental data from the present research with 
that of Dandekar (2003a), the HEL can be identified as the deviation of the elastic 
estimate (dashed line) with the Hugoniot stress versus particle velocity curve, and 
is estimated to be approximately 1.6 GPa for the S2-glass GRP. 


3.5.2 Plate Impact Spall Experiments 


A series of plate impact experiments designed to study spall strength in GRP com- 
posites. Two GRP architectures are investigated — S2-glass woven roving in Cycom 
4102 polyester resin matrix and a balanced 5-harness satin weave E-glass in a Ciba 
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epoxy LY564 matrix. The spall strengths in these two composites were obtained as 
a function of the normal component of impact stress and the applied shear strain by 
subjecting the GRP specimens to shock compression and combined shock compres- 
sion and shear loading. The results were used to develop a failure surface for the 
two composites. 


3.5.2.1 Spall Strength Following Normal Shock Compression 


Figure 3.26 shows the spall strength data collected from all the normal plate im- 
pact experiments on the E-glass and the S2-glass GRP composites conducted in this 
work. The abscissa represents the impact stress while the ordinate shows the esti- 
mated spall strength. Among the seven normal plate impact experiments conducted 
on the S2-glass GRP composite in experiments LT38 and LT39 (impact stresses 
lower than 180 MPa), the resultant tensile stress was not sufficient to cause spall in 
the specimens. In experiments LT36, LT37, and LT40 (i.e., with impact stresses in 
the range from 180 to 500 MPa), a finite spall strength was measured. In experiments 
LT52 and LT53 (with impact stresses greater than 600 MPa), no pull-back signal in 
the free-surface particle velocity profile was observed, indicating that during shock 
compression the $2-glass GRP was damaged to such an extent that it could not sup- 
port any tensile stress (i.e., delamination of the composite occurred with a negligible 
spall strength). 
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Fig. 3.26 Spall strength versus impact stress obtained from the normal plate impact experiments 


3 Dynamic Response of Glass-Fiber Reinforced Polymer Composites 91 


In all the five normal plate impact spall experiments that were conducted on the 
E-glass GRP composite (impact stresses ranging from 330.7 to 2,213.8 MPa), a fi- 
nite spall strength was measured. Also, these levels of spall strength are significantly 
higher when compared to the spall strengths measured in S2-glass GRP composites. 
However, like in the case of the S2-glass GRP, the spall strengths in the E-glass GRP 
was observed to decrease with increasing levels of applied shock compression. 


3.5.2.2 Spall Strength of GRP Following Combined Shock Compression 
and Shear Loading 


To illustrate the effect of combined shock compression and shear loading on the 
spall strength, results of one normal impact and one oblique impact experiment 
on the E-glass GRP are presented in Fig. 3.27. The figure shows the free-surface 
particle velocity profiles for a normal plate impact experiment (FY06003) and a 
20° combined pressure-and-shear experiment (FY06010). The normal component 
of the impact stress for the two experiments, FY06003 and FY06010, were 978.0 
and 871.4MPa, respectively. The magnitude of the shear strain in the sample for 
experiment FY06010 was 1.465%. The shear strain was calculated by using the 
analysis by Dandekar et al. (1998). The spall strengths estimated in the two exper- 
iments with and without the presence of shear strain, that is, experiments FY06003 
and FY06010, were 105.1 and 40.4 MPa, respectively. From these results it is quite 
evident that the presence of shear strain decreases the spall strength of the E-glass 
GRP dramatically. 
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Fig. 3.27 Free-surface particle velocity profiles for experiments FY06003 and FY06010 
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Fig. 3.28 Spall strength as a function of the shear strain in the S2-glass GRP for selected experi- 
ments each having a normal component of the impact stress of about 200 MPa 


To illustrate the effects of the shear stress on the spall strength of the S2-glass 
GRP, results of four pressure-shear plate impact spall experiments (conducted at a 
normal impact stress of approximately 200 MPa) are shown in Fig.3.28. The ab- 
scissa represents the shear strain while the ordinate represents the spall strength. As 
seen from the figure, the spall strength in these experiments drops very rapidly, that 
is, from 39.4 MPa to essentially zero, as the shear strain is increased from 0.229% 
to 0.353%. These results indicate that for the E-glass GRP much higher levels of 
normal stress and shear strains are required to reduce its spall strength to essentially 
zero when compared to the S2-glass GRP. 

Figures 3.29 and 3.30 show the spall strengths as a function of the applied shear 
strain and the normal stress obtained from all the experiments conducted on S2-glass 
and the E-glass GRP composites. The abscissa represents the normal stress during 
impact while the ordinate represents the shear strain obtained in each experiment. 
The z-axis represents the spall strength. The failure surface shows that the spall 
strength decreases with increasing shear strain and with increasing normal stress 
for the two GRP composites. As noted earlier, the E-glass GRP shows much larger 
levels for the spall strength when compared to the $2-glass GRP. The maximum 
spall strength measured for the E-glass GRP was 119.5 MPa, whereas the maximum 
measured spall strength for the S2-glass GRP was 53.7 MPa. 
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Fig. 3.29 Spall strength illustrated in relationship with normal stress and shear strain for the 
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Fig. 3.30 Spall strength illustrated in relationship with normal stress and shear strain for the 
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3.5.3 Shock—Reshock and Shock Release Experiments 
on §2-Glass GRP 


In this study, two sets of shock—reshock and shock release experiments on the 
$2-glass GRP were conducted. The shock release experiment LT71 and the shock— 
reshock experiment LT73 were conducted at impact velocities of 252 and 264 m/s, 
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Fig. 3.31 Particle velocity at GRP/PMMA window interface versus time profile for experiments 
LT71 and LT73. The shot LT71 is shifted to the left to match the arrival time of the first shock wave 
with the shot LT73 


respectively. The shock release experiment LT76 and the shock—reshock experi- 
ment LT77 were performed at relatively higher impact speeds of 498 and 485 m/s, 
respectively. 

Figure 3.31 shows the particle velocity versus time profile at the GRP/PMMA 
window interface for experiments LT71 and LT73. The abscissa represents the time 
after impact, whereas the ordinate represents the measured particle velocity pro- 
file. The arrival times of shock and reshock/release waves do not exactly coincide 
because of small differences in the flyer and target thicknesses. The risetime associ- 
ated with the reshock waves as well as the fall-time associated with the release wave 
is much larger when compared to the rise of the first shock wave. Also, the oscilla- 
tory structure of the first shock Hugoniot state in the GRP is much less prominent 
in the reshock and release wave profiles. 

Figure 3.32 shows the particle velocity versus time profiles for experiments LT76 
and LT77. Again, because of the slight difference in the flyer thicknesses, the arrival 
times of the reshock and release waves do not coincide. Also, unlike in experiments 
LT71 and LT73, the risetime and the fall-times associated with the reshock as well 
as the release waves show small changes in slope compared with the risetime as- 
sociated with the first shock wave. Moreover, the oscillatory characteristics of the 
first shock Hugoniot state in the GRP was not as prominent as that observed in 
experiments LT71 and LT73. 
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Fig. 3.32 Particle velocity at GRP/PMMA window interface versus time profile for experiments 
LT76 and LT77. The shot LT76 is shifted to the left to match the arrival time of the first shock wave 
with the shot LT77 


3.5.3.1 Self-Consistent Dynamic Shear Yield Strength Determination 
Method 


For most materials (except most ceramics), the yield strength is typically less than 
1 GPa; when shock compressed to above 10 GPa, the stress component normal to 
the shock front (which is an experimentally determined quantity) is often taken to 
be equal to the mean stress. This approximation is understood to be within exper- 
imental error in shock wave experiments. However, recent results of shock wave 
studies suggest this assumption may not be valid; the dynamic shear yield strength 
of a solid under shock compression is given by the difference between the dynamic 
compressibility curve obtained under uniaxial strain conditions, also referred to as 
the Hugoniot curve, and the hydrostat, which is either measured directly or deter- 
mined by extrapolating the pressure volume behavior of the material determined 
at lower hydrostatic pressures. Based on von Mises yield criteria, the difference be- 
tween the Hugoniot stress and the hydrostatic pressure curve is defined as two thirds 
the dynamic shear yield strength. 

Fowles (1961) determined the shear strength of annealed Al 2024 when com- 
pressed to about 5GPa by comparing the recorded shock impact stress with the 
predetermined hydrostat curve of annealed Al 2024. He successfully showed that at 
the same compression strain the stress normal to the shock front is larger than the 
hydrostatic pressure by an amount equal to its shear strength, that is, two thirds of 
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the dynamic yield strength. But in Fowles’ (1961) method, a predetermined hydro- 
stat curve was required. Later, Asay and Lipkin (1978) proposed a self-consistent 
technique for estimating the dynamic yield strength of a shock-loaded material by 
utilizing shock—reshock and shock release experimental data from a desired com- 
pression state. Asay and Chhabildas (1981) utilized this technique to study the 
variation of shear strength in Al 6061-T6 under shock compression stress ranging 
from about 8 to 40GPa. They found that the shear strength of Al 6061-T6 during 
shock compression increased with increasing shock stress. Reinhart and Chhabil- 
das (2003) also used this self-consistent technique to investigate the shear strength 
of AD995 alumina in the shock state over the stress range of 26-120 GPa; they 
found that the shear strength of AD995 alumina also increased with increasing 
shock stress. 

Plate impact experiments are often used to generate high strain rate uniaxial 
strain conditions in materials. For uniaxial strain in the x-direction, the state of 
stress during shock compression is given by 


c= = = (3.15) 


where Tt is the resolved shear stress; 0, represents the longitudinal stress; and oy 
and o,, represent the lateral stresses in the specimen. In accordance to the von Mises 
yield criterion, if the stress state is on the yield surface, the shear stress attains its 
maximum value, t,, which is the shear strength. Since in plate impact experiments, 
under uniaxial strain conditions, the lateral stresses 0, = o,, the mean stress in the 
shocked state can be expressed as 


1 
o= 3 x + 2oy). (3.16) 


From (3.15) and (3.16), the longitudinal stress o, and the lateral stress o can be 
expressed in terms of the mean stress and the shear stress as 


Ql 
+ 
WIN wl 


Oy = (3.17) 


s 


(3.18) 


Ql 
| 


Oy = 


si 


In most typical normal plate impact gas-gun experiments, only the longitudinal 
stress is measured and so it is necessary to infer the shear stress and/or material 
strength indirectly. For estimating the shear stress in the shocked state, it is often 
assumed that the mean stress can be approximated from low pressure quasi-static 
measurements. This procedure is not accurate at high pressures due to uncertain- 
ties in extrapolating low pressure response and also because thermal effects must 
be explicitly accounted for when estimating hydrostatic response. Conversely, if 
Hugoniot data are used to estimate the mean stress, 0, the influence of a finite shear 
strength contribution to the Hugoniot requires consideration. 
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Fig. 3.33 Stress versus strain states for a pair of reshock/release experiments loading or unloading 
from the same Hugoniot state 


A more direct approach is to estimate shear stress in the shocked state. Taking 
the derivative of (3.17) with respect to engineering strain, ¢, yields 


dox do 4dr 
= . 3.19 
de de a 3 de ( ) 


As will be shown later in this section, the relation allows for the determination of 
the shear stress from shock wave measurement without recourse to other data. 

Figure 3.33 illustrates graphically the response expected if a material is shocked 
to an initial longitudinal stress, oy. Initial yielding is assumed to occur at the HEL 
and steady shock compression proceeds along the Rayleigh line to a point on the 
solid Hugoniot. At the Hugoniot stress oy, there is a deviatoric stress offset of 
(4/3)t from the mean stress. In the idealized elastic—plastic theory, ty is equal 
to the maximum shear strength, t,. However, due to possible transient softening ef- 
fects during the initial compression process or to time-dependent hardening effects 
in the shocked state, the shear stress in the shocked state, ty, may differ from the 
maximum stress, T,, the material can support. 

In view of (3.17), the relation between the Hugoniot stress oy, mean pressure 0, 
and shear stress Ty is given by 


3 
TH = 7 (OH = G). (3.20) 
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Equation (3.20) yields the following relations 


4 
on = 5 + 51, (3.21) 
_ 4 
Omax = 0 + 3% (3.22) 
_ 4 
Onin = 0 — 3 (3.23) 


In (3.22) and (3.23), Omaxand Omin are the maximum and the minimum stresses at 
the common Hugoniot strain ey, and are estimated along with the shear stress in the 
shocked state ty, and the shear strength, t,, by employing a combination of shock re- 
lease and shock—reshock experiments from approximately the same “First Hugoniot 
Shocked State.” If the material is released from the initial Hugoniot Shocked State 
ou, (3.17) should apply continuously as the shear stress varies from its initial value 
Ty, to a final value, —t,., corresponding to reverse yielding. For the sake of dis- 
cussion, reverse yielding is assumed to occur at State 2 along the unloading path. 
Similarly, during reshock from oy, the shear stress increases from its initial value 
TH < Tc, to the shear strength. 

Combining (3.21) and (3.23), the following equations can be obtained 


3 

To + TH = rh = Omin): (3.24) 
3 

To — TH = 7 Cmax = On), (3.25) 


where the critical strength Yc is defined as 


3 
Yo= 2 = 7 max = Omin)- (3.26) 


3.5.3.2. Calculation of Off-Hugoniot States for Reshock/Release Loading 
An approach that employs the incremental form for stress and strain, both related 


to the corresponding Lagrangian velocity, was used for calculating the off-Hugoniot 
states of reshock/release loading 


=>. a (3.27) 


In (3.27), po is the initial material density; up, is the particle velocity; and C_ is 
the Lagrangian wave speed. 
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The particle velocity u, was calculated from the measured particle velocity at the 
GRP/PMMA window interface by using the relation 


Urs (ZpwmMa + Zerp) 
_ 3.28 
aa ZoGrP ee) 


where u;; is the measured particle velocity at the GRP/PMMA window interface, 
Zpwma is the shock impedance for the PMMA window, and Zogrp is the shock 
impedance for the GRP. 

The Lagrangian velocity C,, was calculated using 


or 


Ch (urs) = [T a At (urs) — lise — 25p/ Ueril , 


(3.29) 


In (3.29), T is the arrival time of the reshock/release front at the rear surface of 
the GRP target; tise is the risetime for the first shock state due to the layer structure 
of the GRP; dr and dp are the GRP target and the flyer thickness, respectively; and 
Ues; is the effective shock wave speed. 

The effective shock velocity Ue was introduced by Reinhart and Chhabil- 
das (2003) to take into account a single shock wave traversing at an effective shock 
velocity in the flyer. It is calculated by using the relation 


aes (3.30) 
PouH 


In (3.30), o4 and uy represent the stress and particle velocity of the first shock 
state, respectively. 

The off-Hugoniot stress versus strain curves for experiments LT71, LT73, LT76, 
and LT77 from the “First Hugoniot Shocked State” are presented in Fig. 3.34. 
The abscissa represents the engineering strain and the ordinate represents the nor- 
mal stress along impact direction. The four circles represent the first Hugoniot 
shock state. For higher impact stress experiments, LT76 and LT77, the path of 
the off-Hugoniot states was observed to deviate much more from the calculated 
Hugoniot curve when compared with the lower impact velocity experiments, 
LT71 and LT73. Some previous reshock/release tests on aluminum, alumina 
(Asay and Chhabildas 1981; Reinhart and Chhabildas 2003) and silicon carbide 
(Dandekar 2003b) showed elastic reshock as well as elastic release at the leading 
edge of the reshock/release waves. But there is no indication of elastic precursor in 
the reshock waves or elastic release in the release waves at the leading front when 
reshock/release waves arrive in GRP materials. The leading edge of reshock/release 
waves travels much faster than the first shock wave because the polymer compo- 
nent in the GRP is compressed during the first shock wave and makes the material 
denser. 
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Fig. 3.34 Stress versus strain curves for experiments LT71, LT73, LT76, and LT77 


3.5.3.3 Determination of the Critical Shear Strength in the Shocked State 
for S2-Glass GRP 


Figures 3.35 and 3.36 illustrate the calculating of the critical shear strength of 
the S2-glass GRP. In the figures, States | and 2 are defined as maximum or min- 
imum shear stress states because the Lagrangian wave velocity reduces to the bulk 
wave speed at these states, that is, the reshock and release curves intersect with the 
+t, dashed Hugoniot lines (parallel to the Hugoniot curve). Once states 1 and 2 
are decided, the maximum and the minimum stresses, Omax and Opin can be calcu- 
lated graphically (Reinhart and Chhabildas 2003). Finally, the critical shear strength 
(Yc = 2t,) can be calculated from (3.26). 

The critical shear strength increased from 0.108 to 0.682GPa when the first 
Hugoniot stress increased from 0.85 to 1.7 GPa. As noted earlier, the S2-glass GRP 
used in this study has polyester resin matrix with a resin content of 32 +2% by 
weight; in general, polymeric systems exhibit high hydrostatic pressure and nor- 
mal stress dependency of their flow and fracture behavior (Bowden and Jukes 1972; 
Mehta and Prakash 2002). Moreover, damage in GRP materials is complicated by 
the presence of additional heterogeneities, and failure under impact loading is under- 
stood to proceed by various mechanisms; the incident energy is dissipated through 
the spread of failure laterally as well as through the thickness. It is envisioned that 
multiple factors such as rate and pressure dependence of the polyester resin com- 
bined with the complex damage modes in the GRP are collectively responsible for 
the increasing critical shear strength with increasing impact stress. 
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Fig. 3.35 Stress versus strain curves for experiments LT71 and LT73 


Shot LT77 (Reshock) 
Omax te? © 


a 
a 


Opp TH Ey 


Stress (0,,) GPa 


Omin? —Ter 
State 2 


Shot LT76 (Release) 


0.05 0.06 0.07 0.08 0.09 0.1 
Strain (4) 


Fig. 3.36 Stress versus strain curves for experiments LT76 and LT77 
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3.6 Summary 


Synthetic heterogeneous systems, for example, layered composite materials with 
organic matrices reinforced by GRP, are attractive materials for a variety of 
lightweight armor applications. In an attempt to better understand the dynamic 
response of GRPs under shock wave loading, several series of plate impact experi- 
ments were conducted on two different architectures of the GRP — S2-glass woven 
roving in Cycom 4102 polyester resin matrix and a balanced 5-harness satin weave 
E-glass in a Ciba epoxy (LY564) matrix. 

Analytical techniques were used to better understand the structure of stress 
waves in layered elastic—elastic and/or elastic—viscoelastic bilaminates. The analysis 
makes use of the Laplace transform and Floquet theory for ODEs with periodic co- 
efficients. Both wave front and late-time solutions for step-pulse loading on layered 
half-space are compared with the experimental observations. The results of the study 
indicate that the structure of acceleration waves is strongly influenced by impedance 
mismatch of the layers constituting the laminates, density of interfaces, distance of 
wave propagation, and the material inelasticity. The speed of the elastic precursor is 
independent of the impedance mismatch of the individual laminae constituting the 
bilaminates and is equal to the average wave speed within the bilaminates. The speed 
of late-time dispersive wave is observed to decrease with an increase in impedance 
mismatch; however, it is found to be independent of the density of interfaces, that is, 
the number of layers in a given thickness laminate. The decay in elastic precursor is 
observed to increase with an increase in impedance mismatch, the density of inter- 
faces, and the distance of wave propagation. Moreover, the risetime of the late-time 
dispersion waves increases with an increase in impedance mismatch; however, it is 
observed to decrease with an increase in the density of interfaces. The frequency of 
oscillations of the late-time dispersive wave is observed to decrease with an increase 
in impedance mismatch; however, it is observed to increase with an increase in the 
density of interfaces. 

To understand the shock response of the $2-glass GRP, plate impact experiments 
were conducted to study its dynamic response under shock stresses ranging from 
0.04 to 2.6GPa. By varying the thickness of S2-glass GRP plates and the shock 
compression stress, the structure of shock waves and the effects of shock compres- 
sion in S2-glass GRP were investigated. No elastic precursor was observed in the 
$2-glass GRP, and weak late-time oscillations were observed at low stress range. 
Moreover, no attenuation in shock wave was observed in the S2-glass GRP as a 
function of increasing distance of wave propagation. The slope of shock wave front 
was observed to increase continuously with increasing levels of shock compression. 
The amplitude of the oscillations in the wave profiles were observed to decrease 
with increasing levels of shock compression. The critical shock amplitude for GRP, 
which represents the specific shock stress for a clear shock front to appear dur- 
ing shock wave loading, was observed to be between 1.5 and 2.0GPa. Although 
shock wave propagation in GRP was somewhat irregular, some important mate- 
rial shock parameters were determined through careful data analysis. Combining 
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the results of the present experiments with data from Dandekar et al. (1998) and 
Dandekar (2003a), EOS of the S2-glass GRP was determined between 0.04 and 
20 GPa. Besides EOS, the Hugoniot curve (Hugoniot stress vs Hugoniot strain) was 
calculated using Rankine—Hugoniot relationships; the departure of the Hugoniot 
stress versus particle velocity curve from linearity allowed the estimation of the 
HEL of the S2-glass GRP to be about 1.6 GPa. 

In the second series of experiments, normal plate impact and pressure-shear 
plate experiments were conducted to study the spall strength in two different GRP 
composites. Based on the experimental results the seven normal plate impact exper- 
iments on the $2-glass GRP were placed in three different categories. Experiments 
in the first category were conducted at an impact stress between 0 and 175 MPa. In 
these experiments, the resultant tensile stress was too low to cause spall within the 
specimens, and the free-surface particle velocity profiles were observed to unload 
completely to their no-spall predicted levels. Experiments in the second category 
were conducted at impact stresses in the range of 175 and 600 MPa; the resulting 
tensile stresses within the specimen were high enough to result in spall. In these 
experiments a clear pull-back signal was observed in the measured free-surface 
particle velocity profiles. In the third category of the experiments, the incident 
compression stress pulse amplitude was larger than 600 MPa. These relatively high 
levels of shock compression resulted in enough damage in the GRP specimens such 
that no resistance to spall (i.e., zero spall strength) was registered in the experiments. 
The corresponding free-surface particle velocity profiles for these experiments show 
no signs of pull-back or unloading of the free-surface particle velocity, and it re- 
mains at a level corresponding to the predicted Hugonoit state, Vinax. On the other 
hand, experiments conducted on the E-glass GRP composites (at impact stresses 
ranging from 330.7 to 2,213.8 MPa) showed a finite spall strength. However, like 
in the case of the S2-glass GRP, the spall strength of the E-glass GRP compos- 
ite was observed to decrease with increasing levels of shock compression. Under 
the combined compression and shear loading (pressure—shear plate impact experi- 
ments), the spall strengths in the two GRP composites were found to decrease with 
increasing levels of applied normal and the shear stress. A zero spall strength con- 
dition was found for the E-glass GRP when the specimen was impacted at a normal 
stress of 975 MPa and a shear strain of 1.056%, which is much higher than that 
obtained for the case of the $2-glass GRP composite. Based on these results, the 
spall strength for the two GRP composites is illustrated as a failure surface in the 
shear strain and the normal stress space. The measured spall strengths are much 
lower than those observed in monolithic metals, ceramics, polymer, etc. In such 
homogeneous materials, the conventional spall process is thought to proceed from 
the coalescence/growth of inherent defects, such as impurities, microcracks, pre- 
existing pores, etc. Moreover, due to their inherent multimaterial heterogeneous 
composition of the GRPs, several distinctive modes of damage are observed which 
includes extensive delamination and fiber shearing, tensile fiber failure, large fiber 
deflection, fiber microfracture, and local fiber buckling. In particular, local fiber 
waviness is understood to lead to interlaminar shear failure in such materials (Hsiao 
and Daniel 1996). Moreover, strong wave-reflection effects, between components 
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with different shock impedance, lead to significant shock wave dispersion resulting 
in an overall loss of spall strength (Zhuk et al. 1994; Dandekar and Beaulieu 1995; 
Zaretsky et al. 2004). 

In the third series of experiments, plate impact shock—reshock and shock re- 
lease experiments were conducted on a $2-glass GRP to estimate the critical shear 
strength of the GRP following shock compression by using the self-consistent tech- 
nique described by Asay and Chhabildas (1981). Using the self-consistent procedure 
the shear strength of the shocked GRP was determined for impact stresses in the 
range of 0.8—1.8 GPa. There is no indication of elastic behavior in the reshock waves 
and the release waves. The risetime in the reshock waves and fall time in the release 
waves decreased with increasing impact stress. The critical shear yield strength 
increases from 0.108 to 0.682 GPa when the Hugoniot stress was increased from 
0.85 to 1.7 GPa — suggesting a rate-dependence and/or pressure-dependent yielding 
behavior. 
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Chapter 4 
Dynamic Compressive Strengths of Polymeric 
Composites: Testing and Modeling 


C.T. Sun and Jialin Tsai 


Abstract The modeling and testing methods for dynamic compressive strength of 
unidirectional fiber-reinforced polymeric composites were reviewed and the results 
discussed. In modeling, attention was focused on the fiber microbuckling model 
and the kink band model, and how they were extended to account for the effect 
of strain rate. A quantitative comparison of the microbuckling model and the kink 
band model was made in predicting compressive strengths of S2/8552 glass/epoxy 
off-axis specimens. Challenges in high-strain rate testing of 0° composites using 
the split Hopkinson pressure bar were discussed. The approach in using off-axis 
compressive strength data to determine the longitudinal compressive strength of uni- 
directional composites was presented. By using a viscoplasticity model to describe 
the rate-dependent tangent shear modulus, the microbuckling model was extended 
to predict the dynamic compressive strength of composites. From the model pre- 
dictions and experimental data, the influence of shear stresses on the compressive 
strength of composites was highlighted. 


Keywords Glass/epoxy composite - Carbon/epoxy composite - Compressive 
strength - Strain rate - Shear stress - Off-axis composite - Microbuckling - Kink band 
model - Viscoplasticity - Split Hopkinson pressure bar - Tangent shear modulus 


4.1 Introduction 


For most materials, the compressive strength is much greater than the tensile 
strength. Fiber-reinforced composites are among very few materials that exhibit 
greater tensile strengths than their compressive strengths. Quasi-static as well as dy- 
namic compressive strengths of unidirectional fiber composites have been studied 
by many researchers in last decades and are still a topic of intense interest today. A 
consensus reached among researchers is that the compressive strength of polymeric 
fiber composites is governed by the matrix stiffness property, and thus, it should be 
affected by the loading strain rate. 

Many researchers have investigated the dynamic compressive behavior of com- 
posites. Kumar et al. (1986) performed dynamic compressive tests on glass/epoxy 
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composites for various fiber orientations. The dynamic compressive strength for 
the 0° specimen was found to have increased nearly 100% compared with the 
static value, and the failure was dominated by fiber splitting. For off-axis speci- 
mens with fiber orientations larger than 10°, experimental data indicated that the 
matrix shearing was the main failure mode. El-Habak (1993) studied the strain rate 
effect on the compressive strength of unidirectional glass/epoxy composites. In con- 
trast to the results by Kumar et al. (1986), the compressive strength was found to 
be only slightly increased with strain rate. Lankford (1991) tested carbon fiber- 
reinforced thermoplastic matrix composites (AS4/PEEK) in compression at strain 
rates ranging from 10~° to 5,000s~!. In order to prevent fiber splitting at ends, 
steel ring fittings were placed at both ends of the cylindrical specimen. The test 
results showed that, for strain rates less than 1,000s~', the compressive strength 
increased somewhat as strain rate increased. However, for strain rates on the or- 
der of 10?-10*s~!, the compressive strength sharply increased. For strain rates 
less than 1,000 s7!, kinking was found to be the dominant failure mode, whereas 
for strain rates in excess of 1,000s~!, the dominant failure mechanism could not 
be determined because the specimen was destroyed in the high-strain experiment. 
Yuan et al. (2001) studied the influence of strain rate on compressive strength of car- 
bon fiber/viny] ester unidirectional composites with different fiber volume fractions. 
It was found that kinking followed by longitudinal splitting was the main failure 
mechanism, and that compressive strength was strongly dependent on strain rate. 
Haque and Ali (2005) reported the compressive properties and failure mechanism 
of unidirectional $2-glass/vinylester composites under quasi-static and high-strain 
rate loadings. They found that, when the strain rate increased from 450 to 1800 st, 
both failure strain and failure stress increased. Using off-axis composite specimens, 
Tsai and Sun (2004) and Bing and Sun (2005) showed, respectively, that the com- 
pressive strengths of S2 glass and AS4 carbon composites were highly strain rate 
dependent. 

On the contrary to the aforementioned observations, there were researchers who 
found quite different behavior of the compressive strengths of polymeric compos- 
ites. Sivashanker et al. (2003) indicated that the longitudinal compressive strength 
of T800/924C fiber epoxy composite was insensitive to strain rates up to 3500s~!, 
although the failure was also dominated by the microbuckling accompanied with 
splitting and delamination. In that paper, they have cited a number of papers by 
other authors who had reported similar results of the strain rate insensitive longi- 
tudinal compressive strength of polymeric composites. It is fair to say that after 
decades of research in polymeric composites, the issue regarding the effect of strain 
rate on longitudinal compressive strength still has not been resolved. 

So far, several theoretical models for characterizing dynamic compressive 
strengths of composites have been proposed. Tsai and Sun (2004) incorporated 
strain rate effects in the microbuckling model developed by Sun and Jun (1994) 
with the aid of a viscoplasticity constitutive model for polymeric composites. 
Off-axis S2 glass/epoxy specimens with small off-axis angles were tested using 
a split Hopkinson bar to verify the model predictions. Subsequently, the rate- 
dependent microbuckling model was employed by Bing and Sun (2005) to predict 
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the dynamic compressive strengths of carbon/epoxy composites. On the contrary, 
Yuan et al. (2001) described the compressive strength of the fiber composites by 
assuming that the failure is controlled by local matrix yielding at fiber—matrix in- 
terface due to shear stress concentration. On the basis of the maximum-shear-stress 
yielding criterion for matrix, the local matrix-controlled failure model for the com- 
pressive strength of unidirectional composites was proposed. The strain rate effect 
was introduced in their model by means of the rate-dependent attribute of matrix 
yield stress. Fan and Slaughter (1997) presented a micromechanical model for the 
dynamic compressive failure of fiber composites under prescribed strain rate load- 
ing. The model used a couple stress to account for the fiber-bending resistance and 
assumed that the failure mechanism was microbuckling. The Hamilton’s principle 
was used to derive the governing equations; and the finite difference and iteration 
methods were used to solve the nonlinear governing equation for the compressive 
strength. 


4.2 Models for Predicting Compressive Failure 


Two popular models are available for predicting compressive strengths of fiber com- 
posites, namely, the kink band model and the fiber microbuckling model. The kink 
band model was developed with the assumption that compressive failure of the com- 
posite results from yielding of shear deformation in the composite in connection 
with initially misaligned fibers. On the contrary, in the microbuckling model, the 
compressive failure was assumed to be triggered by the local instability of fibers 
embedded in the matrix. These two models are briefly reviewed in Sects. 4.2.1 
and 4.2.2. 


4.2.1 The Kink Band Model 


In the kink band model, the compressive failure is assumed to be initiated by plastic 
shear deformation associated with the rotation of initially misaligned fiber within a 
certain band as shown in Fig. 4.1. 

Argon (1972) investigated the fiber misalignment effect on compressive failure 
and suggested that, once the shear stress in the region of fiber misalignments reaches 
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Fig. 4.1 Kink band model 
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the composite shear yield stress, compressive failure would take place. On the basis 
of his argument, the compressive strength was expressed as 


Oxe = (4.1) 
g 


where t, is the longitudinal shear yield stress of the composite and ¢ is the initial 
fiber misalignment. According to Argon’s derivation, composite materials were as- 
sumed to be rigidly elastic and perfectly plastic, and the compressive failure strength 
was directly related to the material shear yield stress. Budiansky (1983) extended 
Argon’s concept and proposed an elastic-perfect plastic kink band model to deter- 
mine the compressive failure stress of a fiber composite as 


Ty 
Vy + @ 


Oxc = (4.2) 


where yy is the longitudinal shear yield strain of the composite. 

Budiansky and Fleck (1993) derived an expression for the compressive strength 
of composites with power law-type plasticity using a limiting point buckling analy- 
sis. They obtained 

T 
c= 4. 

" y + 2 max : ) 
where t and y denote longitudinal shear stress and shear strain in the composite, 
respectively. Thus, to calculate the compressive strength using the kink band model, 
the composite shear stress and shear strain relation is needed. The criterion given by 
(4.3) can be extended for off-axis composites subjected to compressive loading. We 
have the compressive strength of the off-axis specimen (not the longitudinal strength 
of the composite) given by 


oe oe (y + 6) sin (y + 6) 


(4.4) 


max 


in which @ is the effective off-axis angle that is defined as the sum of the initial off- 
axis angle (@) and the initial fiber misalignment angle (~). To predict compressive 
strengths of off-axis specimens using the kink band model, the longitudinal shear 
stress and shear strain under the off-axis loading ox must be calculated. 

It is noted that only the longitudinal shear stress component is taken into account 
in (4.4), indicating that yielding is dominated by longitudinal shear stress. This as- 
sumption is valid only when other stress components are small. In general loading 
cases, it is necessary to extend the kink band model to include multiaxial states of 
stress. Budiansky and Fleck (1993) and Slaughter et al. (1993) proposed an extended 
kink band model for fiber composites subjected to general loading. By considering 
the continuity of tractions and displacement on the boundary of the band and assum- 
ing homogeneous deformation inside and outside the kink band, implicit equations 
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for the compressive strength were derived. For strain-hardening composites materi- 
als with nonzero kink band angle f as shown in Fig. 4.1, the functional form is quite 
complicated. 


4.2.2 Microbuckling Model 


Rosen (1965) employed a 2-D elastic model to estimate the buckling condition of 
fibers in a composite. The buckling stress of the dominant shear mode as shown in 
Fig. 4.2 is given by 

Gm 


1—c 


ine (4.5) 
where G,, and cr are matrix shear modulus and fiber volume fraction, respectively. 
The compressive strength predicted based on Rosen’s elastic microbuckling model 
was found to be much greater than the experimental results. It was suggested that 
the reason for the discrepancy could be attributed to the nonlinear behavior of 
the matrix. 

Fiber misalignment is a manufacturing defect created by fiber movement in the 
matrix during the layup and curing processes. As a result of the presence of fiber 
misalignments, shear stresses in the matrix are produced when the composite is sub- 
jected to nominally axial compressions. At the incipient of fiber microbuckling, the 
matrix may have already yielded. Thus, shear stresses can influence the effectiveness 
of the matrix in its support to the fiber. Sun and Jun (1994) extended the microbuck- 
ling model by taking into account of the fiber misalignment and matrix nonlinearity 
effects, and obtained the longitudinal compressive strength of the composite as 


(4.6) 


where G;? is the elastic-plastic tangent shear modulus of the matrix. It is noted that 
the elastic-plastic tangent shear modulus G;? is not a constant but is dependent on 
the instantaneous state of stress in the matrix. In view of the fact that the fiber is 
much stiffer than the matrix for fiber-reinforced composites, we can approximate 
the compressive strength of the composite with 


Stic = Gin (4.7) 


Fig. 4.2. Shear mode microbuckling model 
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where Ga is the elastic-plastic tangent shear modulus of the composite. Since Go 
depends on the current state of stress in the composite, in general, (4.7) is solved 
numerically for the compressive strength. 


4.3 Dynamic Microbuckling Model 


To predict dynamic compressive strength of a fiber composite using the microbuck- 
ling model, the elastic-plastic tangent shear modulus G;5 of the composite must be 
determined. A viscoplastic constitutive model developed by Tsai and Sun (2002) for 
unidirectional composite is used to demonstrate the procedure in deriving the strain 
rate-dependent elastic-plastic tangent shear modulus of the composite. 


4.3.1 Derivation of Rate-Dependent Tangent Shear Modulus 


For small deformations, the total strain rates can be decomposed into elastic and 
plastic parts as 
&ij = &Fj + é (4.8) 


A 3-D plastic potential for transversely isotropic solid given by 


1 
f= 5 [22 — 033)” + 4033 + 2d66 (of — os) (4.9) 


is used to model the nonlinear behavior of unidirectional composites. For a state of 
plane stress parallel to the x;—x2 plane, the plastic potential above reduces to the 
one-parameter plastic potential function 


f= ; (03, + 2466073) (4.10) 
as proposed by Sun and Chen (1989). This model was employed by Tsai and 
Sun (2002) to develop the rate dependant viscoplasticity model. In (4.10), dé6 is 
an orthotropy coefficient, and oj; are stress components referred to the material 
principal directions. By using the flow rule, the plastic shear strain rate is expressed 
as (Tsai and Sun 2002): ; 

ce = 2a66012A (4.11) 


where A is a proportional factor. 
Define the effective stress as 


- 3 
a= /(3f= cs + 2a6602,)1/? (4.12) 
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Through the equivalence of plastic work rate 


Ww = ojé, = GP =2f) (4.13) 


the proportionality factor Ain (4.11) is obtained as 


3 a 
22. et (4.14) 
20 2 Hypo 
where : 
Oo 
H== (4.15) 
eP 
is the rate-dependant plastic modulus. 
The viscoplasticity model is expressed in the form 
aP = y (6?) (@)” (4.16) 


where x, m, and n are material constantans determined by performing axial com- 
pression tests on off-axis specimens at different strain rates. The viscoplasticity 
model for the $2/8552 composite at high strain rates up to 1,000s~! was verified 
with the data obtained from the split Hopkinson pressure bar (SHPB) tests, con- 
ducted by Tsai and Sun (2002). 

The plastic modulus is defined by (4.15). We have 


¢ odt dG 1 
Se ito) = H, = ——,—— (4.17) 
éP  éPdt_— de nx (é)" (@)"| 


According to the definition of the effective stress given in (4.12), & is derived as 


» 13), . 
O = = ) 5022022 + 3466012012 (4.18) 


By substituting (4.18) together with (4.14) into (4.11), the plastic shear strain rate 
Vip is obtained as 


9a2.o%. 9466012022 
P 6612 « : 
= O12 + o 4.19 
V10 He? 12 2a? 22 (4.19) 


Substitution of (4.19) in (4.8) leads to the total shear strain rate 


1 942,07, \ . 9466012022 . 
4 2H66Fi2 — 4.20 
12 oes (4.20) 


ja =H + ih = ( ; 7 
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Table 4.1 Parameters for a 6.0 
the viscoplasticity model for - ; = 
$2/8552 glass/epoxy x rnan aie, 
m —0.178 
n 4 
Table 4.2 Parameters for 66 70 
the viscoplasticity model for <5 
AS4/3501-6 eee x hee 
m —0.1425 
n 5.26 


where G{, is the elastic shear modulus of the composite. For off-axis specimens 
with small off-axis angles, 022 is small as compared with 012, and thus, the second 
term on the right side of (4.20) can be neglected with the result 


—1 
O12 1 9a2,02 
cS = + —%_2 4.21 

2 2 ie Ho? ins 


For the $2/8552 glass/epoxy composite, the orthotropy coefficient a¢¢ in the 
plastic potential function and other parameters in the viscoplasticity model were de- 
termined by Tsai and Sun (2002) at high strain rates up to 1,000 s~! using a SHPB. 
The data are reproduced in Table 4.1. Similar data for AS4/3501-6 carbon/epoxy 
composite obtained by Bing and Sun (2005) are listed in Table 4.2. 


4.3.2 Dynamic Microbuckling Model for Off-Axis Specimens 


For off-axis composite specimens under compressive loading, the effective total 
fiber off-axis angle relative to the loading direction consists of the initial off-axis 
angle (@), the initial fiber misalignment angle (gy), and the load-produced in-plane 
shear strain (y;2). It is noted that during loading, the initial off-axis angle and initial 
fiber misalignment remain constant, but the in-plane shear strain is dependent on the 
applied load level. Thus, the effective off-axis angle (0) is introduced to denote the 
sum of the initial off-axis angle (@) and the initial fiber misalignment angle (9). 
Using the coordinate transformation law, the uniaxial loading stress ox at the 
instant of fiber microbuckling can be decomposed into normal stresses and the in- 
plane shear stress in the principal material directions as shown in Fig. 4.3. We have 


O11 = 0x cos* (6 + y12) 
022 = 6x sin? (6 + yi2) (4.22) 
012 = —O~x sin (6 + v12) cos (6 + v12) 
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Fig. 4.3. Coordinate 
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On the basis of the result of the bifurcation analysis given by (4.7) in conjunction 
with the first equation in (4.22), the compressive strength ox, for off-axis composites 
can be written as _ 

Oxe cos” (6 + yi2) = GYS (4.23) 


By substituting the stress components given by (4.22) in (4.21), the rate- 
dependent tangent shear modulus becomes 


: 1 6a2, cos? (6 + 
Gy -| a (4.24) 


-1 
e + - 2/0 a 
Gin Ay{sin® (0 + y12) + 2a66 cos? (6 + y12)} 


Combining (4.23) and (4.24), the dynamic microbuckling strength ox. for off- 
axis composites can be expressed explicitly in the form 


6a2, cos? (6 + yi2) i 
H, |sin* (6 + y12) + 2466 cos? (6 + v12) | 
(4.25) 


“ 1 
Oxe COS” (8 + Y12) = — + 
Gin 


It is noted that the induced in-plane shear strain is a function of the applied stress 
and strain rate. Moreover, the plastic modulus H, in (4.25) is also nonlinearly related 
to the applied uniaxial stress ox. Thus, for a given effective off-axis angle 6 and 
strain rate, a numerical method is needed to calculate the dynamic microbuckling 
stress 0x. for off-axis composites. 


4.3.3, Comparison of Microbuckling Model and Kink Band Model 


The microbuckling and kink band models were derived based on different assump- 
tions and have different functional forms for the compressive longitudinal strength 
(Sun and Tsai 2001). In this section, a comparison of the two models is presented. 
Table 4.3 shows the compressive failure predictions for 5° and 10° off axis S2/8552 
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Table 4.3. Comparison of compressive strengths of $2/8552 off-axis 
specimens predicted using microbuckling model and kink band model 


Off-axis angle 5° 10° 

Experimental data 535 MPa 404 MPa 
Kink band model 554 MPa 395 MPa 
Microbuckling model 550 MPa 403 MPa 


glass/epoxy composite specimens at a strain rate of 10~+s~! using the present 


microbuckling model and the kink band model by Budiansky and Fleck (1993) with 
a 2° initial fiber misalignment. The experimental data were taken from Tsai and 
Sun (2004). The comparison indicates that the compressive strengths for the off- 
axis specimens obtained from these two models are basically the same and agree 
with the experimental data well. 

It is noted that in the kink band model by Budiansky and Fleck (1993), only the 
shear stress component is taken into account and the effect of other stress compo- 
nents are neglected. This is acceptable for off-axis specimens with small off-axis 
angles in which the transverse normal stress 022 is small. Slaughter et al. (1993) 
extended the kink band model to include the combined stress effect on plasticity. 
By considering the continuity of tractions and displacement on the boundary of the 
band and assuming homogeneous deformation inside and outside the kink band, 
implicit equations for the compressive strength were derived. As stated earlier, for 
strain-hardening composite materials with a nonzero kink band angle , the func- 
tional form for compressive strength is quite complicated. 


4.3.4 Effect of Shear Stress on Compressive Strength 


Owing to the extension-shear coupling in off-axis composite specimens, fiber mi- 
crobuckling in these specimens takes place in the presence of shear stresses. Thus, 
the effect of shear tress on compressive strength in fiber composites can be assessed 
from the compression data for off-axis glass/epoxy composite specimens. Specif- 
ically, the critical axial stress 011¢ (the compressive longitudinal strength of the 
composite) can be obtained from the failure stress ox. for off-axis specimens with 
the aid of (4.22). A direct measurement of this effect was conducted by Jelf and 
Fleck (1994) who performed torsion-compression tests on pultruded unidirectional 
composite tubes using the EXAS HIS/DX6002 carbon/epoxy composite with 65% 
fiber volume fraction. Using the shear stress-strain data of the composite provided 
by Jelf and Fleck (1994), Tsai and Sun (2004) predicted the longitudinal compres- 
sive strength of the tube using the microbuckling model with a misalignment angle 
of 2°. The experimental data and the predictions are shown in Fig. 4.4. It is evident 
that the presence of shear stress has significant effect on the longitudinal compres- 
sive strength of the composite. 
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Fig. 4.4 Compression-torsion test data obtained from carbon/epoxy composite tubes (Jelf and 
Fleck 1994) and predictions based on the microbuckling model 


4.4 Compressive Failure Tests 


4.4.1 Compressive Test on 0° Composite Specimen 


Compressive tests of composite materials are usually performed using coupon spec- 
imens with end tabs. To avoid global buckling, the gage length must be short. 
Compressive loading is applied through the end tabs in the form of shearing. The 
so-called ITTRI compression test fixture introduced by Hofer and Rao (1977) be- 
longs to this group. There are limitations on this type of test fixtures. First, the load 
transmitted through the end tabs is limited, and thus, it cannot be used for thick com- 
posite specimens. Second, the shear loading via end tabs induces shear stresses in 
the specimen and, as discussed in Sect. 4.3.4, the measured compressive strength is 
influenced by the presence of the shear stresses. Third, this type of test fixture is not 
suitable for dynamic tests using SHPB. A compression test fixture modified from 
the ITTRI fixture by Daniel et al. (1993) and Hsiao et al. (1995) combines shear 
loading and end loading and is capable of testing thick section composites. This 
modified fixture also reduces the effect of shear stresses and is able to produced 
higher compressive strengths. 

SHPB has been a popular apparatus for high-strain rate testing of materials. In 
the test, a specimen is sandwiched between two uniform bars as shown in Fig. 4.5. 
For the purpose of keeping wave signals nondispersive, the diameter of both incident 
and transmission bars must be much smaller than wavelength. As a result, most SH- 
PBs have bars of a diameter less than 20 mm. Consequently, the size of specimens 
must be small too. 

One of the major challenges in testing longitudinal compressive strength of 
fiber composites is the premature failure at the ends of the specimen. A remedy 
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Fig. 4.5 Schematic of the split Hopkinson pressure bar for high strain rate compression test 


employed by some researchers was to use cylindrical specimens with steel rings to 
confine specimen ends from splitting (Lankford 1992; Yuan et al. 2001). Another 
method was introduced by Harding (1993) who used thickness-waisted rectangular 
specimens to measure strain rate effects. This idea resembles that of the dog- 
bone specimens used in tensile testing. Although microbuckling failure mode was 
observed by Sivashanker et al. (2003) using thickness-waisted specimens, the mea- 
sured compressive strength was still under the influence of shear stresses induced 
by the curved geometry of the specimen. 


4.4.2 Compressive Test on Off-Axis Specimens 


In view of the fact that microbuckling can be easily produced in fiber compos- 
ites when shear stress is present, Tsai and Sun (2004) conducted quasi-static and 
high-strain rate compressive strength tests on off-axis specimens. They found that, 
for the $2/8552 glass epoxy composite, microbuckling would occur in specimens 
with off-axis angles within the rage of 5° and 15°. The specimen geometry is a 
simple rectangular block type and no end confinement device is needed, and is suit- 
able for testing on the SHPB apparatus. On the basis of the compressive strength 
data of off-axis specimens together with a viscoplasticity model developed for the 
composite, the compressive longitudinal strength can be calculated. This approach 
may be regarded as an indirect method in determining the compressive longitudinal 
strength of fiber composites. In real composite structures that are often subjected 
to combined loads, the off-axis compressive strengths may be of more interest to 
composites engineers. 


4.4.2.1 Compressive Testing of S2/8552 Composite 


Tsai and Sun (2004) used off-axis block specimens of dimensions 0.6 x 0.6 x 1cm 
to perform both quasi-static and dynamic compressive tests. Specimens with fiber 
orientations of 5°, 10°, and 15° (against the long direction), respectively, were cut 
from a 75-ply unidirectional S2/8552 glass epoxy laminate using a diamond wheel. 
The specimens were lapped on a lapping machine with 6-j1m abrasive slurry to 
ensure smooth and flat loading surfaces. In addition, a lubricant was applied to 
the end surfaces of the specimen to reduce contact friction. A self-adjusting de- 
vice as shown in Fig. 4.6 was used to eliminate potential bending moments and 
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also to ensure the specimen to be in full contact with the loading surfaces. These 
off-axis specimens were tested to failure at three different constant nominal strain 
rates, 107+, 1072, and 1s7!, using a servo-hydraulic MTS machine. The nominal 
strain rate was the stroke rate of the loading frame divided by the original specimen 
length. The corresponding true strain rates were measured by using strain gages di- 
rectly mounted on the specimens. These two strain rate measurements were found 
to be quite different as shown in Table 4.4. The use of the self-adjusting device in 
the compression test could have contributed to this discrepancy. 

In dynamic tests using the SHPB apparatus, the specimen is sandwiched between 
the incident bar and the transmission bar in SHPB tests, and the shear-extension 
coupling behavior in off-axis composite specimens under axial loading would oc- 
cur. This phenomenon combined with bar—specimen interface friction could cause 
inhomogeneous deformation in the specimen, which deviates from the conventional 
Hopkinson bar assumption. In order to reduce the interface friction, all specimens 
were lapped and lubricated as recommended by Ninan et al. (2001). 

Using the Hopkinson bar theory, the contact stresses P;, between the incident 
bar and the specimen, and P2, the contact stress between the specimen and the 
transmission bar, can be extracted from the recorded pulse data as shown in Fig. 4.7 
(Graff 1975). Figure 4.8 shows contact stresses P; and P> for the 10° specimen 
in the SHPB test. It can be seen that the peak values of the P; and P2 curves are 
nearly the same. The average of the peak values was taken as the failure stress of 
the specimen in the SHPB test. 

Conventionally, the strain history of the specimen during loading is calculated 
using a well known Hopkinson bar formula with expressions of displacements at 
the ends of the bars derived from the strain responses recorded at gage A and gage 
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Fig. 4.7 Strain gage signals recorded in SHPB test for 10° off-axis specimen 
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Fig. 4.8 Time histories of the contact stresses for 10° off-axis specimen 


B (Graff 1975). However, Tsai and Sun (2004) measured the strain history using 
strain gages directly mounted on the specimen. Figure 4.9 shows the comparison of 
the strain histories for the 10° specimen obtained using the Hopkinson bar formula 
and the strain gage on the specimen, respectively. It is evident that the strain history 
calculated based on the Hopkinson bar theory deviates about 10% from that directly 
measured on the specimen. Consequently, the respective strain rates obtained were 
also slightly different. In this chapter, the strain rate measured directly from the 
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Fig. 4.9 Strain histories obtained from Hopkinson bar formula and strain gages, respectively, for 
a 10° off-axis specimen in SHPB test 


specimen was used. The average strain rates over the loading duration for the 5° 
specimen and 10° specimen reported by Tsai and Sun (2004) were about 900 and 
400 s~!, respectively. 


4.4.2.2 Testing Carbon/epoxy Off-Axis Specimen 


The technique employed by Tsai and Sun (2004) depends on compressive testing of 
off-axis specimens in which a uniform state of stress in the specimen is essential. 
To achieve this, the induced shear deformation (due to extension-shear coupling) in 
the off-axis specimen under compression must be fully realized. Ninan et al. (2001) 
found that, in compressive tests on AS4/3501-6 carbon/epoxy off-axis specimens, 
endings of stiff carbon fibers could make significant indentations on the contact 
surface of the bars and, consequently, restrain the shear deformation from taking 
place fully, leading to a nonuniform state of stress in the specimen. By lapping the 
contact surfaces of the specimen and applying a lubricant, Ninan et al. (2001) were 
able to essentially eliminate contact friction for glass/epoxy composite specimens 
but not for AS4/3501-6 carbon/epoxy composite because of the high stiffness of 
carbon fibers. 

In order to eliminate the contact friction between the specimen ends and loading 
surfaces, Bing and Sun (2005) applied a titanium layer of 1.2-j1m thickness on the 
contact surface of each end of the off-axis carbon/epoxy composite specimen us- 
ing a Varian E-Beam evaporator. Since the SHPB requires 1-D wave propagation, 
the contact force between Hopkinson bars and specimen interfaces must be only 
a normal pressure. When using the SHPB to test off-axis composite specimens, 
extension-shear coupling must be handled with care. The 1-D stress wave propa- 
gation assumption would be violated if a shear force is produced from the shear 
deformation in the off-axis specimen in the presence of contact frictions. This fric- 
tional shearing force would give rise to transverse deflections (bending waves) in 
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both incident and transmission bars. To detect if such a bending wave is induced 
during the test, Ninan et al. (2001) mounted two strain gages about 25 mm from 
the transmission bar end and connected them to a Wheatstone bridge circuit in a 
half bridge way to nullify axial waves and magnify two times of the bending wave. 
The magnitude of the induced bending wave indicates the amount of friction force 
generated at the specimen-bar contact surfaces. 

Strain signatures in terms of voltages picked up by the aforementioned strain 
gages A and B (see Fig. 4.5) and by the pair placed at 25 mm from the left end of the 
transmission bar for 15°, AS4/3501-6 off-axis specimens with different end treat- 
ments were obtained by Bing and Sun (2005) and are reproduced in Figs. 4.10—4.12. 
The results clearly indicate that the use of lubricant (G-4500 multipurpose synthetic 
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Fig. 4.10 Strain histories picked up by strain gages for lapped 15° off-axis AS4/3501-6 composite 
specimen without lubricant 
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Fig. 4.11 Strain histories picked up by strain gages in lapped 15° off-axis AS4/3501-6 composite 
specimen with lubricant 
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Fig. 4.12 Strain histories picked up by strain gages in the 15° off-axis AS4/3501-6 composite 
specimen coated with titanium and tested with lubricant 


grease MOLYKOTE™) can remarkably reduce the bending effect, but can not elim- 
inate it. For the specimen coated with titanium, bending is negligible and uniaxial 
loading is assured. 


4.4.3 Experimental Results of Off-Axis Specimens 


For 5° and 10° S$2/8552 glass/epoxy specimens, fiber microbuckling was found to 
be the dominant failure mechanism within the range of tested strain rates (Tsai and 
Sun 2004). For the 15° specimen, failure was dominated by fiber microbuckling at 
strain rates below 0.0025 s~!; and was dominated by matrix shear failure at higher 
strain rates. This phenomenon indicates that the fiber microbuckling load and shear 
failure load in the 15° specimen must be very close. At lower strain rates, the shear 
stiffness is lower than that at high strain rates. Figure 4.13 shows the failure mech- 
anism of fiber microbuckling in the 5° and 10° off-axis specimens tested at strain 
rate of 5.2 x 10~* 5“, 

In a recent study by Tsai and Sun (2005), it was found that the 30° and 45° 
$2/8552 off-axis specimens all failed in in-plane shear mode for both low- and high- 
strain rates. This result is expected because for these large off-axis angles, the in- 
plane shear stress component induced by axial compression is significant relative to 
the shear strength of the composite, making it possible for shear failure to take place 
before fiber microbuckling. 

The experimental failure stresses ox, for off-axis specimens at different strain 
rates are shown in Fig.4.14. Only the data associated with microbuckling are in- 
cluded in the figure. The model predictions with a 3° initial fiber misalignment are 
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Fig. 4.14 Comparison of experimental and predicted microbuckling failure strengths for 5°, 10°, 
and 15° $2/8552 off-axis specimens 


also presented in the figure for comparison. A 3° initial fiber misalignment was 
chosen to fit the experimental data. This value is within the experimental measure- 
ments of fiber misalignment of composites (Yurgartis 1987). It is evident that the 
microbuckling stress is significantly affected by strain rate. Comparison of model 
predictions with the test data indicates that the present dynamic microbuckling 
model is capable of predicting the compressive failure stress of the composites for 
strain rates (up to 900 s~!) considered in this study. 

Following the approach of Tsai and Sun (2004), Bing and Sun (2005) studied the 
strain rate effect on the compressive strength of off-axis AS4/3501-6 carbon/epoxy 
composites. Off-axis AS4/3501—6 composite specimens with titanium end coating 
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Table 4.5 Model predictions and test results for compressive strengths (in the loading direction) 
of off-axis AS4/3501-6 carbon/epoxy composite 


Strain rate (s—!) Off-axis angle (°) Test result (MPa) Model prediction (MPa) 
107-5 5 649.7 627 
11 420.9 419 
15 331.7 355 
10-3 5 729.4 706 
11 460.9 472 
15 366.4 401 
107! 5 837.7 801 
11 487.0 530 
250 5 934.9 951 
11 597.2 632 


(1.2-m thick) were tested in compression at strain rates 10-5, 1073, and 107! s~} 
by using an MTS machine with a strain-controlled test mode. A viscoplasticity 
model was also developed for predicting microbuckling compressive strengths of 
off-axis specimens at different strain rates. The test data and model predictions of 
compressive strengths for four strain rates are listed in Table 4.5. The effect of strain 
rate on off-axis compressive strength is evident and the accuracy of the model ap- 


pears to be quite good. 


4.5 Longitudinal Compressive Strength 


Although the longitudinal compressive strength of fiber composites, quasi-static or 
dynamic, may be predicted using the microbuckling model described in Sect. 4.3, 
it is highly desired to have measured data for confirmation purpose. Testing 0° 
composite specimens directly for their compressive strengths is not an easy task. 
Instead of microbuckling failure, other failure modes such as end brooming or fiber 
splitting often occur first. On the contrary, quasi-static and dynamic compressive 
strengths of off-axis composites can be obtained rather easily. Theoretically, 0° com- 
posite is a limiting case of an off-axis composite with a diminishing off-axis angle. 
As such, it should be feasible to project the longitudinal compressive strength from 
the off-axis data. 

Bing and Sun (2005) were the first researchers attempting to employ the pro- 
jection approach to obtain quasi-static longitudinal compressive strengths for 
AS4/3501-6 carbon/epoxy composite. They first established the relations between 
the longitudinal compressive strength 01; and the corresponding nominal shear 
stress 012 for different strain rates based on the off-axis test data. It is noted that 
here the nominal shear stress 012 is calculated from the off-axis failure stress 
based on the coordinate transformation law with the off-axis angle. The longi- 
tudinal compressive strength is the microbuckling stress 04; at o12 = 0. Using 
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Fig. 4.15 Compressive strength versus shear stress for AS4/3501—6 and experimental data projec- 
tion of longitudinal compressive strength at different strain rates 


Table 4.6 Predicted longitudinal compressive strength for AS4/3501-6 carbon/epoxy 
composite and experimental data 


Model prediction of Experimental data from 
Strain rate (s~!) compressive strength (MPa) projection (MPa) 
10-5 1,390 1,324 
1073 1,547 1,557 
107! 1,715 1,883 
250 2,034 


a linear extrapolation on the off-axis strength data, the longitudinal compressive 
strengths of AS4/3501-6 carbon/epoxy composite at three strain rates are projected 
at 012 = 0 as shown in Fig. 4.15. The projected results are compared to model 
predictions obtained using a misalignment angle of 2.5° (see Table 4.6). The pro- 
jected results seem to agree with the model predictions well for lower strain rates. 
It clearly shows that the longitudinal compressive strength increases as strain rate 
increases. It is noted that at strain rate 10~> s~!, the projected compressive strength 
of AS4/3501-6 is close to the quasi-static compressive strength of 1,440 MPa given 
by Daniel and Ishai (1994). 

The uniaxial failure stresses of $2/8552 off-axis specimens for the three lower 
strain rates presented in Fig.4.14 can be expressed in terms of longitudinal com- 
pressive strength 01;- and nominal shear stress 012, and plot them as shown in 
Fig. 4.16. The model predictions (with a 3° initial fiber misalignment) of off-axis 
compressive strengths are also shown in the figure for comparison. From Fig. 4.16, 
it is easy to see that longitudinal compressive strengths obtained from the linear pro- 
jection technique based on off-axis strength data differ from the model predictions 
for about 10-20% depending on strain rate. 
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Fig. 4.16 Longitudinal compressive strength versus nominal shear stress for S2/8552 glass/epoxy 
composite for three different strain rates 


4.6 Conclusion 


Direct testing of 0° composite specimens to determine the quasi-static and dy- 
namic longitudinal compressive strength requires (1) short gage lengths to avoid 
global buckling, (2) small amount of shear loading because shear stresses can re- 
duce compressive strengths, and (3) special device to confine the specimen ends 
to avoid premature failure such a end crushing (blooming) or fiber splitting. Ex- 
perimental results from off-axis compression tests on the S2/8552 glass/epoxy and 
AS4/3501-6 carbon/epoxy composites indicate that the compressive longitudinal 
strength of the composite in terms of fiber microbuckling failure mode can be ob- 
tained from off-axis specimens with small (5°-15°) off-axis angles. From model 
predictions as well as experimental results, it can be concluded that the compressive 
strength of polymeric composites is highly rate sensitive and that the presence of 
in-plane shear stress can appreciably lower the compressive longitudinal strength. 
It is also concluded that, although the initial concepts of the two models are differ- 
ent, the microbuckling model and the kink band model predict basically the same 
compressive strength of off-axis composite specimens. 
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Chapter 5 

Transverse Response of Unidirectional 
Composites Under a Wide Range 

of Confinements and Strain Rates 


Theresa H. Kidd, Murat Vural, and Guruswami Ravichandran 


Abstract The effects of three-dimensional stress state and high strain rate on the 
macroscopic mechanical response in transversely loaded thick polymeric compos- 
ites are presented. Transverse loading refers to loading that occurs in the fiber 
plane, perpendicular to the fiber axes. The material characterized in this study is 
a composite typically used for the faceplates of sandwich structures, specifically 
a unidirectional fiber-reinforced S2-glass/8552 epoxy composite, with a fiber vol- 
ume fraction of 65%. The composite specimens were subjected to a wide range 
of confinements and strain rates, through the use of a newly developed experi- 
mental fixture, whereby the three principal stresses in a confined specimen can be 
independently measured. The experimental results indicate that the mechanical re- 
sponse and the strength of the composite in transverse direction are mainly governed 
by the properties of the matrix material. Data from this study suggest that stress 
multiaxiality has a more pronounced effect on the overall transverse response of 
composites, while the increased strain rates have only a moderate effect in increas- 
ing the strength. 


Keywords Fiber reinforced composites - Confinement - High strain rate - Trans- 
verse strength 


5.1 Introduction 


Widespread use of composite materials began in the 1960s in aerospace appli- 
cations, but due to weight restrictions in aerospace applications as well as high 
manufacturing costs, composite structures have traditionally been “thin.” Research 
on the mechanical behavior of “thin” composite structures was limited to their in- 
plane behavior. With the development of new construction methods, such as resin 
transfer molding (RTM) (e.g. Rackers 1998), thicker composites could be produced 
in an economically efficient manner, making composites usable in a wider range of 
applications including marine and automotive structures. 

Experimental investigation into the mechanical behavior of composite materials 
began in the mid-1960s. The ability to predict failure from a specified state of stress 
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became important for the growing number of industries using these new materials 
in structural applications. In 1960s, Stephen Tsai of the Air Force Materials Lab- 
oratory presented the first failure criterion for composite materials, as simply the 
yield criterion of an orthotropic, ideally plastic material, given by Hill. While this 
model required easily obtained measurements for the coefficients, it was based on 
the assumption that isotropic stress (pressure) had no effect on failure. Tsai and 
Wu endeavored to examine the emerging strength criteria for composite materi- 
als and proposed their own general unified theory on the subject in 1970s (Tsai 
and Wu 1971). Their aim was not to identify the mechanisms of Fiber Reinforced 
Composites (FRC) failure, but simply to create a useful tool for composite mate- 
rial analysis and characterization. Construction of a composite’s failure envelope 
requires the strength parameters in both unidirectional and multiaxial stress states. 
This seminal paper encouraged experimental investigation of the combined stress 
state, which at the time of the publication was scarce. Pipes and Cole (1973) inves- 
tigated the effect of combined stress state by conducting off-axis strength tests on 
boron/epoxy composites. While their results agreed with the Tsai-Wu model pre- 
dictions, Pipes and Cole reported difficulty in obtaining multiaxial stress states in 
compression, and recorded widely varying results in tension. They stressed the need 
for further investigation into the strength of composites under multiaxial loading 
(Jones 1975). 

The Tsai-Wu criterion relies on a single coefficient for describing the multiax- 
ial strength of the material. Experiments to determine this coefficient were costly, 
and results from these tests varied widely for multiaxial compression and tension. 
Therefore, Hashin (1973) presented a failure criterion for composites in plane stress, 
which had a smooth, piecewise form, and each smooth branch represented distinct 
failure modes: fiber dominated tensile and compressive modes, and matrix dom- 
inated tensile and compressive modes. The fully realized version of this failure 
criterion was published later. This model relied only on unidirectional tensile and 
compressive failure data of composites, along with axial and transverse shear failure 
data, all of which could be obtained experimentally. A detailed account of the re- 
view of the failure models for composites and their validity are discussed in a review 
(Hashin 1980). Schultheisz and Waas have presented a broad view of the compres- 
sive failure of composites in their comprehensive two part review (Schultheisz and 
Waas 1996; Waas and Schultheisz 1996). These reviews discussed the issues related 
to compression testing of composites and their failure models as well as the ex- 
perimental studies conducted to understand the micromechanics influences on the 
compressive strength of the material. 

Christensen (1997) revisited stress-based yield/failure criteria for fiber compos- 
ites and proposed a new model that follows the piecewise smooth decomposition of 
the Hashin failure criterion, but combines the fiber-dominated tensile and compres- 
sive modes into a single fiber-dominated mode. The matrix-dominated tensile and 
compressive modes are similarly combined. His model is consistent with the experi- 
mental data, but most significantly it predicts the effect of isotropic stress (pressure) 
upon the yield of the tensile and compressive stress in the fiber direction. 
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Oguni and Ravichandran (1999) presented a study on the micromechanical 
failure of unidirectional composites and a model to predict their behavior. This 
model was compared with the Tsai-Wu failure envelope; the former estimated 
a much lower compressive failure load and a much greater transverse fiber failure 
mode than the latter. Several conclusions about fracture in composites were made 
as a result of this analysis; most importantly, that failure is governed by the domi- 
nant crack orientation in a given loading condition. Later, Oguni and Ravichandran 
(2002) presented an energy-based model for predicting the compressive strength of 
unidirectional fiber-reinforced composites that fail by longitudinal (axial) splitting. 
Their proposed model lead to three conclusions; first, composites with larger frac- 
ture energy and small fiber diameters result in higher strength, second, the degree 
of anisotropy plays a significant role in influencing the compressive strength of a 
material, and finally, the effect of confining pressure on compressive strength is 
relatively weak for low levels of confining pressure. The paper successfully tied the 
compressive strength of the composite to its material properties including surface 
energy, fiber volume fraction, fiber diameter and lateral confining pressure. 

O’ Brian et al. (200 1a, b, c) reported on the experimental investigation and numer- 
ical simulation of S2/8552 glass/epoxy composite, which focuses on the transverse 
strength of the unidirectional variety of S2-glass/epoxy composite materials. This 
study reported the influence of specimen preparation and specimen size on com- 
posite transverse tensile strength and found that polishing had a detrimental effect 
on the strength of composite material. The study also determined that the Weibull 
scaling law overpredicts changes in the transverse tension strength of three point- 
bend tests and underpredicts transverse tension strength in four-point bend tests, 
thus leading to the conclusion that the Weibull Scaling Law does not adequately 
predict the transverse tension strength of composite materials. They also discussed 
the numerical optimization of specimen size to generate a fully constrained plane 
strain state in a composite sample during 3-point and 4-point bending tests. They 
found that a longer span between base nodes produced a uniform plane strain state 
in 3-point bending tests, and a longer span between inner and outer nodes produced a 
uniform plane strain state for 4-point bending tests. These results were used to make 
specimens for their later experiments to determine the transverse tension fatigue life 
characterization of $2/8552 glass epoxy composite and Im7/8552 composite sam- 
ples. Among the major findings, was that the transverse tensile strength of S2/8552 
glass epoxy could be predicted using the Weibull scaling law. This finding is sig- 
nificant for the characterization of failure of composite materials, since transverse 
tensile strength is one of the parameters needed to construct the Tsai-Wu failure 
envelope. 

Oguni and Ravichandran (2000) conducted experiments to study the effect of 
multiaxial loading on the failure modes in cylindrical samples of unidirectionally 
reinforced fiber composites loaded along the fiber direction and confined laterally 
using metallic cylindrical sleeves. The level of confinement was controlled by the 
choice of the confining sleeve material and geometry. They found a weak depen- 
dence of the strength on confining stress while axial splitting was the dominant 
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mechanism, which was consistent with the theoretical predictions (Oguni and 
Ravichandran 2002) but showed stronger dependence at higher levels of confining 
pressure, where the failure mode transitioned to fiber kinking. 

The transverse failure of thick S2-glass/epoxy fiber-reinforced composites was 
addressed in an experimental investigation by Vural and Ravichandran (2004). The 
study was based on quasi-static and dynamic experiments on “thick” (plane strain) 
composite materials under multiaxial confinement to investigate their failure be- 
havior. Multiaxial confinement was provided by a metal cylindrical sleeve affixed 
around a unidirectional test specimen similar to the technique used by Oguni and 
Ravichandran (2002). While the tests were not able to measure the principal stresses 
on the material independently, a qualitative failure behavior for these materials was 
presented. The results suggested that an increase in the confinement of the material 
greatly increased the maximum attainable failure stress and the strain. Addition- 
ally, scanning electron microscopy of the recovered specimens revealed localized 
shear failure. A Mohr-Coulomb failure criterion was suggested to represent the ob- 
served transverse failure. Vural and Ravichandran (2005) presented work on the 
dynamic compressive failure of unidirectional fiber-reinforced composites under 
confinement. The results of these tests were again qualitative because the princi- 
ple stresses could not be measured independently. However, the results of the tests 
indicated that as confinement increased, maximum attainable failure stress, as well 
as failure strain, increased. 

In an interesting approach to unifying the failure behavior theory of compos- 
ite materials, Yerramalli and Waas (2004) have summarized the results of previous 
studies on glass and carbon fiber/epoxy composites. They compiled the various fail- 
ure mechanisms proposed with their dependences on different material properties, 
and presented a non-dimensional number to classify composite compressive failure. 
This parameter was used to make predictions of failure, which were compared with 
experimental data and found to coincide. They concluded that this parameter could 
be used to predict compressive failure in composites. 

Sun and coworkers investigated the high strain rate behavior of fiber reinforced 
composites in compression. In particular they introduced an off-axis test using the 
split Hopkinson pressure bar to assess the in-plane shear strength of S2 glass/8552 
epoxy composites at high strain rates (Ninan et al. 2001; Tsai and Sun 2005). They 
presented experimental results that indicated that shear failure strength increases 
with increasing strain rate; however, the failure strain of the material decreases with 
increasing strain rate. Inspection of the recovered specimens revealed that spec- 
imens with an off-axis orientation of less than 10° showed fiber micro-buckling 
failure behavior, orientations between 15° and 45° showed in-plane shearing, and 
orientations greater than 45° displayed out-of-plane shear failure behavior. The anal- 
ysis concluded that the presence of transverse normal stresses had little effect on the 
shear strength of the material. 

In Mechanics of Composite Materials, Christensen (2005) expresses concern 
over the lack of even an approach toward consensus of failure characterization, since 
the early failure criteria were made in the early 1970s. It is in this framework that 
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the present study discusses the results of an experimental investigation that seeks 
further information into basic inquiries, such as the transverse response of unidirec- 
tional composites under varying degrees of confinement and strain rates. 


5.2 Experimental 


5.2.1 Materials 


The material used in this study was a $2/8552 glass/epoxy fiber-reinforced com- 
posite (GFRC). The material produced by the School of Aerospace Engineering at 
Purdue University was provided courtesy of Professor C.T. Sun. It has 0° fiber ori- 
entation with a nominal fiber volume of 65%. An SEM micrograph (846X) of a 
virgin specimen is shown in Fig.5.1. The image depicts the face perpendicular to 
the fibers as indicated by the schematic. The fibers have a diameter of 7.5 + .01 xm. 
The sample received had dimensions of 254 x 355 mm? and an average thickness 
of 5.8 mm. Two types of specimens were machined for performing the experiments. 
The rectangular specimen dimensions for quasi-static tests, illustrated in Fig. 5.2, 
were typically around 9.51 + 0.05 mm in both length and width and 5.02 + 0.05 mm 
in height. 

The samples were machined to have the fibers aligned along one axis of the 
specimen. The axis parallel with the fiber direction is defined as the longitudinal 
axis, the axis orthogonal to the longitudinal axis and parallel with the fiber plane is 
defined as the transverse axis, and the axis orthogonal to the fiber plane is defined 
as the transverse out-of-plane axis or axial direction (Fig. 5.3). 
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Fig. 5.1. SEM micrograph of $2/8552 glass/epoxy composite 
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Fig. 5.3. Schematic of unidirectional composite specimen with its axes defined (adapted from 
Daniel and Ishai 1994) 


The samples were prepared to the same specifications before they could be tested. 
The preparation process began with a large rectangular section being cut from the 
base material using a band saw, parallel to the fiber direction to ensure the fibers 
were aligned in the longitudinal direction. Then, all the edges were machined flat 
using a carbide end mill. Next, a slitting saw was used to cut the machined rectangle 
down to the final specimen size. Finally, the pieces were polished on all surfaces 
first using 320 grit and then 600 grit sand paper. 

A smaller fixture was used in the high strain rate tests due to interfaces that will 
be described further in Sect. 5.2.7; therefore, smaller samples were needed for the 
high strain rate experiments. The specimens used in the high strain rate experiments 
were smaller, but had the same rectangular shape and fiber layout as those used in 
the quasi-static tests. They were made by first cutting their rough shape with a band 
saw. They were then milled with a carbide end mill to square them, and finally, they 
were held in a precision vise, and ground on a surface grinder sprayed with water- 
based synthetic coolant as they were machined. As stated earlier, the specimens used 
in the dynamic tests were smaller than the specimens used in the low strain rate tests, 


5 Transverse Response of Unidirectional Composites 137 


Loading rods 


Specimen 


Fig. 5.4 Schematic of the compression fixture used for quasi-static compression of confined and 
unconfined composite specimens 


with a length and width of 6.00 + 0.01 mm and a height of 4.00 + 0.01 mm. These 
samples also had fibers running parallel to the length of the sample. All specimens 
were loaded perpendicular to the fiber plane. 


5.2.2 Low Strain Rate Testing 


All low strain rate tests were performed on a Materials Testing System servo- 
hydraulic machine (MTS, model# 319.25). A compression fixture, shown in Fig. 5.4, 
was used for the quasi-static tests to ensure that the loading rods were well-aligned 
with one another, to minimize unwanted shear forces on the specimen. Molybdenum 
disulfide was also used on the contact surfaces to minimize friction on the specimen. 
Several strain rates were employed during the experiment. The nominal strain rate 
was adjusted to a specified value between 10~* and 107! s~! by varying the dis- 
placement rate of the actuator. A cross head displacement transducer provided the 
deformation data. These data were corrected for machine compliance by running 
a test without any specimen present to determine the displacement as a function 
of applied load originating from the experimental setup. This correction was then 
subtracted from the recorded data to obtain the true deformation of the specimen. 


5.2.3. High Strain Rate Testing 


Dynamic loading was applied to the composite samples using the Kolsky (split 
Hopkinson) Pressure bar setup shown schematically in Fig. 5.5. The Kolsky or the 
split Hopkinson bar (Kolsky 1949) is based on the principles of one-dimensional 
wave propagation and has been widely used to measure the dynamic compressive 
behavior of engineering materials (Gray 2000). Two strain gauges are employed 
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Fig. 5.5 Schematic of a Kolsky (split Hopkinson) pressure bar setup for high strain rate testing 


in this setup: the first measures the incident wave (¢;(f)), and the reflected wave 
(e,(t)) at the center of the incident bar and the second measures the transmitted 
wave (€;(f)) and is located at the center of the transmission bar as shown in Fig. 5.5. 
The signals from the strain gauges were measured using a 4-channel digital storage 
oscilloscope (Nicolet, 440, LDS Test and Measurement, Charlotte, NC) with a 12- 
bit digitizer and 10 MHz sampling rate per channel. Assuming that the deformation 
in the specimen is homogeneous, the signals recorded by the strain gauges can be 
utilized to determine the average stress (o (¢)) and strain (e(¢)) in the specimen using 
the standard relations, 


_ AE 51 
o(t)= A, E(t) (5.1) 
t 
é(t) = Ff etoae (5.2) 
Ls 
0 


where A, E, and C are the cross-sectional area, Young’s modulus, and the wave 
speed of the bar material, respectively. The variables Ls and Ay are the specimen’s 
original length and cross-sectional area. Further details of this experimental method 
and data reduction can be found in Gray (2000). The diameter of both the incident 
and reflected bars was 19.05 mm. The incident bar was 1,215 mm in length, longer 
than the 1,020-mm transmission bar, thus enabling specimen recovery following a 
single well-defined loading (Chen and Ravichandran 2000). The striker bar had a 
diameter of 19.05 mm and a length of 152 mm. All bars, that is, the striker, incident, 
and transmission bars were made of precision ground high strength C350 marag- 
ing steel. 


5.2.4 Confinement 


Two fixtures were designed to independently apply and measure confinement on 
the composite specimens in the longitudinal and transverse, to the fiber, direction. 
One fixture was designed for use with the quasi-static loading system (MTS) and a 
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Fig. 5.6 Schematic of the layered structure of the specimen and stress axis definition 


second in the dynamic loading (Kolsky bar) setup. The stress in the fiber direction, 
also known as the longitudinal direction, is labeled, 01, in Fig. 5.6. The stress per- 
pendicular to the fiber stress but still in the fiber plane, called the transverse fiber 
stress is labeled, 02. The axis coincident to the loading apparatus axis, also known 
as the axial stress is labeled, o3. It is important to note that the composite material 
tested was constructed by layering several sheets of “prepreg” material. Prepreg, 
which stands for pre-impregnated, is a sheet of epoxy which contains a single layer 
of fibers. The prepregs are then layered on top of one another and cured under pres- 
sure until the sheets merge into a single structure. Therefore, the axial load will be 
applied perpendicular to the inter-laminar interface plane. 


5.2.5 Confinement Method for Low Strain Rate Loading 


The fixture for the low strain rate tests had three major requirements to fulfill: first, 
to apply confinement in the longitudinal and transverse fiber directions, second, to 
measure the confinement on the specimen, and finally, to vary the confinement in 
each direction. 

As stated in the previous section, the two out-of-plane transverse faces are those 
loaded directly by the MTS testing machine. To load the other four faces individu- 
ally, a square frame with four metal “fingers” in a cross configuration was designed 
and developed. Each rectangular “finger” had one end flush with the specimen. The 
other end fit into one of four rectangular slots cut into the square frame at 90 de- 
grees to each other. The longitudinally aligned fingers were larger at one end to 
keep the transverse fingers aligned. The fingers prevented the specimen from elon- 
gating in the longitudinal and transverse directions, as it would normally, were the 
fingers absent. When the specimen is compressed in the axial direction, the fingers 
of the fixture effectively “confine” the specimen in the longitudinal and transverse 
fiber direction, similar to the sleeve for cylindrical samples used by Oguni and 
Ravichandran (2000). 

Two 350-Ohm strain gauges (model# EA-06—062AQ-350, Vishay Micro Mea- 
surements, Raleigh, NC) provided the data to calculate the value of the confine- 
ment. One gauge was placed on the longitudinally aligned finger; the other on the 
transversely aligned finger. Both were located at the exact middle of the finger, 
equidistant from both ends and both sides. 


140 T.H. Kidd et al. 


b Biaxial Fixture (MAR300 steel) 


Op, transverse 
direction 


SG-Strain gauge 


6,, longitudinal direction 


Fig. 5.7 (a) Photograph of the quasi-static confinement fixture; (b) Schematic of the top view of 
the confinement fixture used for the quasi-static test to introduce lateral confinement 


Figure 5.7a shows a photograph of the fixture, with the axial (03), longitudinal 
(01), and transverse (02), stress axes labeled. An illustration of the top of the fixture 
is shown in Fig.5.7b, and also indicates the location of the strain gauges, for the 
longitudinal and transverse measurement stain gauges, respectively. 

The confinement of the specimen is dependent on the material of the fingers used. 
A cross-section of the fixture is provided in Fig. 5.8 as an example. While applying 
a load in the axial direction (03), the specimen will exert a force (02) on the fingers. 
The deflection in the finger will vary, depending on its Young’s Modulus. Varying 
the material from which the finger is made varies the extent to which the speci- 
men is allowed to expand, thus effectively varying the confinement on the material. 
For example, a steel finger would provide a large amount of confinement, while an 
aluminum finger would provide a lesser amount of confinement. The experimental 
setup utilized various fingers made from polycarbonate, aluminum, copper, steel, 
and a combination of aluminum fingers and polycarbonate pads, which will be dis- 
cussed in the next section. 
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Fig. 5.8 Cross-section of the confinement setup, showing the transversely aligned fingers and the 
specimen 


The biaxial frame attaches to the loading frame by resting on the lower holder 
that fits over the bottom loading rod, as depicted in Fig. 5.9. Figure 5.9a provides a 
perspective view of the entire loading assembly, including the biaxial confinement 
frame. Figure 5.9b,c provides a cross-section of the assembly and a magnified view 
of the holders and fixtures, respectively. The diagram shows both the upper and 
lower fixture that have a 2.54cm diameter hole, which keeps the axis of the fixture 
and the frame in alignment. The confining fingers rest on an upper holder that sits 
on the lower holder. The confining fingers are not attached to the biaxial fixture. 

The length, width, and height of the finger were 33.35+ .001 mm, 9.35+.01 mm, 
and 14.14 + .01 mm, respectively. The specimens’ nominal height of 5 mm and the 
fingers’ nominal height of 14mm made the specimen thinner than the finger, creat- 
ing a well configuration. Therefore, a maraging steel loading platen was employed 
to transfer the load from the loading rods depicted in Fig. 5.9, to the specimen. 
Figure 5.10a shows the fixture and specimen without the maraging steel adapter and 
Fig. 5.10b shows the fixture with the adapter. The maraging steel adapter platen had 
a length and width of 9.35 + .01 mm and a height of 10.40 = .01 mm. 


5.2.6 Varying Confinement with Polycarbonate Pads Inserts 


In order to test confinements smaller than those provided by aluminum but greater 
than polycarbonate, a method was developed to combine the polycarbonate and alu- 
minum. Variable length aluminum fingers and polycarbonate pads were used to 
adjust the confinement on the sample. A schematic of the finger/pad combination 
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Fig. 5.9 (a) Perspective view of the testing assembly; (b) section view of the testing assembly; (c) 
magnified view of testing assembly 
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Fig. 5.10 Photographs of the confinement fixture, (a) without maraging steel adapter, (b) with 
maraging steel adapter 


is depicted in Fig. 5.11. Because the total length between the frame and the sample 
was 33.35 mm, the thickness of pad and the length of finger, when added together, 
had to equal 33.35mm. As the thickness of the pad increased, the length of the 
aluminum finger decreased, as did the overall confinement on the specimen. 

With the polycarbonate pad between the finger and the frame, the total deflec- 
tion was greater than that with only the solid aluminum finger. As stated earlier, 
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Fig. 5.11 Schematic of cross-section of fixture showing finger, and polycarbonate pad and 
specimen 
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Fig. 5.12 Typical result of nominal stress-strain data for transverse loading of S2/8552 
glass/epoxy composite at a strain rate of 0.001/s 


confinement stress (Oconf) can be calculated from the strain gauge reading on the 
aluminum finger. Figure 5.12 displays the results representative of an experiment 
using the polycarbonate pad, aluminum finger combination. The data represent a 
finger/pad combination with a pad thickness of 3.81 mm and a finger length of 
29.54mm. As Fig.5.12 shows, the axial stress is greater than both the longitudi- 
nal and transverse stresses. In addition, because the composite has a tendency to 
elongate in the matrix dominated or transverse direction, as opposed to the fiber- 
dominated longitudinal direction, the transverse confining stress is greater than the 
longitudinal confining stress. 


5.2.7 High Strain Rate Confinement Method 


The original experimental setup for the dynamic tests called for the fixture used 
in the quasi-static test to be mounted on its side. However, problems arose with 
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Fig. 5.13 Schematic of the confinement fixture used in the dynamic test to introduce varying levels 
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Fig. 5.14 Photograph of the confinement fixture used in the dynamic experiments to introduce 
varying levels of confinement 


the implementation of the fixture into the Hopkinson bar. The fingers, which apply 
confinement in the quasi-static fixture, were aligned with each other by resting on 
the lower holder in the frame, while gravity kept the fingers in line with the speci- 
men. With the fixture on its side, however, the fingers no longer rested on the holder. 
Removal of the holder allowed the fingers to slide freely in the fixture finger slots. 
Because no ready solution to attach the fingers within the fixture could be found, a 
new fixture for the dynamic tests was developed. 

Figure 5.13 shows a schematic of the fixture designed for use in the dynamic 
tests. The fixture consists of four parts, each removable and replaceable with com- 
ponents of different mechanical properties. Four different pairs of longitudinal and 
transverse fingers were constructed, one pair each of polycarbonate, aluminum, cop- 
per and steel. Two pairs of fingers were placed in opposing directions, allowing for 
16 different configurations of longitudinal and transverse confinement. All 16 com- 
binations were tested and the results are presented in the next section. The previous 
section discussed how varying the finger material varied the confinement on the 
specimens, through the suppression of expansion in the longitudinal and transverse 
fiber direction of the specimen. Figure5.14 shows an example of the fixture with 
copper fingers in the longitudinal direction and steel fingers in the transverse direc- 
tion. The four pieces were held together with four 3/16” steel set screws at the four 
corners of the fixture. As in the low strain rate fixture, the fingers themselves were 
thicker than the specimen, so a steel adapter transferred the load from the bar to the 
specimen. Strain gauges were placed on two of the fingers: the first on a longitudi- 
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Fig. 5.15 Sample output from dynamic tests, showing incident and transmitted pulse determined 
from the Hopkinson bar strain gauges and longitudinal and transverse strain gauge output on the 
confinement fixture 


nally aligned finger, and the other on a transversely aligned finger. A Wheatstone 
bridge connected the strain gauges to a 4-channel digital storage oscilloscope with a 
12-bit digitizer at a 10 MHz sampling rate per channel. Figure 5.15 presents typical 
measurement readout, containing the four signals gathered in a test. The first two 
are the incident and reflected pulses from the strain gauges located on the incident 
bar and the transmission bar. The second two signals are gathered from the strain 
gauges located on the fixture, one that measures the longitudinal response of the 
specimen, and the other that measures the transverse response of the specimen. 


5.3 Low Strain Rate Results 


This study was concerned with the failure behavior of S$2/8552 glass/epoxy com- 
posite under multiaxial loading. The failure of a materials system is traditionally 
defined as the critical value of a controlling parameter that marks the limit of the 
materials functional range (Gould 1994, p. 202). The stress strain curve of the un- 
confined unidirectional composite under simple compression shows that when the 
ultimate strength of the material is reached, catastrophic failure results. In this test, 
the failure value is measured at the peak stress, or 178 MPa. 

Once confinement is added, the stress strain curve reaches the yield strength and 
exhibits nonlinear behavior, as shown in Fig. 5.16. The failure values of 0; and 02 
were taken at 1% strain. The S2-glass/epoxy composite specimens were all loaded 
normal to the fiber plane. The low strain rate tests (é = 10-3 s~!) can be separated 
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Fig. 5.16 Axial stress-strain response of S2-glass/epoxy unidirectional fiber composite with alu- 
minum finger in longitudinal direction and varying pad thickness in transverse direction 


into two categories: tests with the pad/finger confinement, and tests with a solid 
finger made of different materials. The pad/finger tests will be discussed first. 

The pad/finger combination tests comprised five different pad thicknesses for 
both the longitudinal and transverse directions. The nominal pad thicknesses were 
1.27, 2.54, 3.82, 5.06 and 6.36 mm, thus allowing for 25 separate pad/finger combi- 
nations. As previously discussed in Sect. 5.2.6, increasing pad thickness decreases 
the confinement stress on the specimen. The longitudinal confinement stress on the 
specimen (01) was calculated using the strain gauge reading on the finger. The trans- 
verse confinement stress on the specimen (02) was similarly assessed. 

While the pads in both the transverse and longitudinal directions exhibited per- 
manent deformation, the aluminum fingers were not deformed. Their dimensions 
were measured before and after each test to confirm that they had not sustained per- 
manent damage. Consequently, the same fingers could be used again for different 
pad thicknesses. The non-deformation of the aluminum fingers was also significant, 
in that the stresses sustained by the fingers were within the material’s elastic limit. 

The effect of confinement on the axial stress strain curve of the material is 
illustrated in Fig.5.17. The set of tests shown have the same confinement in the 
longitudinal direction but varying confinement in the transverse direction. The trans- 
verse confinement ranges from no confinement to pad/finger confinement to solid 
aluminum finger confinement in the transverse direction. As found in previous work 
by Vural et al. (2002), the longitudinal and transverse confinement suppresses the 
failure in the material, allowing the material to achieve higher axial stresses and 
failure strains. Under no confinement, the failure strain is approximately 0.6%, and 
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Fig. 5.17 Axial stress-strain response of S2-glass/epoxy unidirectional fiber composite with alu- 
minum finger in transverse direction and varying pad thicknesses in longitudinal direction 


when subjected to 5.08-mm pad thickness confinement, the failure strain jumps to 
1.5%. As the transverse pad thickness decreases, confinement increases, as well as 
the failure stress and strain. 

The pad/finger tests revealed that the axial stress was more significantly affected 
by transverse confinement, as opposed to longitudinal confinement. Figure 5.17 
presents results with the same confinement in the transverse direction and increasing 
confinement in the longitudinal direction. The graph indicates that increasing longi- 
tudinal confinement has little effect on the axial strength of the material. 

The pad/finger tests revealed that the axial stress was more significantly affected 
by transverse confinement, as opposed to longitudinal confinement. Figure 5.18 
presents results with the same confinement in the transverse direction and increas- 
ing confinement in the longitudinal direction. The graph indicates that increasing 
longitudinal confinement has little effect on the axial strength of the material. 

Since it seemed that the longitudinal confinement had little effect in the axial 
strength of the specimen, a test with no confinement in the longitudinal direction but 
steel in the transverse direction was conducted. The resulting axial stress strain curve 
for no confinement in the longitudinal direction is seen in Fig.5.18, along with the 
stress strain curves for transverse steel confinement and longitudinal confinement 
provided by aluminum, copper and steel. This test showed, however, that the case of 
no confinement in the longitudinal direction was lower than the case of aluminum, 
copper or steel in the longitudinal direction. 

A summary of the test results for all tests can be seen in Fig. 5.19. The plot shows 
the maximum shear tress, T, as a function of the pressure, P. The maximum shear 
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confinement being varied by changing confining finger materials from aluminum, copper and steel 
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Fig. 5.19 Plot of shear strength (t) versus pressure (P) from the low strain rate tests for both the 
pad finger configuration and solid finger configuration of confinement 


stress, T, and pressure are defined in (5.3) and (5.4) below: 


t= pl (5.3) 
pe a tea os (5.4) 


where 01, 02 and 03 are the principle stresses. These values are read from the output 
of the strain gauges. As stated in Sect.5.2, 01, 02 and o3 correspond to the longi- 
tudinal, transverse and axial stresses on the sample. Figure 5.19 demonstrates that 
the maximum shear stress and the pressure have a one to one correspondence with 
a slope of 1. 
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5.4 High Strain Rate Results 


The high strain rate experiments were performed using a Kolsky pressure bar setup 
(Fig.5.5) described in Sect.5.2.3. The confinement fixture (Figs.5.14 and 5.15) 
used in conjunction with the high strain rate experiments has been described in 
Sect. 5.2.7. The experimental setup used in the high strain rate tests involved using 
a spacer between the specimen and the incident bar and the output bar. The signals 
were unaffected by the addition of the spacers. The longitudinal and transverse con- 
fining stresses were monitored by two strain gauges. The strain gauge was located 
at the center of the “leg” of the high strain rate confinement finger. The length of 
the leg, Ly, is label in Fig. 5.20a, the thickness of the leg, Ty, is labeled in the side 
view of the fixture in Fig. 5.20b. 

All experiments were performed at a nominal strain rate of 107s~!. The ex- 
periments utilized a combination of fingers made from polycarbonate, aluminum, 
copper and steel. The shorthand al/al corresponds to a pair of aluminum fingers in 
the longitudinal direction and a pair of aluminum finger in the transverse direction. 
Therefore, the pc/cu configuration stands for polycarbonate fingers used for longi- 
tudinal confinement and copper fingers used for transverse confinement. In all, 16 
different configurations were employed. Figure 5.21 shows a similar result with that 
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Fig. 5.21 Plot of shear strength (7) versus pressure (P) from the high strain rate tests 
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of the low strain rate tests; however, a linear fit of the data reveals a slightly differ- 
ent linear relationship between the maximum shear stress and the pressure (slope 
of 1.26), which reflects the rate sensitivity of the transverse shear strength mate- 
rial. High strain rate effects may account for the increased shear stress for a given 
pressure for these tests. 


5.5 Summary 


The quasi-static and dynamic response of the S2-glass/8552-epoxy unidirection- 
ally fiber-reinforced composite has been studied under a wide rage of confinements 
and strain rates. Two unique fixtures were developed to apply and measure lon- 
gitudinal and transverse confinement stresses independently. The axial strength of 
the material was highly dependent on the transverse confinement. An increase in 
the longitudinal confinement was also found to increase the axial strength, but its 
effect was much less significant than the transverse confinement stress. The high 
strain rate results followed the same trend as the low strain rate results. The trans- 
verse confining stress had a much greater effect on the axial strength of the material 
in comparison to the longitudinal confining stress. The confinement force on the 
sample was a reaction force to the axial loading of the material and not an applied 
force. For this reason, the experimental apparatus failed to explore the behavior of 
the composite under large longitudinal confinement. The expansion in the transverse 
direction was much greater than the longitudinal direction by an order of magnitude. 
In order to investigate the effect of large confinement in the longitudinal direction, 
an active loading system must be developed to apply pressure in the longitudinal 
fiber direction. 
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Chapter 6 
Shock Loading and Failure of Fluid-filled 
Tubular Structures 


Joseph E. Shepherd and Kazuaki Inaba 


Abstract We consider the response of fluid-filled tubes to internal shock waves and 
explosions. The emphasis is on the fluid—solid coupling aspects. The coupling of ax- 
ial wave propagation in the fluid to flexural waves in the tube may be characterized 
by a single parameter that depends only on the tube and fluid material properties 
and dimensions. Using this parameter as a figure of merit, we discuss the limiting 
cases of weak and strong coupling between the fluid wave motion and tube struc- 
tural motion. Examples discussed include detonation and shock waves in gas and 
liquid-filled tubes of metal, polymers, and composites. The results of experiments on 
elastic and plastic deformation are presented as well as selected results on fracture 
and rupture. Detonation in gas-filled tubes usually falls in the weak coupling regime 
except for very thin tubes or cases of deformation that lead to tube rupture. Impact 
generated axial waves in liquid-filled tubes can range from weak-to-strong coupling 
cases depending on the tube wall thickness and material. These cases include the 
well-known phenomenon of water hammer and we describe the relationship of im- 
pact studies to previous work on wave-propagation in water-filled pipes. 


Keywords Fluid—solid coupling - Fluid—structure interaction - Water hammer 
- Korteweg wave speed - Flexural waves - Detonation waves - Tait equation of state 


6.1 Introduction 


Dynamic loading of fluid-filled tubes is a situation that is encountered in indus- 
trial hazard analysis and studied in the laboratory as a model fluid-solid coupling 
problem. Propagating explosions or shock waves can occur inside piping systems 
containing explosive gases and laboratory combustion facilities (Shepherd 2009). 
A common situation is piping filled with water or steam and dynamic loading 
created by valve actuation — this is the known as “water hammer’, a well-known 
problem in power and process plants (Wylie and Streeter 1993; Watters 1984). 
Gas-filled and liquid-filled pipes represent extreme situations from the viewpoint 
of fluid—solid coupling. Gas-filled pipes represent the case of weak or one-way 
coupling with gas motion forcing the structural response of the pipe but relatively 
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Fig. 6.1 Stress wave generation by piston impact on fluid inside a tube 


little or no gas motion is caused by the piping structural deformation. There is an ex- 
tensive discussion of this case in Shepherd (2009) and a few representative cases are 
presented in this review to illustrate the features of the weak coupling case. Liquid- 
filled thin-wall tubes represent the case of strong or two-way coupling in which the 
fluid motion and structural response of the pipe must be treated simultaneously. We 
focus almost exclusively on the strong coupling case in the present review. 

One motivation for experiments on fluid-filled tubes is the study of fluid— 
structure interaction in a regime that is relevant to underwater explosions. In our 
laboratory, we have being doing this through variations on the experiment shown 
in Fig.6.1. A metal projectile impacts on the surface of water filling a thin-wall 
tube. The projectile impact creates a coupled stress wave propagating in the tube 
and water, as well as a reflected stress wave in the impactor. Subsequent reverber- 
ations of the stress wave in the impactor and expansions transmitted into the water 
results in a sharp stress wave front followed by a rapid (exponential) decay of pres- 
sure behind the front (Skews et al. 2004; Deshpande et al. 2006; Espinosa et al. 
2006). Experiments using piston impact on a water-filled tube have been used ex- 
tensively in studying the tensile strength of water (Trevena 1987), metal forming 
of solids (Kosing and Skews 1998; Skews et al. 2004), and as an underwater shock 
simulator (see the extensive review in Chap.2 of Kedrinsky 2005), most recently 
by Deshpande et al. (2006), and Espinosa et al. (2006). However, in our studies we 
have focused on the dynamics of the tube deformation itself as a method of explor- 
ing fluid—structure interactions. 

In this review, we report on the results of dynamics experiments of the type shown 
in Fig. 6.1 with different tubing materials, thicknesses, and various loading ampli- 
tudes. We begin by presenting the simplest theory of waves in fluid-filled tubes and 
use this to identify a fluid—solid coupling parameter. Following this, we describe 
more sophisticated models and the regimes corresponding to the various values of 
the coupling parameter. Experimental results are presented for a number of different 
cases in each of the regimes. 


6.2 Korteweg Model of Wave Propagation 


Classical water hammer theory (Skalak 1956; Tijsseling 1996; Wiggert and 
Tijsseling 2001) considers the coupling of the motion of an elastic pipe or tube 
with acoustic waves propagating in the water within the pipe. Various levels of 
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theoretical treatment are possible (see Junger and Feit 1986; Howe 1998, for the 
foundations of fluid—structure interaction) but the key physical effects can be pre- 
dicted by the very simple model proposed by Korteweg in 1878 and confirmed 
experimentally by Joukowsky in 1898 (see the historical review in Tijsseling 1996) 
in which the pressures generated by the acoustic waves in the water are balanced 
by static stress in the surrounding pipe, considering purely elastic radial deflection 
uncoupled from the longitudinal motion. 

The Korteweg model reproduces the essential features of classical water hammer 
experiments with minimal assumptions. The fluid in the tube is compressible with a 
density ps and sound speed ar, and the motions in the fluid are treated as quasi-one 
dimensional. The equations of motion of the fluid (Lighthill 1978) are continuity 
(mass conservation) 


a 0 

< (pA) + 2 (pud) = 0, (6.1) 
du du OP (6.2) 
ar dar ax’ 


where p is the fluid density, u is the fluid velocity, A is the cross-sectional area of the 
tube, and P is the pressure. For small amplitude motions, we can consider pressure 
and density to be only slightly different from the at-rest values, 


Pa P= Py < Py; (6.3) 

p = P— Po K Po. (6.4) 
The tube area changes are relatively small, 

A’ =A-—A, K Ay, (6.5) 


and the velocity u is of the same order as these perturbations. Assuming isentropic 
motion, the pressure and density perturbations are related by 


PS eee (6.6) 


where the sound speed for the fluid is 


»_ (aP 
a=(5-) - (6.7) 


Expanding the equations of motion (6.1 and 6.2), we obtain the pair of linear 
equations, 


0 0 
5 (PA) + Pods = 0. (6.8) 


ox 
du oP’ 
P—-=-~. (6.9) 
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Cross-differentiating w.r.t. time and distance, and eliminating velocity, we can write 
this as 
a7 Pp 1 
ax2 Ay at? 
To complete the model, the tube area must be determined as function of space 
and time A(x,7). In general, this requires considering the dynamics of the motion 
of the tube (Skalak 1956). The Korteweg approximation is to neglect the inertia and 
bending stiffness of the tube wall and only consider a force balance in the hoop (6) 
direction 


R td 
a (6.11) 
h 


where 09 is the hoop stress, / is the wall thickness, and R is the mean tube radius. In 
general, the hoop stress will be a function of all components of the strain in the tube 
wall and depend on the radial location. However, if we use the simple membrane 
model of hoop stress for a cylinder and neglect longitudinal contributions, the hoop 
strain and stress will be related by 


06 


e (6.12) 


€9= 
where F is the Young’s modulus of the tube wall material and the hoop strain can 
be computed from the change in mean radius as 


€@ =—_, (6.13) 
ee (6.14) 


The pressure and area changes are then uniquely related 


2R P’ 
A’ = A,—— . 6.15 
hE (6.15) 
A generalization of this idea is to take the area of the tube as a function of pressure 
perturbation only, then 


A=A(P'), (6.16) 


and we can write the perturbation equation (6.10) as a linear wave equation with a 
wave speed that depends both on the fluid compressibility and tube extensibility. 


Korteweg equation: 
do suelo ot 
Ox2 ce? ON? a 
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Wave speed: 
a) 
—2 ee eS 
rea (6.18) 
0p p OA 
= — + ——_. all 
oP! a Ay OP!’ Cr 


The first term in (6.19) represents the response of the fluid to pressure changes 
and can be interpreted in terms of the fluid sound speed (6.7) and the second term 
represents the response of the tube to pressure changes. Using the simple model of 
a static hoop stress balance (6.15), we obtain the classical formula for wave speed 
in elastic pipes, 

5 2R 


Cc =a Pa, ; (6.20) 


which was first derived by Korteweg in 1878. The coupling between the tube and 
fluid can be more clearly seen by writing the wave speed as 


2\ /o\ (2R\] 1? 
caf (DEG os 
as Ps h 
where the bar sound speed (Kolsky 1963) for the tube material is 
a, = 


E 
— (6.22) 
Ps 


and ps is the density of the solid making up the tube. The speed of sound in the fluid 
a; is often expressed in terms of the fluid bulk modulus Ke, 


oP | Ke 
Ky =—vU (5) 7 ap= =e (6.23) 
dv s Pt 


The wave equation (6.17) is an approximation to the governing equations for the 
motion of a fluid-filled, thin-wall tube. More general considerations (Skalak 1956; 
Fuller and Fahy 1982; Pinnington 1997) with fewer approximations result in a cou- 
pled system of fourth-order equations for radial and longitudinal motion of the tube 
considered as a shell and acoustic oscillations in the fluid, discussed in the next 
section. There are four types of axisymmetric modes: a longitudinal motion in the 
shell, a coupled radial-acoustic motion (Korteweg waves) that correspond to (6.17), 
and two shell bending modes. The individual modes of shell oscillation and acous- 
tic motion in the fluid are transformed in a set of coupled modes (Del Grosso 1971; 
Sinha et al. 1992; Lafleur and Shields 1995), the precise nature of these depends 
on the extent of fluid—solid coupling as discussed below. Only one of these modes, 
the Korteweg waves, is described by the present model (6.17). Properties relevant 
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Table 6.1 Properties relevant to fluid—structure interaction for some 
representtive materials 


Materia E (GPa) ps (kg m~°) a, (m/s) 
Solids 

Steel 200 7.8 x 10° 5,000 
Aluminum 69 2.7 x 10° 5,100 
PMMA 3.3 1.2x 103 2 
Polycarbonate 2.6 1.25 x 10° a 

Glass 96 2.6 x 10° 6,080 
GFRP 5-80 1.4-2.2 x 10° 2 

CFRP 5-400 1.5x 10° 7 
Fluids 

Material K¢ (GPa) pr (kg m~*) a¢ (m/s) 
Water 2.2 1.0 x 103 1,482 
Mercury 28.2 13.45 x 10° 1,450 
Air 0.14 MPa a2 343, 


“Polymers are viscoelastic and composites are highly anisotropic so 
that there is no single well-defined bar speed for these cases 


to the evaluation of the fluid—solid coupling are given in Table 6.1. The three terms 
identified in (6.21) are nondimensional ratios that form a single nondimensional pa- 
rameter f that determines the extent of fluid—solid coupling in this geometry. This 
parameter has been termed the “fluid loading” by Pinnington (1997) and the value 
plays a central role in the study of acoustic waves (Fuller and Fahy 1982; Sinha et al. 
1992) in fluid-filled tubes. 


Korteweg wave speed: 


af 
Vite 


The contributions to the coupling parameter 


paca ta a 
Bee oO 


I caress 
are: 
le: longitudinal sound speed ratio , (6.24) 
Its density ratio , (6.25) 


IIE 8 geometric factor . (6.26) 
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Note that unlike the classical problem, treated by Taylor (1941) and Kennard 
(1944), of underwater shock waves reflecting from deforming plates (the origi- 
nal studies are given by the wartime reports in ONR 1950 and are described by 
Cole 1965; see also the discussions in Xue and Hutchinson 2004; Rajendran and 
Narasimhan 2006), this parameter does not include the characteristic unloading 
time of the load, i.e., decay time of the blast wave. Although the parameter f 
does indeed play the key role in determining the primary wave speed, we know 
from previous work (Beltman et al. 1999; Beltman and Shepherd 2002; Chao and 
Shepherd 2005b,a) on shock and detonation waves that other factors are relevant to 
determining the peak tube deformation. For example, nondimensional parameters 
that we will need to consider include the following: 


1. Ratio of unloading time to the hoop period of the tube radial oscillations 

2. Ratio of the shock or detonation front speed to the group velocity of flexural 
waves 

3. Ratio of peak induced stress to the yield stress in the solid 


For now, we will set consideration of these factors aside and just examine the role 
of # in fluid—structure interaction. The size of the ratios making up 6 can be read- 
ily computed using the properties of some representative tube materials and fluids 
given in Table 6.1. The results are given in Table 6.2 for two cases: (1) thin-wall 
tubes typical of most of our laboratory experiments so far; (2) thick-wall tubes that 
have been used in a few of our tests. We have considered three fluids and four ma- 
terials, although it is not necessary to compute all combinations to appreciate the 
range of fluid—solid coupling that will exist. The theory is valid only in the limit 


Table 6.2 Fluid-solid coupling parameters and Korteweg wave 
speed for representative thick and thin wall cases 


Combination B Wave speed (m/s) 
Thin tube, h = 0.89mm, D = 38.5mm 

Water-steel 0.48 1,220 
Water-glass 0.99 1,050 
Water-aluminum 1.4 961 
Water-PMMA 29. 271 
Mercury-steel 6.1 544 
Mercury-aluminum 17 335 
Mercury-PMMA 370 75 
Air-steel 3.0 x 10~> 343 
Thick tube, h = 25mm, D = 100mm 

Water-steel 0.044 1,450 
Water-glass 0.092 1,418 
Water-aluminum 0.13 1,396 
Water-PMMA 2.7 774 
Mercury-steel 0.56 1,159 
Mercury-aluminum 1.6 893 
Mercury-PMMA 34 244 


Air-steel 2.8 x 107° 343, 
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that the tube can be treated as a shell so that the values computed for the thick- 
tube case are not expected to be accurate and are only given to indicate the range 
of fluid—solid coupling that we could anticipate in these cases. As expected, we ob- 
serve that fluid—solid coupling is maximized for the thin tubes with stiff fluids and 
minimized for thick-tubes with highly compressible fluids. The case of air within 
any of the tubes is representative of the case of internal shock or detonation load- 
ing (Shepherd 2009) and is clearly weakly coupled so that the Korteweg waves 
travel at the gas sound speed for small amplitude waves. For large amplitudes, 
the Korteweg waves travel with the shock or detonation velocity as discussed in 
Shepherd (2009). 


6.3 Limiting Cases of FSI 


There are some obvious limiting cases that lead to simplifications when there are 
extreme values of the coupling parameter 6 which can be rewritten as 
2 
a 2R Ke 2R 
p= RE ae" ; 
psazoh Eh 


6.3.1 Thick, Stiff Tube B «1 


If the tube wall is sufficiently thick and/or stiff, 
psazh > 2Rpra? , 
then motion of the tube wall does not influence the wave propagation speed which 


is just the value of the sound speed a, in the fluid for weak waves or the wave front 
(shock or detonation) speed U for large amplitude waves. 


Wave speed for 6 < 1: 
Weak waves, 


Shock or detonation waves, 


In this regime, the motion of the fluid can be computed as though the tube is rigid 
and the motion of the tube estimated by applying the computed pressures within the 
fluid as boundary conditions to the solid. This is the situation of a shock wave in 


6 Shock Loading and Failure of Fluid-filled Tubular Structures 161 


air or gaseous detonation inside a metal tube, see the discussions in Beltman and 
Shepherd (2002) and Beltman et al. (1999). As long as the tube thickness to diam- 
eter ratio exceeds 10~, i.e., wall thickness is at least 1% of the diameter, then the 
parameter B < 10~?. This is satisfied for all commercial pipe and tubing compo- 
nents. It is possible to consider the tube to be rigid for the purposes of computing 
the shock or detonation wave motion allowing very simplified (one-dimensional) 
models of the pressure waves in the gas to be employed (Beltman and Shepherd 
2002; Beltman et al. 1999). In these cases, the deformations of the tube are usu- 
ally confined to the elastic regime and the failure mode is due to cracks initiating 
at flaws in the tube wall, see Chao and Shepherd (2005a, 2004). It is also possible 
to obtain plastic deformation for extremely thin-walled, low-strength tubes and high 
detonation pressures (Shepherd 2009). Fluid—structure coupling could be significant 
for these cases and this is a subject of active investigation in our laboratory. 

If we approximate the structural dynamics of the tube as a thin shell (Tang 1965), 
the motion of the shell is forced by the difference in pressure AP(x,t) between 
the interior and exterior of the tube but otherwise the fluid and solid motions are 
uncoupled (see the discussion in Beltman and Shepherd (2002)). 


Shell model: 
aN. au OM Py 
XX _ h XxX .= pa 
ag eae age ee ae 
90x Noo _  w 


For elastic motions, the stress resultants Nx., Nog, Mxx and Ox are de- 
fined as: 


Eh [ou w Eh? dw 
Nec= pas [pet OR] eee 
Eh du ow dw 
Noo = = E =| ; 0x = «Gh |v + =| , 6.28) 


where u is the axial displacement, w is the radial displacement, R is the mean 
shell radius, / is the shell thickness, ¢ refers to time, p is the density of the shell 
material, v is Poisson’s ratio, E is Young’s modulus, AP is the difference 
between the internal and external pressure, 7 is the rotation and x is the shear 
correction factor. This particular model was used by Tang (1965) and includes 
terms that model the effects of shear deformation and rotary inertia. Many 
other versions of shell models are available and with various approximations, 
have been applied to fluid—structure interaction. 
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Obtaining the thick-wall limit with a liquid-filled tube requires a substantially 
stiffer and thicker-walled confining tube than for gas-filled tubes. For example, with 
water inside a steel tube, the simple theory predicts that the required ratio of thick- 
ness to diameter should be one, i.e., wall thickness equal to the diameter, for the 
parameter B < 10~*. The approximations of a thin-wall tube is clearly no longer 
valid for these values and more realistic elastic models of the tube wall are required. 
This limit is not reached for standard sizes of commercial pipes and therefore the 
tube-wall motion is significant in determining the wave propagation. This situation 
is typical of water hammer problems, and it is well known even from the earliest 
studies of Korteweg and Joukowsky that it is essential to include tube elasticity. 

If we neglect the effects of axial stress, bending or rotary inertia and assume that 
the shell can be treated as a membrane, then the motion is purely radial motion if 
the loading is axisymmetric. The equation of motion will be 


aw N 
ph + a7 = AP(t). (6.29) 


For elastic motions, the stress resultant is 


Nga (6.30) 
6 T= v2 R’ 
and the equation of motion is that of a forced simple harmonic oscillator, which is 
referred to as a single-degree-of-freedom model in the structural response commu- 
nity. The natural frequency of oscillation is given by the fundamental mode of radial 


or “hoop” motion. 


Single degree of freedom model: 


: (6.31) 


Natural frequency: 


= f=s (6.32) 
aoe ip p(1 — v2) ’ aa j 


The single degree of freedom model is quite limited since the neglect of bend- 
ing stresses effectively makes each shell element independent. Including bending 
while still neglecting transverse shear and rotary inertia leads to the following model 
equation (Bhuta 1963; Simkins 1995), which is equivalent to that of an Euler- 
Bernoulli beam on an elastic foundation with a traveling load, a model that has 
been extensively studied in many different contexts such as the loading created by 
the motion of trains or rocket sleds (Kenney 1954). 
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Simplified flexural wave model: 


Eh? Otw = 0*w 2 _ AP(x,t) 


6.33 
12p(1 — v2) dx4 * ot? eee ph C 
where the frequency a, is 
Lee (6.34) 
Q& ==,|=- : 
oO R p 


Steady traveling wave solutions on a long tube (Bhuta 1963; Simkins 1995) 
show a resonance when the traveling load moves at a critical propagation 
speed 


18, 
Ve = ee (6.35) 


pRV3( — v2) | 


This resonance has been observed in diverse traveling load situations such as 
gun tubes (Simkins et al. 1993), shock waves (Beltman et al. 1999), and detona- 
tion waves (Beltman and Shepherd 2002). Although quite simplified, the essential 
features of dispersive waves and a critical speed are captured by this model. 


6.3.2 Coupled Fluid Motion and Tube Deformation, B = O(1) 


In the coupled situation, the fluid motion must be simultaneously considered with 
the motion of the tube. The motions are coupled together at the boundary be- 
tween the tube material (solid) and the fluid inside the tube. For realistic fluids, this 
means that the fluid sticks to the boundary, and as long as the tube is intact, does not 
penetrate the boundary. ! In addition, the tangential (shear) and normal stresses at the 
boundary must be continuous so that the traction forces on the boundary of the solid 
are equal to the surface forces obtained by evaluating the fluid stress tensor at that lo- 
cation. A common simplification is to treat the fluid as inviscid and allow slip along 
the tube interior surface with vanishing shear stress in the fluid. For simple boundary 


' A complication that is observed in the present tests is cavitation (Trevena 1987), the generation 
of cavities or bubbles when tension (negative pressure) occurs due to wave interactions in a liquid- 
filled tube. This can result in the separation of tube interior wall from the liquid as well as interior 
cavities. Although of great importance in water hammer (Wylie and Streeter 1993; Watters 1984) 
and underwater explosions (Kedrinsky 2005), we have omitted discussion of that aspect of FSI 
from this review. 
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shapes and small amplitude motion, the coupling can be implemented analytically 
by linearizing the location of the boundary. For complex boundary shapes and large 
amplitude motions, numerical methods (see the discussion in Arienti et al. 2003) are 
needed to define the boundary location and couple the fluid and solid simulations. 

A special case of coupled motion is small amplitude or acoustic waves in the 
fluid and elastic vibrations of the solid. This situation has been extensively consid- 
ered in the context of underwater sound (Junger and Feit 1986), aeroelasticity and 
aerodynamically generated sound (Howe 1998). In a stationary, homogeneous, ideal 
(inviscid) fluid, the flow can be derived from a velocity potential @ that satisfies the 
wave equation. For axisymmetric situations, the flow is two dimensional (x, 7) and 
there are only two velocity components (u, v). 


Fluid acoustics: 


P' = P—P, ne ; (6.36) 
p' =p—p, = P’ Jaz, (6.37) 
u= (u, v) ; (6.38) 

=V¢, (6.39) 
1 0?@ 
2 =—- — Ci 
Pa (6.40) 


Consistent with the inviscid character of acoustic motion, the fluid—solid cou- 
pling is reduced to a kinematic condition that enforces the continuity of normal 
velocity at the fluid-solid boundary but allows the tangential velocities to differ or 
slip. The coupling occurs at the inner wall of the tube, r = R(t), but this is usually 
linearized to be the nominal fixed radial location r = R, in acoustic analysis used 
in combination with the shell treatment of the tube. 


Fluid-Solid Coupling: 


a = Wer = Ry) - (6.41) 
0 
ae (6.42) 
or r=R, 


For an inviscid fluid model, only the normal component of the stress is contin- 
uous at the fluid—solid boundary so the normal stress in the solid is balanced 
by the pressure in the fluid. For the shell model and the acoustic solution for 
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fluid, this condition specifies the loading which is the driving force in the shell 
radial motion equation. 


AP = P'(x,r = Ro,t), (6.43) 
dp 
em Onars (6.44) 
at r=R 


Skalak (1956) first solved the complete axisymmetric model for shell vibrations 
coupled to acoustics through these relationships. The shell model he used was a 
variation on (6.27) and the acoustic solution considered both radial and longitudinal 
modes. The shell model was reduced to pair of partial differential equations (fourth- 
order in space, second order in time) for radial and axial displacements. These two 
equations are coupled through the Poisson effect so that both axial and hoop strains 
are produced in an initial value problem that simulates projectile impact or water 
hammer. Skalak predicted that there are two principal sets of waves that can be 
observed. A weak axial strain wave precursor moving at the bar speed runs ahead 
of the main pressure and hoop strain disturbances, which are moving at close to the 
Korteweg speed. Skalak gives an approximate analytic solution to an initial-value 
problem similar to projectile impact but the expressions are quite complex and al- 
most all subsequent research on water hammer has used either the simplified version 
of his model (discussed subsequently) or numerical simulations of the full equations. 


6.3.2.1 Simplified FSI Models 


In his 1956 paper, Skalak introduced a simpler model that is more realistic than the 
Korteweg model but less complex than the full coupled 2D shell-acoustic model. 
This “four-equation” model has been successfully applied (Tijsseling 1996, 2003, 
2007) to a number of water hammer problems, demonstrating reasonable agreement 
with measured pressures and strains. The model is a straightforward extension of the 
Korteweg model to include axial wave propagation and Poisson coupling between 
radial and axial deformation. The fluid modeling assumptions are identical to the 
Korteweg model, neglecting bending stresses, shear effects, rotary and radial inertia. 
The fluid equations are identical to (6.8) and (6.9) and the acoustic approximation is 
used to relate pressure and density changes in the fluid. The area change is computed 
in terms of the change in tube radius, which is equivalent to the coupling relationship 
(6.41), 

1dAd 2 0w 

Adt Rot’ 
The governing equation set reduces to two equations for the axial fluid motion, one 
wave equation for axial tube motion and the static force balance for the radial motion 
of the tube. The variables are only a function of axial distance x and time ¢ for the 


(6.45) 
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simplified model, and the equations are hyperbolic, enabling solutions by standard 
wave propagation techniques such as the method of characteristics (Wiggert et al. 
1987; Li et al. 2003) or Godunov methods (Gale and Tiselj 2008). 

The “Four-Equation” Model: 


il oye” du 2 dw 


a ee ee oe 
du ap" 
Pow, = ree (6.47) 
iM 2 eae (6.48) 
Ox aR” 
Neo _ » 
se (6.49) 


Skalak explored the consequences of this model and showed that the equation 
set admits steady traveling waves with two eigen-speeds c; and c2 that coincide 
with the principal speeds of the full model. The higher speed cz is approximately 
the speed of axial waves in the tube wall ./ E/,(1 — v2) and the lower speed c, is 
approximately the Korteweg wave speed given by (6.21). In addition, the amplitude 
of the deformations and fluid velocities (relative to the fluid pressure) are the same 
in the reduced and full models. In particular, the peak pressure and fluid velocity in 
a steadily traveling wave of speed c are related by 


P!=peu', (6.50) 


which is an extension of usual acoustic relation for fluids P’ = pagu’. 

One key difference is that the full model is dispersive and sharp wave fronts 
will spread out with time (Tijsseling et al. 2008) whereas in the reduced model, the 
fronts remain sharp. The main physical effect responsible for dispersion is radial 
inertia with bending stiffness playing a secondary role. 


6.3.3 Thin, Flexible Tube B > 1 


If the tube wall is sufficiently flexible then the compressibility of the fluid is negli- 
gible compared with the effective compressibility due to the extension of the tube. 
In this limit, the propagation speed is determined solely by the inertia of the fluid 
and the elastic properties of the tube, 
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cx ,/—., (6.51) 


which can be simplified using the relationship (6.15) 


[Eh 
Cr oy (6.52) 


In the field of arterial wave mechanics (Parker 2009), relationship (6.52) is gen- 
erally known as the Moen-Korteweg equation. 
For thin tubes, this speed is quite a bit lower than the bar speed (6.22) or thin-tube 


axial wave speed since 
s I 
i. (6.53) 
pr2R 


This is the limit often considered in connection with flow in blood vessels and peri- 
staltic pumping in the intestinal tract (Grotberg and Jensen 2004). This propagation 
of extension waves in the arteries is responsible for the phenomenon of “pulse” 
that is used to sense the frequency of the heart beat. The pressure pulse generated 
by the pumping of blood into the aorta from the heart creates a propagating wave 
that moves with a speed on the order of 3-6 m/s near the heart and further away, 
as the arteries become smaller, the speed increases up to 15-35 m/s. In the case of 
the venous system, the effect of external pressure can lead to the phenomenon of 
“collapse,” which will restrict the flow of blood. The collapse of a flexible, fluid- 
filled tube is a type of buckling instability and leads to a highly noncircular tube 
cross-section and a nonlinear relationship between pressure and area. 

Beam (1968) carried out a novel analysis of the incompressible fluid limit using 
a Lagrangian formulation of the dynamics and considering large amplitude defor- 
mation of the tube wall. Treating the motion as fully nonlinear, Beam was able 
to determine conditions under which compression waves would steepen to form 
shock-like disturbances in the pressure pulses within the arteries. He formulated the 
hypothesis that these shock waves were the origin of the high-frequency Korotkoff 
sounds that are the basis of indirect blood pressure measurement (sphygmomanome- 
ter) using a pressurized cuff and a stethoscope. 


6.4 Experimental Results 


Impulsively excited wave propagation in fluid-filled tubes has been studied for shock 
and detonation waves inside metal tubes filed with gas or water. These studies have 
examined both the elastic and plastic deformation in the tubes. We have selected 
several examples to illustrate the cases of small 6B «< 1, moderate 6 ~ 1, and large 
B > 1, fluid-solid coupling. 
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6.4.1 Small Coupling 


This is the case of a detonation or shock wave in a gas within a thin-wall metal tube. 
The value of B is small (less than 10~3) and there is minimal fluid—solid coupling 
in the sense discussed above. An ideal detonation wave propagates with a constant 
speed, the Chapman-Jouguet (CJ) velocity and there is a rapid pressure increase 
across the wave followed by a decay to a constant value. An ideal shock wave load- 
ing would be in the form of a constant velocity wave followed by a constant pressure. 
The pressure behind the wave front is imposed in an axially-symmetric fashion on 
the tube wall and excites oscillatory deflections in the tube wall. Because of the lack 
of coupling between fluid and solid motion, there is essentially no influence of the 
tube motion on detonation wave speed or flow behind the detonation. Therefore, the 
effect of an internal shock or detonation wave on the tube is to provide a traveling 
or moving load applied at the interior tube surface in the radially outward direction. 

The problem of a traveling internal load on a tube has been extensively examined 
(see Beltman et al. 1999; Beltman and Shepherd 2002) and in the simplest formu- 
lation is equivalent to a traveling load imposed on a beam supported by an elastic 
foundation. Considering the tube as a thin-shell, there are four axisymmetric modes 
of tube motion (Tang 1965) that are generated in this case. In order of increasing 
wave speed, these are the flexural waves, shear waves, bar waves, and longitudinal 
waves. The flexural wave exhibits the largest amplitude of tube hoop strain and is the 
most significant of all of these modes. Flexural waves, like other structural modes, 
do not have a well-defined wave speed but are dispersive and the main wave front 
moves at a phase velocity that is equal to the speed of the loading front (shock or 
detonation wave speed). For weak shock waves, this is the acoustic speed in the gas 
so that the flexural wave corresponds to the 6 — 0 limit of the Korteweg wave mode 
of acoustic disturbances. For strong shock waves or detonations, the wave speed in 
gas may significantly exceed the gas acoustic speed and this may excite very strong 
deflections in the tube for certain speed ranges. In particular, there is a pronounced 
resonance (Beltman et al. 1999; Beltman and Shepherd 2002; Chao and Shepherd 
2005b) when the phase speed is equal to the group velocity and large amplitude 
hoop strain oscillations can be observed in this situation. 

For a given pressure behind the gas wave, the maximum hoop strain is a func- 
tion of the wave speed relative to the critical speed or group velocity of the flexural 
waves. Chao and Shepherd (2005b) examined the possibility of additional resonance 
at the modified shear wave speed in the shell but did not observe any amplifica- 
tions of hoop strains in this speed range in agreement with the Tang model and 
finite element simulations. Amplification of the shear strains is predicted (Chao 
and Shepherd 2005b) but the effect is modest in comparison with the flexural wave 
resonance. Additional resonances at even higher speeds, in the range between the 
bulk sound speed and dilatation speed, are observed in finite element numerical 
simulations by Lewis and Nechitailo (2007). It will be difficult to experimentally 
observe these effects in gases with metal tubes but it may be possible in plastic 
tubes with the additional complication of viscoelastic behavior. 
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6.4.2 Elastic Motions 


Figure 6.2a shows gaseous detonation pressure histories measured at intervals of 
127 mm along the axis of a steel tube 1.25-m long and 127 mm inside diameter with 
a 12.7-mm thick wall, (see Liang et al. 2006a; for details). Figure 6.2b shows the 
hoop strain histories at the corresponding axial locations. Comparing the two plots, 
we can see that the main flexural wave front moves at the speed of the detonation 
front, about 2,090 m/s. A small amplitude precursor can be observed moving ahead 
of the main wave front, the leading edge of the precursor travels at about 5,000 m/s, 
close to the bar wave speed in the tube. The hoop strain oscillations have a frequency 
of fy = 17.5 kHz, which corresponds to the hoop or breathing mode associated with 
a purely radial motion. The amplitude modulation of the hoop oscillations is mainly 
to the superposition of oscillations created by the incident detonation and reflected 
shock wave with additional disturbances created by the welded-on pressure gage 
ports. The tube is stiff and the peak pressures are relatively modest so that the peak 
strains are less than 250 justrain (¢ < 0.00025) and all motion is purely in the elastic 
regime. A more ideal response can be obtained by carrying out tests with a section 
of tube with a uniform cross-section and carefully-controlled boundary conditions 
(Shepherd et al. 2008; Liang et al. 2006b). Nearly sinusoidal oscillations in radial 
deflection with constant amplitude can be observed in Fig. 6.3. The specimen tube 
is 6061T6 aluminum, the same type used as in previous studies. Outer diameter is 
41.28 mm (1.625 in). The thickness of the tube is nominally 0.89 mm (0.035 in) but 
actual dimensions vary by +/— 10% due to the manufacturing technique. The tube 
was held by collets spaced 420 mm apart and the measuring location was halfway 
between the collets. 


6.4.3 Plastic Motions 


If the tube wall is sufficiently thin and the shock or detonation pressure sufficiently 
high, plastic deformation of the tube will occur (Smith 1986, 1990). When this 
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Fig. 6.2. Elastic structural response of a steel tube to a gaseous detonation: (a) pressure histories; 
(b) strain histories (bonded strain gages) (Liang et al. 2006a) 
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Fig. 6.3 Elastic structural response of a thin-wall aluminum tube to a gaseous detonation as mea- 
sured by a optical displacement interferometer (Shepherd et al. 2008) 
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Fig. 6.4 Plastic structural response (hoop strain) of a thin-wall steel tube to a gaseous detonation 
as measured by bonded strain gages. The short data lines at the left side of the figure indicate the 
final residual plastic deformation (Pintgen and Shepherd 2006) 


happens, the radial deflection of the tube is dominated by the resulting permanent 
deformation and the oscillations that are so prominent in the elastic case are neg- 
ligible compared to the plastic deformation. Figure 6.4 shows a set of hoop strain 
histories measurements for the same internal dimensions as shown previous, 1.24-m 
long tube and 127 mm inner diameter, but with a wall thickness of 1.5 mm. The det- 
onation wave occurred in a stoichiometric methane—oxygen mixture at an initial 
pressure of 0.35 MPa (Pintgen and Shepherd 2006). 

Because of these differences, the peak strains in this case are almost 100 times 
larger than in the elastic case shown previously. The steel is a mild carbon steel 
(C1010), which exhibits significant work hardening and strain rate effects that must 
be considered to predict the extent of the deformation. Very rapid changes in de- 
formation are created by both the incident detonation and reflected shock wave. 
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The reflected shock decays rapidly as it moves away from the reflecting end so that 
two distinct waves are particularly visible for the gage at 1.13 m. The rate of change 
of the tube radius is limited primarily by inertia and on the time scale shown, the 
rise time is relatively short so that the waves appear nearly as a step change (“plas- 
tic shock wave’’). If there is sufficient deformation to reach the tensile limit, rupture 
and fragmentation can occur. Rupture due to gaseous detonation can occur under ex- 
treme loading conditions that are created by transition from deflagrations (flames) to 
the detonation mode of combustion (Shepherd 2009). The related process of crack 
propagation from preexisting flaws has been studied for detonation loading in a se- 
ries of experiments by Chao (2004). 


6.4.4 High Explosives 


There has also been a substantial amount of research, for example, by Duffey and 
Mitchell (1973); Benham and Duffey (1974); Hodge (1956); Duffey (1971); Duffey 
and Krieg (1969); Fanous and Greiman (1988) and others cited in the review by 
Florek and Benaroya (2005), on the plastic response of tubes to high explosives. 
This is of great practical interest for confining explosions (Rodriguez and Duffey 
2004; Duffey et al. 2002) for purposes of testing or transporting explosive materi- 
als. However, these situations typically involve concentrated energy releases and do 
not result in propagating deformation waves. A single bulge in the tube is typically 
created by the explosion unless the energy release is sufficient to fracture the tube. 
For high explosives in air-filled tubes, it is possible to predict the final deforma- 
tion using approximate equations of motion when strain rate and strain hardening 
effects are taken into account. Similar experiments in water-filled tubes (Sandusky 
et al. 1999; Chambers et al. 2001) have been carried out to provide data on wall 
motion and internal pressure that can be used to validate simulations of underwater 
explosions (Wardlaw and Luton 2000). Plastic deformations as large as 20% were 
recorded in the middle portion of a 100-mm diameter aluminum (type 5086) tube 
with a 5.35 mm wall thickness. 


6.5 Moderate Coupling 


Experiments have been carried out at CIT (Inaba and Shepherd 2008a,b) to create 
impact-generated stress waves in a water-filled tube using the configuration shown 
in Fig.6.1. A 700g steel projectile was accelerated by compressed air through a 
1.5-m long barrel and impacted a polycarbonate buffer at the top of the tube. The 
projectile velocity and impact dynamics were recorded with high-speed photog- 
raphy. The buffer accelerates impulsively as soon as it is impacted by the steel 
projectile, decelerates to a stop in about | ms and reverses direction. The buffer 
is sealed to the tube with two o-rings to prevent the water from squirting through 
the small gap between the buffer and tube. 
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Fig. 6.5 Pressure waves generated by projectile impact on a water-filled steel tube with a 12.5-mm 
thick wall (Inaba and Shepherd 2008a) 


A sharp pressure pulse (Fig.6.5) is created by the initial impulse due to the 
impact of the projectile followed by an approximately exponential decay in time 
of pressure due to the expansion waves generated as the projectile slows down. 
An elementary theory of the pressure pulse generation mechanism is given in the 
Appendix. The incident pressure wave propagates down the tube with the Korteweg 
wave speed, reflects from the bottom closure of the tube with an increase in am- 
plitude, then propagates back up to the buffer. When the compression wave reflects 
from the free surface of the buffer, a tension wave is generated that propagates into 
the water resulting in cavitation. 


6.5.1 Elastic Waves 


For sufficiently low projectile velocities and/or sufficiently thick tubes, the struc- 
tural deflections are elastic. Operating in this regime and using commercial metal 
tubes, we can test the conventional models based on water-hammer theory. The 
pressure waves in the fluid are accompanied by longitudinal (axial) and hoop strain 
waves in the tube wall. To observe these waves, Inaba and Shepherd (2008a) used 
thin-wall mild steel tubes (1020 type, 0.91-m long, 40mm in diameter, 0.77 mm 
wall thickness) instrumented with bonded strain gages at 10 cm intervals (Fig. 6.6). 
In agreement with the theory of Skalak (1956), the bulk of strain (primary wave) is 
in the hoop direction and traveling at the Korteweg speed in phase with the pressure 
pulse. A small-amplitude longitudinal tension wave (precursor wave) propagates at 


the thin-plate velocity 
s (6.54) 
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Fig. 6.6 Elastic deformation waves generated by projectile impact on thin-wall water-filled steel 
tube (Inaba and Shepherd 2008a); (a) hoop strain, (b) longitudinal strain 
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Fig. 6.7 Elastic wave properties for projectile impact on thin-wall water-filled steel tubes (Inaba 
and Shepherd 2008a). (a) Wave speeds and (b) primary hoop and longitudinal strain peak ampli- 
tudes compared with Skalak (1956) model 


ahead of the main disturbance. A much larger amplitude longitudinal compression 
wave propagates in phase with the main hoop signal due to the Poisson effect. In 
agreement with the linear theory, shown in Fig. 6.7, the precursor wave speeds are 
independent of the impact velocity and peak strain amplitudes scale linearly with 
impact speed. The effect of tube wall thickness on primary wave speed is in agree- 
ment with either the thin- or thick-wall models but in order to accurately predict 
hoop strain on the outside of the tube, the radial distribution of stress has to be taken 
into account (Watters 1984; Tijsseling 2007). 


6.5.2 Plastic Deformation 


By using higher impact velocities, plastic deformation of the tube and, in extreme 
cases, rupture can be observed. For example, Inaba and Shepherd (2008b) have 
observed, Fig. 6.9, plastic deformations with peak hoop strains up to 0.4% in a thin- 


174 


Primary wave speed (m/s) 


1500 F 
14o0F 
1300 F 
1200 
1100 F 
1000 


900 


@ Experiment (Primary hoop) 
- + -- Korteweg (Thin-wall theory) 
— - - Tijsseling (Thick-wall theory) 


800 
i) 


4 8 12 


Tube wall thickness (mm) 


a 


€ (m strain) 


J.E. Shepherd and K. Inaba 


0.30 
@ Experiment (Primary hoop) 2 

----- Skalak (Thin-wall theory) eo 
9.25 J)... Tijsseling (Thick-wall theory) | _-“ 
0.204 ; ° 
0.15 + o te, 
0.10 + - 

, 
0.05 weno 
0.00 : 1 1 
i) 10 20 30 40 


Pressure (MPa) 


b 


Fig. 6.8 Elastic wave properties for projectile impact on water-filled steel tubes (Inaba and 
Shepherd 2008a). Effect of wall thickness on (a) primary wave speed and (b) peak hoop strain. 
Comparison with Skalak (1956) and Tijsseling (2007) models 
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Fig. 6.9 Deformation in plastic regime and rupture generated by projectile impact on a water-filled 
aluminum tube (Inaba and Shepherd 2008b). (a) hoop strain and pressure histories and (b) tube 
rupture at the tube bottom. Impact speed 15.8 m/s, 50 mm rupture length 


wall aluminum (AL6061-T6) tube with a projectile velocity of 16 m/s. The tube was 
seamless, had a nominal wall thickness of 0.86 mm, inner diameter of 39 mm, and 
was ~0.9-m long. The incident wave front speed derived from Fig. 6.9a is 946 m/s, 
which is close to the value of 960 m/s predicted by the classical Korteweg theory 
(Table 6.2). 

In the test shown in Fig. 6.9, the tube ruptured just above the closure at the bottom 
of the tube. This is not surprising since the highest pressures and strains occur at this 
location due to the interaction of the incident and reflected waves. The onset of tube 
rupture is indicated by a sudden pressure decrease at 0.5 ms, which propagates up 
the tube as a pressure expansion wave and associated strain signals, Fig. 6.9a. Under 
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the conditions of the testing for this specimen, rupture did not occur until after the 
Oth test and sufficient damage has accumulated to create a through wall crack. The 
crack only propagated a limited distance (50 mm), Fig. 6.9b, before arresting due to 
the loss of driving force associated with the flow of fluid out of the crack and rapid 
depressurization of the tube. 

The rupture behavior is very similar to what was previously observed (Chao and 
Shepherd 2004) in the rupture under static loading with hydraulic fluid of an iden- 
tical tube specimen with a deliberate flaw used to initiate fracture. As discussed 
by Chao and Shepherd (2004), the limited extent of the rupture under hydraulic as 
compared to pneumatic (pressurized gas) loading is a consequence of two factors. 
First, for a given pressure, a much smaller amount of energy per unit volume can 
be stored in a compressed liquid than a gas. Second, with liquid pressurization, the 
crack driving force decreases below the critical level required to create new fracture 
surfaces much more rapidly than for gaseous pressurization. 

Strains can be observed that are greatly in excess of the nominal elastic pro- 
portional limit (¢ = 0.002) in tests with more ductile tubes and higher projectile 
velocities. Using a new vertical gas gun facility, we constructed in our laboratory 
at the California Institute of Technology, we have carried out experiments with 
projectile speeds up to 100 m/s. Hoop strain and pressure histories are shown in 
Fig. 6.10 for a 65 m/s impact on a water-filled 1.59-mm thickness, 40.0 mm inner 
diameter, 0.9-m long mild steel tube. The precursor and primary wave velocities 
are 5,219 and 1,346 m/s, respectively. Despite the very large (up to 16%) perma- 
nent deformations that occur in this test, the observed wave speeds are in reasonable 
agreement with the Skalak (1956) model predictions of 5,226 m/s and 1,337 m/s. 
This good agreement is apparently a consequence of the limited deformation that 
takes place in the precursor and primary waves, making the elastic assumption of the 
Skalak model a reasonable approximation. 

A relatively long time is required to reach the ultimate plastic deformation when 
compared with the initial elastic deformation waves. The situation appears to be 
very similar to that of uniaxial stress waves in shock compression (see Chap. 3 of 
Meyers 1994): An elastic precursor wave with an amplitude given by the propor- 
tional limit travels at the elastic longitudinal wave speed in front of a lower speed 
plastic wave with a continuous increase in strain (stress) up to the final level of 
permanent deformation. In the case of the water-filled tube, Fig. 6.10b, significant 
attenuation of the plastic wave is observed with increasing distance from the impact 
point. This occurs in uniaxial shock compression testing due the attenuation of a 
following expansion wave. In the present case, we speculate that there are multi- 
ple factors including not only the expansion wave but also the radial motion of the 
tube wall and the energy absorption due to plastic work. Although the Korteweg 
theory can be naively extended to plastic deformation, the dispersive nature of the 
plastic deformation waves suggests that radial motion, fluid and tube inertia effects 
may also be significant in the plastic case and the simplifying assumptions of the 
Korteweg theory may not be valid in the case of large plastic deformation. 


176 J.E. Shepherd and K. Inaba 


100; 7 200 


e (m strain) 
Pressure (MPa) 


0 = fi 1 1 1 1 
-0.5 (¢) 0.5 1 1.5 2 2.5 3 35 
Time (ms) 


a 


LMS 


Fig. 6.10 Large plastic deformation generated by projectile impact on a water-filled steel tube. 
(a) hoop strain and pressure histories and (b) bulge (16% maximum strain) near the location of the 
bottom of the buffer. The initial buffer speed following impact was 62.7 m/s 


6.5.3 Composite and Polymer Tubes 


The strain waves observed in metal tubes are relatively straightforward to interpret, 
with distinct incident and reflected waves. The waves in composite and polymer 
tubes are more complex. This is due to the anisotropic nature of the the roll-wrapped 
and filament wound composite tubes that we have used in our tests as well as the 
viscoelastic nature of the polymer tubes and matrix materials. Although many fea- 
tures in the strain waves are different, the results from composite and polymer tubes 
do share a common feature with the metals of a distinct strain front that propagates 
with a speed much lower than either fluid or structural wave speeds. If we define 
an effective modulus (Hull and Clyne 1996; Spencer and Hull 1978) for the hoop 
response, the general ideas of the Korteweg theory still appear to be relevant and 
useful for interpreting the results of experiments. As an example, consider the test 
on a roll-wrapped carbon-fiber composite (CFC) tube shown in Fig. 6.11. This tube 
consisted of a longitudinal fiber core with a woven cloth over-wrap and vinylester 
resin and has a 1.45 mm thickness wall, 38.2 mm inner diameter, and is 0.9-m long. 
The speed of the strain wave front in Fig. 6.1 1a is 864 m/s, substantially lower than 
observed in metals and consistent with the lower hoop stiffness for tubes with this 
construction method. 
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Fig. 6.11 Strain waves generated by projectile impact on a water-filled roll-wrapped CFC tube. 
(a) hoop strain and pressure histories and (b) hoop and longitudinal histories located at the same 
distance from the tube top. The impact speed was 7.7 m/s 


For metal tubes, the longitudinal and hoop strains are strongly correlated and pos- 
itive strains in the hoop direction result in negative longitudinal strain. The sign and 
the magnitude (longitudinal strain is about —1/3 of the hoop strain) is the expected 
result based on the Poisson effect for an isotropic material. For the roll-wrapped 
CFC tube, the longitudinal strain shown in Fig. 6.11b is a much smaller fraction of 
the hoop strain (~0.1) than for the aluminum tubes. This is due to the decoupling 
of the longitudinal and hoop stress carrying ability since the majority of the carbon 
fibers and load carrying capability are in the longitudinal direction for this tube.” 

As expected for this method of construction, the roll-wrapped tubes are relatively 
weak in the hoop direction and failed under modest impact velocities, see Fig. 6.12. 
Rupture occurr near the tube bottom and it creates a distinct release wave in the 
strain histories (Fig.6.12). The rupture event is much more dramatic than in alu- 
minum since the failure in CFC is by a high-speed brittle fracture rather than the 
quickly-arresting ductile rupture that is observed in the aluminum tubes. Rupture of 
the CFC tube occurred on the first high impact speed test while the ductility of the 
aluminum tube delayed rupture until the damage had accumulated from a number 
of successive impacts. 

The roll-wrapped CFC tube rupture was in the form of a long, straight crack par- 
allel to the tube axis and serendipitously intersected the longitudinal strain gages 
so that the strain signals can be used to deduce the apparent crack tip speed to be 
about 2,000 m/s, These are much higher than typical crack tip speeds of 200-300 m/s 
observed (Chao and Shepherd 2004, 2005a) in detonation-driven fracture of alu- 
minum. However, this value is actually quite a bit lower than crack tip velocities of 


? Recent testing with filament-wound CFC tubes show that the allocation of strain between hoop 
and longitudinal directions is a systematic function of the winding angle as expected from the 
theory of Puck (see Greenwood 1977) and quite different than in the roll-wrapped case. 
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Fig. 6.12 Hoop strain and pressure histories generated by projectile impact on a water-filled roll- 
wrapped CFC tube. This tube failed by fracture near the bottom just after reflection of the pressure 
wave 


up to 7,000 m/s that were observed by Coker and Rosakis (2001) in impact experi- 
ments on mode IJ and II cracks in unidirectional graphite-epoxy composite plates. As 
discussed in Chao and Shepherd (2004), the cracks in internally-pressurized tubes 
initiate in Mode I since the major principal stress is in the hoop direction, perpen- 
dicular to the initial crack tip motion. However, in thin ductile tubes, the plastic 
deformation of the material adjacent to the crack quickly results in a transition to 
mixed mode fracture (Chao and Shepherd 2005a). 

The roll-wrapped CFC tubes always burst near the bottom boundary? in the tests 
with higher driver pressures while a filament-wound glass-reinforced plastic (GRP) 
tube survived intact under these same conditions. The GRP tube has a 1.60mm 
thickness, 38.8 mm inner diameter, 0.9-m long with a winding angle of 40°. The 
hoop strain histories shown in Fig. 6.13 for the GRP tubes are similar to those of 
the CFC tubes. Longitudinal strain histories shown in Fig. 6.13b for the GRP tube 
are correlated to hoop strains similar to those in the Al tubes, in contrast to the 
CFC tubes. The primary wave velocity measured for the hoop strain wave front is 
904 m/s, similar to the speeds in the roll-wrapped CFC tubes. In Fig. 6.13b, peak 
hoop strains greater than 0.7% were observed but residual strain near the reflecting 
boundary is still negligible after the experiment. The primary flexural wave veloci- 
ties are 949 m/s, slightly faster than those in Fig. 6. 13a. 


3 Recent testing with filament-wound CFC tubes show that rupture can occur either at the bottom 
of the tube or at sufficiently high velocities, just below the buffer. As expected, the filament-wound 
tubes are much stronger under hoop loading than the roll-wrapped construction and the failure 
mode is quite different. 
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Fig. 6.13 Hoop and pressure histories generated by projectile impact on a water-filled GRP tube. 
(a) impact speed 6.8 m/s and (b) impact speed 18.8 m/s 
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Fig. 6.14 Hoop and pressure histories generated by projectile impact (6.4 m/s) on a water-filled 
PC tube 


The polycarbonate tube (PC) is more flexible and exhibits more significant fluid— 
solid coupling than either metal or composite tubes. The PC tube we tested is a 
transparent tube with a 6.4-mm thick-wall and a 38-mm inner diameter. Limited 
results are available since the primary purpose of these tests were to visualize cavi- 
tation. The primary wave propagates at 552 m/s, Fig. 6.14, much slower than waves 
in metal or composite tubes. The bar sound speed of the PC tube is estimated to be 
1,386 m/s using a density of 1,250kg/m? and Young’s modulus 2.4 GPa. The cou- 
pling parameter B deduced from the Kortweg model and observed primary wave 
speed is 6.3, which implies an effective Young’s modulus of 2.4 GPa, in agreement 
with the material properties despite the known viscoelastic nature of wave propaga- 
tion in PC. 
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Fig. 6.15 Primary stress wave front speed as function of projectile speed. Al and mild steel (MS) 
wave velocities are compared with the Korteweg theory 


Measured primary stress wave velocities for four materials are summarized in 
Fig. 6.15. There is no clear correlation of wave speed with impact velocity and given 
the modest wave amplitudes, we expect to be in the linear regime with constant wave 
speeds. There are no published theoretical treatments for general composite materi- 
als although (Pinnington 1997) treats the related problems of a wire reinforced hose. 
Based on the experimentally measured wave front speed of about 900 m/s for elastic 
flexural waves in CFC and GRP tubes, the effective coupling parameter can be com- 
puted using the simple Korteweg model to be about 1.81 and 1.75, respectively. The 
tensile modulus of the carbon epoxy composite (CFC) is typically 140 GPa along 
the fiber direction while effective modulus derived from the present tests is 33 GPa. 
This is consistent with a relatively low Young’s modulus in the hoop direction of 
the roll-wrapped CFC material, which is to be expected since the majority of the 
carbon fibers are aligned in the longitudinal direction. According to (Watters 1984), 
the elastic modulus for common GRP pipe is 27.6 GPa and is close to the effective 
Young’s modulus derived from the present tests with the GRP tube (32 GPa). 


6.6 Summary 


Stress wave propagation in water-filled tubes provides a framework for studying 
different aspects of fluid—solid coupling than the standard normal shock impact on 
underwater structures. There is already a substantial amount of analysis available 
for the elastic motions that can be borrowed from the engineering problem of water 
hammer. The key result of both analysis and experiments is that large amplitude 
coupled solid stress waves and fluid pressure waves can be excited in a relatively 
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simple configuration. The solid motion is in the form of traveling waves that move 
axially along the tube when the excitation is projectile impact on the water surface 
at one end of the tube. The primary flexural waves propagate much slower than 
either the sound speed in water (1,500 m/s) or tube bar speeds (Al 5,100 m/s, MS 
5,200 m/s, CFC 9,500 m/s, GRP 5,300 m/s). This is due to the flexural motion in 
tube being strongly coupled to compression wave in water. In the context of elastic 
motion, this coupling is controlled by a single parameter that is a function of the 
tube stiffness, fluid compressibility, and densities of the fluid and tube materials. 

For tubes constructed of isotropic elastic materials, theories are available to pre- 
dict the observed wave speeds and amplitudes. Using the simplest version of the 
theory, due to Korteweg, the predicted primary wave speeds are 950 m/s for Al 
and 1,200m/s for mild steel, which are in good with our experimental results. 
More sophisticated models predict the presence of an axial strain wave precursor, 
which we have also observed. Similar primary waves are also observed in tubes 
constructed from composite materials and the wave speeds are consistent with es- 
timated stiffness although there is limited theory for the composite cases. Plastic 
deformation and rupture have been observed in tests with modest projectile veloc- 
ities (<100 m/s), indicating the suitability of this configuration for examining the 
ultimate strength and failure characteristics with this configuration of fluid—solid 
coupling. 
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Appendix 


The modeling of impact-generated pressure pulses and the approximate equation of 
state used for water is described. 


Pressure Pulse from Projectile Impact 


To properly determine the pressure pulse in the fluid in the most general situation, 
FSI must be properly included which requires simultaneously solving for motion in 
the confining tube and the fluid. However, in the case of a stiff tube, B — 0, we 
can neglect the FSI and just consider the one-dimensional wave mechanics in the 
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fluid and projectile.t This means we can make use of ideas from the classical treat- 
ments of shock wave generation and decay in solids, see Fowles (1960) and Meyers 
(1994). The situation we consider is shown in Fig. 6.16. In our experiments, a buffer 
is placed between the projectile and the fluid. The buffer-projectile and buffer—fluid 
interfaces will create additional waves that may need to be accounted for to make re- 
alistic predictions of the resulting pressure profile in the fluid. However, the general 
features of the pressure pulse can be appreciated by analyzing the simple situation 
of Fig. 6.17. 

The initial impact creates a shock wave with an amplitude determined by the 
impact velocity and the acoustic impedances pa of the projectile and fluid. The 
pressure—velocity matching method (Meyers 1994) can be used to construct the so- 
lution by assuming simple waves in both fluid, 


AP = (pa)¢Au, (6.55) 


4 Using the pressure—velocity relationship of (6.50) the analysis of the present section can readily 
be extended to include FSI. 
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Fig. 6.18 Pressure—velocity diagram for computing peak pressure due to a steel projectile impact- 
ing on water. The case of a 15 m/s projectile is shown 


and projectile, 
AP = —(pa)pAu. (6.56) 


For the case of a steel projectile impacting water, the results are shown in Fig. 6.18. 
The pressure amplitude AP of the initial wave in the water is proportional to the 
velocity of the projectile before impact, 


(0.4) p(Pa)w 


~ (Pa)p + (Pa)w — se 


As shown, the impedance of steel is much higher than that of water which leads to 
the approximation, 
AP ®& (pd)wV> - (6.58) 


The projectile begins slowing down immediately after impact creating expansion 
waves that follow the initial compression wave in the water. The water is treated as 
compressible using the Tait equation of state described in the subsequent section, 


P = P(p,s). (6.59) 


For small projectile velocities relative to the sound speed in the projectile, there are 
many reverberations of the waves within the projectile during the characteristic time 
of slowing. This means that the projectile can be approximately treated as a rigid 
body and treated with the methods of Newtonian mechanics. This idea has been used 
by a number of researchers to develop simple analytical (Deshpande 2006; Espinosa 
et al. 2006) and numerical solutions (Skews et al. 2004) for the wave generation 
process. The equation of motion of the projectile is 


dV, 
M,—* =—A,(P— Pi) , (6.60) 
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where P is the pressure on the water face of the projectile and P; is the ambient 
pressure on the free (rear) surface of the projectile. For weak shock waves, we can 
treat the motion in the water as approximately isentropic so that the method of char- 
acteristics can be used to compute the relationship between sound speed a, and fluid 
velocity up at the water face of the piston. For the Tait equation, this is 


n—-1 
2 


ap — U=41, (6.61) 
where n is an empirical constant with a value of 7 for water. At the face of the 
piston, the fluid velocity is the same as the piston velocity so that changes in the 
piston velocity are related to changes in the sound speed by 


dV, = dup , (6.62) 


) 
= day. (6.63) 


For weak shock waves, the motion is isentropic and the changes in sound speed can 
be uniquely related to changes in pressure through the equation of state, 


da 
da, = ap dP. (6.64) 


This results in a simple ordinary differential equation for the pressure difference 
AP, = Py — P; at the water face of the piston, 


dAP =ijoP\ A 
Sia PAP, . (6.65) 
dt 2 \aa), M, 


The solution to this is 
AP,(t) = APp(0) exp(—t/t) , (6.66) 


where the time constant is 


My, 


oP\ n-1 
A, | — 
Ge). 
The initial velocity V,(0) and pressure AP, (0) are determined by the initial impact 
analysis of (6.58). If we neglect the dependence of the characteristic speeds on am- 
plitude, the temporal variation of pressure on the face of the piston will also be the 
temporal variation behind the wave. In experiments, the pressure behind the leading 


front will show a series of steps due to the discrete wave interactions at the interfaces 
between buffer, water, and projectile. 
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Fig. 6.19 Comparison of measured and model pressure for water in a 12.5-mm thick steel tube 
and an 0.67 kg steel impactor with an initial speed of 18.5 m/s 


An example of the comparison of this model with the measured pressure is shown 
in Fig.6.19. The peak pressure of 27.4MPa was computed using (6.58) and the 
projectile initial speed of 18.5 m/s. A time constant of t = 0.41 ms was computed 
using (6.67) and the projectile length of 75 mm. The model does remarkably well 
aside from the obvious differences in the first 200 us due to wave motion in the 
buffer and projectile. 


Tait Equation of State 


The Tait equation of state is a simple analytic model that is useful for modeling a 
compressible liquid like water under modest compression. Experimental observa- 
tions suggest that the isentropic compressibility can be described by the following 


empirical formula, 
1 (du 1 
_ = , 6.68 
v (>). n(P + B) wee) 


where n and B are empirical constants, B = 2.995 x 108 Pa and n = 7 for water. 
From the definition of sound speed, 


a? = —v? (=) ; (6.69) 


we have that 
a2 =nv(P +B). (6.70) 
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This leads to the following differential equation for pressure, 


dP du 
= —n— , (6.71) 
P+B 7) 
which can be integrated to yield 
n 
P= B|(=) 7 1 (6.72) 
v 


pa? met 
p=B| (Se =f | (6.73) 


The reference density is 0; = 953.26kg/m? and the resulting reference sound speed 


is dj = 1,483 m/s. Using the expression for pressure, we can rewrite the sound 
speed as 
2 V1 n—-1 
a2 =nBu (=) (6.74) 
U 


In the derivation of the piston motion, we need the derivative of the pressure with 
respect to the sound speed, 


oP 2n P+B 
= : (6.75) 
da}, n-l a 


Evaluating this at the nominal initial conditions, we obtain the value 


P 
(=) = 4.714x10°Pasm?!. (6.76) 
a Ss 


A short table of compressed water states estimated by the Tait equation are given 
in Table 6.3 for the parameters pj = 953.263, B = 2.995 x 108, n = 7. 


Table 6.3 Compressed tenia). Pthar, ava, atGnler hoGmle 

liquid water ie estimated Ee ee 

by the Tait equation 1483.3 1 1.0001 0.10 1483.20 
1503 95 1.0045 6.67 1496.33 
1528 216 1.0100 15.00 1513.00 
1553 340 1.0155 = 23.34 1529.67 
1578 467 1.0209 31.68 1546.34 
1603 596 1.0263 40.02 1563.01 
1628 728 1.0316 48.36 1579.68 
1653 863 1.0368 56.72 1596.36 


1678 1001 1.0420 65.07 1613.04 
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Shock Hugoniot for Water 


Shock wave researchers conventionally represent the Hugoniot or locus of shock 
states using relationships between the fluid velocity up and the shock velocity U,; 
(Marsh 1980). A typical empirical relationship used to correlate data is Us = do 
+ S Up. For water, fitting the Nagayama et al. (2002) data gives the parameters of 
da) = 1,450 and s = 1.99. Using the shock jump conditions in the form: 


P-P, 

U. =o, ——, (6.77) 
Os eo 

up = V(P — Pi)(u —v). (6.78) 


For the Tait equation of state over the range of interest in the present study (P < 
1 GPa), the U; — u, relationship is highly linear and the fitting coefficients are dg = 
1,484 m/s and s = 1.974. This is consistent with the evaluation of Nagayama et al. 
(2002) who also show that the irreversible temperature rise is on the order of 10°C 
at 1 GPa so that the Hugoniot can be reasonably approximated by the isentrope as 
we have done using the Tait equation. 
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Chapter 7 
Impact Response and Damage Tolerance 
of Composite Sandwich Structures 


Isaac M. Daniel 


Abstract The deformation and failure response of composite sandwich beams 
and panels under low velocity impact was reviewed and discussed. Sandwich 
facesheet materials discussed are unidirectional and woven carbon/epoxy, and wo- 
ven glass/vinylester composite laminates; sandwich core materials investigated 
include four types of closed cell PVC foams of various densities, aluminum honey- 
comb, polyurethane foam, foam-filled honeycomb, and balsa wood. These materials 
were fully characterized under quasi-static loading and, in some cases, under high 
strain loading conditions as well. Sandwich beams were tested in an instrumented 
drop tower system under various energy levels, where load and strain histories 
and failure modes were recorded for the various types of beams. Peak loads pre- 
dicted by spring-mass and energy balance models were in satisfactory agreement 
with experimental measurements. Failure patterns depend strongly on the impact 
energy levels and core properties. Failure modes observed include core indenta- 
tion/cracking, facesheet buckling, delamination within the facesheet, and debonding 
between the facesheet and core. Sandwich beams with PVC cores tend to be more 
stable than beams with different cores. Although sandwich beams with balsa wood 
cores perform well under static loading, they fail catastrophically under impact load- 
ing due to the low fracture toughness along the grain direction. Sandwich beams 
with honeycomb cores show early catastrophic failure caused by the lack of con- 
tinuity of the interface between the honeycomb core and the facesheet, resulting 
in debonding failure. In the case of sandwich panels, it was shown that static and 
impact loads of the same magnitude produce very similar far-field deformations. 
The induced damage is localized and is lower for impact loading than for an equiv- 
alent static loading. Static testing in general is more conservative regarding strain 
and damage levels. The load history, predicted by a model based on the sinusoidal 
shape of the impact load pulse, was in agreement with experimental results. A finite 
element model was implemented to capture the full response of the panel indenta- 
tion. The investigation of post-impact behavior of sandwich structures shows that, 
although impact damage may not be readily visible, its effects on the residual me- 
chanical properties of the structure can be quite detrimental. 
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7.1 Introduction 


Composite sandwich construction is widely used in aerospace and marine applica- 
tions where there is need for lightweight structures with high in-plane and flexural 
stiffnesses (Vinson 2001; Zenkert 1995). The basic concept of these structures 
is the separation of relatively stiff, strong, and thin facesheets by a lightweight and 
thicker flexible core. The overall performance of sandwich structures depends on 
the material properties of the constituents (facesheets, adhesive, and core), geomet- 
ric dimensions, and type of loading. The proper design and application of sandwich 
construction depends on a thorough characterization and understanding of not only 
the sandwich constituent materials, but also of the structure as a whole under quasi- 
static and dynamic loadings. 

Commonly used materials for facesheets are composite laminates and metals, 
while cores are made of metallic and nonmetallic honeycombs, cellular foams, balsa 
wood, and lattice structures. The facesheets carry almost all of the bending and in- 
plane loads and the core helps to stabilize the facesheets and defines the flexural 
stiffness and out-of-plane shear and compressive behavior. A number of core ma- 
terials, including aluminum honeycomb, various types of closed-cell PVC foams, 
polyurethane foam, foam-filled honeycomb, and balsa wood, have been character- 
ized under uniaxial and biaxial states of stress. 

Under quasi-static loading conditions, possible failure modes include tensile or 
compressive failure of the facesheets, debonding at the core/facesheet interface, in- 
dentation failure under localized loading, core failure, wrinkling of the compression 
facesheet, and global buckling. A general review of failure modes in composite 
sandwich beams was given by Daniel et al. (Daniel et al. 2002). Individual fail- 
ure modes in sandwich columns and beams have been discussed by Gdoutos et al. 
(Gdoutos et al. 2002b, 2003) and Abot et al. (Abot et al. 2002). Of all the factors 
influencing failure initiation and mode, the properties of the core material are the 
most predominant (Daniel 2008). 

Sandwich structures are known to be susceptible to impact damage by foreign 
objects (Abrate 1998, 1997). Most studies to date have concentrated on the re- 
sponse of composite sandwich beams and panels under low velocity impact (Nemes 
and Simmonds 1992; Mines et al. 1994; Anderson and Madenci 2000; Abot and 
Daniel 2001la, 2001b; Hazizan and Cantwell 2002; Schubel et al. 2005; Mahfuz 
et al. 2006; Vaidya et al. 2008). Although the induced damage may not be readily 
apparent, its effects on the residual strength and reliability of the structure can be 
quite detrimental. Several common failure modes have been identified, including 
core indentation/cracking, facesheet buckling, delamination within the facesheet, 
and debonding between the facesheet and core (Nemes and Simmonds 1992; 
Hazizan and Cantwell 2002; Schubel et al. 2005; Abot et al. 2001). 
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Prior investigations of impact response of sandwich structures have dealt with 
characterization of the loading pulse, constituent material response to high strain 
rates, transient deformations, damage characterization, and assessment by means 
of residual strength, e.g., compressive strength after impact (CAI). The impact re- 
sponse of sandwich beams and panels has been studied experimentally, analytically, 
and numerically. Many experimental studies have been reported primarily for 
low velocity impact using a wide range of constituent materials, geometries, and 
facesheet layups (Nemes and Simmonds 1992; Mines et al. 1994; Anderson and 
Madenci 2000; Abot and Daniel, 2001a, b; Hazizan and Cantwell 2002; Schubel 
et al. 2005; Mahfuz et al. 2006; Vaidya et al. 2008). Impact damage has been char- 
acterized by destructive and nondestructive techniques and assessed by measuring 
the compressive residual strength after impact (Abot and Daniel 2001b; Schubel 
et al. 2005, 2007; Abot et al. 2001; Edgren et al. 2004; Zenkert et al. 2005; Shipsha 
and Zenkert 2005). 

Various analytical and numerical models of the impact problem have been 
and continue to be proposed (Abrate 2001; Hoo Fatt and Park 2001; Olsson 2002; 
Shipsha et al. 2003a, 2003b; Karger et al. 2008; Foo et al. 2008). Some of these mod- 
els are spring-mass models describing the dynamics of the structure; other models 
aim at predicting the actual damage induced on the sandwich structure. 

This chapter reviews past work on impact response of composite sandwich beams 
and plates made of various materials, including applied force history, deforma- 
tion and strain histories, type and extent of induced damage, and evaluation of 
post-impact residual properties. The work reviewed is primarily experimental, but 
comparisons with model predictions are described when available. 


7.2 Sandwich Materials Investigated 


7.2.1 Facesheet Materials 


Facesheet materials discussed in this chapter are carbon/epoxy and glass/vinylester 
composite laminates. The carbon/epoxy was used in unidirectional form (AS4/ 
3501-6) and textile form (AGP370—-5H/3501-6S). The latter reinforcement was a 
five-harness satin weave fabric made of the same fibers as the unidirectional ma- 
terial. The carbon fabric material has the same fiber count in both the warp and 
fill directions. Both of these materials were obtained in prepreg form and used 
to fabricate laminates by the autoclave process. Facesheets cut from these lami- 
nates were bonded to cores to form sandwich panels. The glass fabric reinforcement 
was an eight-harness satin weave glass fabric (Style 1581). The resin was a styrene 
crosslinked vinylester (411-350 from Dow Chemical). 

The unidirectional material (AS4/3501-6) was characterized statically under 
tension, compression, and in-plane shear. In the longitudinal (fiber) direction, the 
material is linearly elastic initially and then, it displays a characteristic stiffen- 
ing nonlinearity in tension and a softening nonlinearity in compression (Daniel 
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and Abot 2000). The stress-strain behavior of the carbon/epoxy and the woven- 
glass/vinylester composites under tension, compression, and shear is shown in 
Figs. 7.1 and 7.2. Measured mechanical properties are listed in Tables 7.1—7.3. 

The relevant properties under impact are those corresponding to strain rates oc- 
curring under those conditions. The dynamic response of composite materials used 
as facesheets has been studied and reviewed extensively (Cantwell and Morton 
1991; Sierakowski and Chaturvedi 1997; Hsiao et al. 1998, 1999; Hsiao and 


2 300 
e Compression UD =z 
9 = 
o 200 o 
r A 
4 Tension WF o 
o 1 = 
Fr 7) 
Compression WF [100 
0 0 
0 0.3 0.6 0.9 1.2 1.5 1.8 
Strain, e€, (%) 
100 
80 Unidirectional 12 
e Woven Fabric = 
= 60 gz 
& e 
a wo 
% 40 o 
a a 
4 
20 
QM rrrtiriirirtiiriitiiiitiiiriiiriiriiii (0) 
0 0.5 1 1.5 2 2.5 3 3.5 


Strain, ¥ (%) 


Fig. 7.1 Stress—strain curves under tension, compression and shear of unidirectional 
(AS4/3501-6) and fabric (AGP370-5H/3501-6S) carbon/epoxy composites (fop: tension and 
compression; bottom: in-plane shear) 
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Fig. 7.2. Stress—strain curves under tension, compression, and in-plane shear of woven-glass/ 


vinylester 


Table 7.1 Properties of 
unidirectional AS4/3501-6 
carbon/epoxy 


Property 

Density, p, kg/m? 

Fiber volume ratio, V; 

Longitudinal modulus, E;, GPa 

Transverse modulus, E,, GPa 

Major Poisson’s ratio, vj2 

In-plane shear modulus, Gj, GPa 
Longitudinal compressive strength, F\., MPa 
Longitudinal tensile strength, Fi,, MPa 
In-plane shear strength, F'j2, MPa 


Value 
1,610 
0.63 
147 
10 
0.27 
7.0 
1,725 
2,300 
716 
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Table 7.2 Properties Property Value 
eee Dens. aT 0 
Fiber volume ratio, V; 0.62 
Warp modulus, £;, GPa 77 
Fill modulus, E>, GPa 75 
Major Poisson’s ratio, vj2 0.06 
In-plane shear modulus, Gi2, GPa 6.5 
Warp tensile strength, Fi,, MPa 960 
Fill tensile strength, F},, MPa 860 
Warp compressive strength, Fic, MPa 900 
Fill compressive strength, F>,, MPa 900 
In-plane shear strength, F}2, MPa 71 
Table 7.3 Properties of Property Value 
woven-glass/vinylester hipaa +o aRoo 
composite . z 
Fiber volume ratio, V; 0.50 
Warp modulus, E,, GPa 21.5 
Fill modulus, E2, GPa 20.5 
Major Poisson’s ratio, v2 0.14 
In-plane shear modulus, Gj, GPa 4.6 
Warp tensile strength, Fi,, MPa 260 
Warp compressive strength, Fic, MPa 310 
In-plane shear strength, Fj2, MPa 34 


Daniel 1998). The strain rate effects are relatively small along fiber dominated 
directions and the relevant properties can be approximated by the quasi-static ones. 
Matrix-dominated properties, such as transverse compressive and shear properties, 
are much more sensitive to strain rate. 


7.2.2. Core Materials 


As mentioned earlier, the core material controls the response and failure of sandwich 
structures under various loading conditions (Daniel 2008). This is especially true of 
dynamic loading. Core materials investigated in this study include four types of a 
closed-cell PVC foam (Divinycell H80, H100, H160, and H250, with densities of 
80, 100, 160, and 250 kg/m, respectively), an aluminum honeycomb (PAMG 8.1— 
3/16 001-P-5052, Plascore Co.), a polyurethane foam, a foam-filled honeycomb, and 
balsa wood. All core materials were characterized in uniaxial tension, compression, 
and shear along the in-plane and through-thickness directions. 

Stress—strain curves of foam cores under in-plane tension and compression, 
and under compression and shear in the through-thickness direction are shown in 
Figs. 7.3—7.6. Results are summarized in Table 7.4. The mechanical properties of the 
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Fig. 7.5  Stress—strain curves of PVC foam cores under through-thickness compression 
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Table 7.4 Properties of typical sandwich core materials 
Divinycell Divinycell Divinycell Divinycell Balsa wood 
Property H80 H100 H160 H250 CK57 
Density, p, kg/m? 80 100 160 250 150 
In-plane modulus, EF}, MPa = 77 95 140 255 110 
In-plane modulus, Ey, MPa = 77 95 140 245 110 
Out of plane modulus, £3, 110 117 250 360 4600 
MPa 
Transverse shear modulus, 18 25 26 73 60 
G43, MPa 
In-plane compressive 1.0 1.4 2:5 4.5 0.8 
strength, F\., MPa 
In-plane tensile strength, 2.3 2.7 Sal 7.2 1.2 
F It> MPa 
In-plane compressive 1.0 1.4 2.5 4.5 0.8 
strength, F>,, MPa 
Out of plane compressive 1.4 1.6 3.6 5.6 9.7 
strength, F3,, MPa 
Transverse shear strength, 1.1 1.4 2.8 4.9 3 


Fs, MPa 


foam cores tend to vary almost linearly with their densities (Abot 2000). Initially, 
the behavior under compression is linearly elastic when the air inside the cells is be- 
ing compressed and the cell walls are being bent and stretched (Abot 2000; Gibson 
and Ashby 1999). Later, a plateau is observed due to the formation of plastic hinges 
in the foam cells (plastic collapse). When the cells collapse almost entirely, there is 
a densification process, i.e., a sharp increase in the stress with a slope similar to that 
of the bulk polymer (PVC material in this case). These foams also exhibit similar 
linear elastic behavior under tension initially, followed by plastic collapse, but at a 
much higher stress than under compression. It is also observed that the higher the 
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Fig. 7.7 Stress—strain curves of balsa wood core under in-plane tension and compression and 
through-thickness compression 
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Fig. 7.8 Stress—strain curve of balsa wood core under through-thickness shear 


density, the higher the difference between in-plane and through-thickness (1- and 
3-directions) properties (Gdoutos et al. 2002a). 

Balsa wood is a natural and also highly anisotropic material and because of its 
natural origin, comes in the form of sheets made from small pieces bonded together. 
Balsa wood is much stiffer in the grain direction than in the in-plane direction and 
this gives this material an enormous advantage in resisting impact loads, compared 
to other cores of similar density (Abot 2000). It also exhibits high shear stiffness 
and strength in the grain direction. Stress—strain curves of balsa wood are shown in 
Figs. 7.7 and 7.8. Results are included in Table 7.4. 

Polyurethane is another quasi-isotropic core material like PVC, although its me- 
chanical properties are lower than those of PVC. The foam-filled honeycomb is a 
composite core material designed to take advantage of both the honeycomb and 
foam characteristics. The honeycomb provides stiffness in the transverse direction 
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and the foam gives it the necessary continuity and stability. The particular material 
used here is a phenolic-impregnated paper honeycomb filled with polyurethane. 

The core materials (honeycomb or foam) were provided in the form of 25.4mm 
thick plates. The honeycomb core was bonded to the top and bottom facesheets 
with FM73 M film adhesive and the assembly was cured under pressure in an oven 
following the recommended curing cycle for the adhesive. The foam cores were 
bonded to the facesheets using a commercially available epoxy adhesive (Hysol EA 
9430) (Daniel and Abot 2000). 

To better understand and analyze the response of sandwich structures to impact 
loading, it is important to know how the above core properties vary with strain rate. 
Dynamic characterization of core materials is very limited. Some results on PVC 
and metallic foam materials used as sandwich cores have been reported (Mahfuz 
et al. 2006; Rao and Daniel 2000; Nemat-Nasser et al. 2007). Closed-cell PVC 
foams (Divinycell H100 and H250) were characterized in uniaxial compression 
at strain rates up to 1,000s~!. High strain rate tests were conducted with a Split 
Hopkinson Pressure Bar made of polycarbonate (Lexan) rods. Stress—strain curves 
in Figs. 7.9 and 7.10 show typically five deformation stages, (a) initial elastic defor- 
mation, (b) nonlinear deformation up to a peak load, (c) strain softening, and (d) a 
plateau and/or strain hardening due to material densification. 

The initial modulus increases slightly, but the peak and plateau stresses increase 
appreciably with strain rate. The initial elastic behavior corresponds to bending of 
the cell walls; nonlinear and softening behavior correspond to buckling of the cell 
walls; and strain hardening is due to collapse of the cell walls. 
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Fig. 7.9 Compressive stress-strain curves of Divinycell H100 at various strain rates (through- 
thickness direction) 
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Fig. 7.10 Compressive stress-strain curves of Divinycell H250 at various strain rates (through- 
thickness direction) 


7.3. Sandwich Beams under Low Velocity Impact 


7.3.1 Sandwich Beam Testing 


Sandwich beams, 25.4-mm wide, 280-mm long with a core depth of 25 mm, were 
fabricated by using the materials described previously. Results from quasi-static 
three-point flexural testing have been reported (Daniel and Abot 2000; Abot 2000). 
Impact tests of the sandwich beams at low velocity were performed in a drop tower 
apparatus (Fig. 7.11). Simply supported sandwich beams were tested under central 
impact. Strain gages, force transducers, accelerometers, and a laser system were em- 
ployed to record test data. The initial velocity of the impactor was monitored by the 
signal produced upon interruption of two parallel laser beams. The beam specimens 
were impacted with a 4.76-kg mass that included a weight, a force transducer, an 
accelerometer, and an impactor. The impact load history was measured by means 
of a force transducer attached to the impactor and also by means of accelerome- 
ters mounted on the upper and lower facesheets. Strain histories during impact were 
recorded by means of strain gages mounted on the facesheets at various locations 
(Abot and Daniel 2001a, 2001b; Abot et al. 2001). Results were compared with 
those of quasi-static three-point bending tests. The impactor had the same geometry 
(same diameter, d = 51mm) as the static indenter. Several impact energy levels 
corresponding to different drop heights were studied, ranging from very low levels 
to the level causing complete failure of the specimen. Detailed experimental data, 
such as load and deformation histories and absorbed energy, were obtained for sub- 
sequent modeling purposes (Abot 2000). 
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Fig. 7.11 Drop tower apparatus for impact testing of composite sandwich beams 


2000 
fe 400 
Divinycell H250 t 2127 l 
1500 ——= 
1 <——> 
= ] Divinycell H160 127 127 25.4 | 300 = 
o a. 
= 1000 + Impact Energy = 8.8 J 200 3 
8 Drop Height = 127 mm] | s 
= aa 


7 Divinycell H100 
500 | as L 100 
] Divinycell H80 
of 0 
0 10 20 30 40 50 
Time (ms) 


Fig. 7.12 Load histories for simply supported sandwich beams with PVC foam cores under central 
impact (1-mm thick unidirectional carbon/epoxy facesheets; 25-mm thick core) 


7.3.2. Load Histories 


The loading pulse imparted by the falling weight is a function of many variables, 
including facesheet and core material properties, impactor mass and geometry, and 
energy level. Examples of measured impact load pulses on various beams with PVC 
foam cores and unidirectional carbon/epoxy facesheets are shown in Fig. 7.12. It 
is seen that for a constant impact energy level of 8.8J, the peak load is roughly 
proportional to the static modulus or the core density. The loading pulses have a 
quasi-sinusoidal shape with some sharp peaks corresponding to fiber breakage. The 
pulse duration varies between 10 ms for the densest Divinycell H250 and 17 ms for 
the least dense H80, although in all cases the peak load is reached in approximately 
5 ms after impact. The pulse durations are much longer than the corresponding travel 
times of the stress waves on the composite facesheets because of the attenuation 
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Fig. 7.13 Load histories for simply supported sandwich beams with various cores under central 
impact (1-mm thick unidirectional carbon/epoxy facesheets; 25-mm thick core) 
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Fig. 7.14 Load histories for simply supported sandwich beams with two different types of 
facesheets under central impact (1-mm thick unidirectional and 1.3-mm fabric carbon/epoxy 
facesheets; 25.4-mm thick balsa wood core) 


provided by the core. Since the pulse duration does not vary as much as the peak 
load, it appears that the beams with denser cores absorb more of the imparted energy 
and thereby are more resistant to failure of the facesheets. 

Loading pulses for similar beams with different cores impacted with the same 
level of energy (8.8 J) are shown in Fig. 7.13. The beams with aluminum honeycomb 
and balsa wood cores display the sharpest and shortest pulses and highest peaks at 
the selected energy level. The beam with aluminum honeycomb core displays the 
shortest rise time and a distorted quasi-sinusoidal shape indicating early damage. 
The beams with polyurethane foam and foam-filled honeycomb cores show low 
peaks and long pulse durations. 

The effect of facesheet properties on load pulse is illustrated in Fig. 7.14. The 
core in this case was 25-mm thick balsa wood (CK57 Baltek Corp.). One specimen 
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Fig. 7.15 Load histories for simply supported sandwich beams for different levels of impact en- 
ergy under central impact (1-mm thick unidirectional carbon/epoxy facesheets; 25.- mm thick balsa 
wood core) 


had 1-mm thick 8-ply unidirectional carbon/epoxy facesheets The other specimen 
had 1.3-mm thick 4-ply carbon fabric/epoxy facesheets. The beam with unidirec- 
tional facesheets shows a smooth quasi-sinusoidal pulse shape, whereas the beam 
with carbon fabric facesheets has a slightly lower peak and shows a drop in the load 
possibly related to early failure. 

The effect of impact energy level was demonstrated with beams made of balsa 
wood core and unidirectional carbon/epoxy facesheets (Fig. 7.15). The pulse ampli- 
tude increases with energy level and reaches 3.5 KN before it drops sharply and the 
beam fails completely at approximately 14.7 J. 


7.3.3 Strain Histories 


Strain gages were placed at several locations along both face sheets of the beam. A 
schematic of the gage layout is shown in Fig. 7.16. The strains at the lower facesheet 
are tensile. The strain closest to the impact point (gage 1) is initially compressive but 
it becomes tensile following local indentation, which occurs at lower energy levels 
for softer cores (Fig. 7.17). In the case of softer cores there is permanent damage as 
shown by the residual compressive strains in Fig. 7.17. 

Strain variations at the center of the lower facesheet (gage 4) show quasi- 
sinusoidal signals with decreasing pulse duration for increasing core density 
(Fig. 7.18). The strain amplitudes seem to be approximately the same for the 
various cores. 

The effect of increasing impact energy, or height of drop, is illustrated in 
Figs. 7.19 and 7.20 at gage locations | and 4 for one specific type of core, Divinycell 
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Fig. 7.16 Strain gage layout on facesheets of impact loaded beams 
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Fig. 7.17 Strain histories at gage location 1 for centrally impacted sandwich beams with PVC 
foam cores (unidirectional carbon/epoxy facesheets; drop height = 127 mm) 
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Fig. 7.18 Strain histories at gage location 4 for centrally impacted sandwich beams with PVC 
foam cores (unidirectional carbon/epoxy facesheets; drop height = 127 mm) 
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Fig. 7.19 Strain histories at gage location 1 for centrally impacted sandwich beams with PVC 
foam core H80 for various drop heights (unidirectional carbon/epoxy facesheets) 
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Fig. 7.20 Strain histories at gage location 4 for centrally impacted sandwich beams with PVC 
foam core H80 for various drop heights (unidirectional carbon/epoxy facesheets) 


H80. All strain pulses at gage location | (Fig. 7.19) show a small compressive pre- 
cursor and quickly become tensile with a residual strain after the test. This implies 
that for this soft core, even at low energy levels, there is indentation and residual 
damage causing irrecoverable permanent strain. All strain pulses at gage location 4 
(lower facesheet) are quasi-sinusoidal with increasing pulse duration as the height 
of drop increases. For the most part, the strain at this location is unaffected by lo- 
cal indentation at the upper facesheet, except for the highest drop of 38cm which 
causes more damage and results in permanent irrecoverable strain. 

The effect of energy level for the stiffer balsa wood core on the maximum tensile 
strain at location 4 on the lower facesheet is illustrated in Fig. 7.21. The strain pulses 
are quasi-sinusoidal and the initial strain rate increases with energy level. At the 
critical energy level of 14.7 J the strain drops abruptly, indicating through-thickness 
damage in the beam. 
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Fig. 7.21 Effect of energy level on the maximum tensile strain history at location 4 of the lower 
facesheet (unidirectional carbon/epoxy facesheets; balsa wood core) 
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Fig. 7.22 Strain histories at the top and bottom facesheets for centrally impacted sandwich beams 
(unidirectional and fabric carbon facesheets: balsa wood core) 


The effect of facesheet material on the compressive and tensile strain histories is 
illustrated in Fig. 7.22 for beams with balsa wood cores and unidirectional and fabric 
carbon/epoxy facesheets. The strains for the carbon fabric facesheets are higher than 
those for beams with unidirectional carbon facesheets because of the lower (nearly 
half) stiffness of the fabric composite. 


7.3.4 Modeling 


The “dynamic” nature of the impact loading applied in these investigations was ana- 
lyzed based on some accepted semi-empirical criteria (Olsson 1998). These criteria 
include the ratio of impactor mass over that of the specimen; the average equiva- 
lent frequency of the loading pulse; impact velocity compared to wave propagation 
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velocities in the specimen materials; and strain rate range. By these measures, for 
the tests conducted and materials used, it was determined that the impact tests per- 
formed can be considered quasi-static (Abot 2000). This allows the use of simplified 
models such as energy-balance and spring-mass models. In the fist approach, the 
structure is assumed to behave quasi-statically and the energy-balance equation 
takes the form (Abrate 2001) 


1 
xm = Fy, + E,+ En+ E, (7.1) 


where m is the impactor mass, v is the impact velocity, F is energy with subscripts 
b, s, m, and c, denoting bending, shear, membrane, and contact (indentation) defor- 
mation components. The bending and shear components can be calculated easily, 
however, the indentation component requires application of a contact law appro- 
priate for the case in question. Relevant contact laws have been determined for 
sandwich structures (Abot et al. 2002; Olsson 2002). 

The dynamics of the structure can be accounted for in a simplified manner 
by spring-mass models (Abot and Daniel 2001a; Abot et al. 2001; Abrate 2001; 
Sierakowski and Chaturvedi 1997). In this approach the impactor mass is repre- 
sented by a lumped mass, the beam deformation is characterized by spring constants 
for the four components mentioned above. Damage, surface friction, and damping 
are neglected. A spring-mass model for the impacted beams is shown in Fig. 7.23 
(Abot et al. 2001). 

The bending and shear spring constants were calculated from the geometry of the 
beam specimens and material properties. The membrane spring constant requires, 
in addition to geometry and material properties, a correction factor accounting for 
contact deformation. The final equivalent spring constant is given by 


1 1 1 ae 
keq = a ae (7.2) 
b s 


Fig. 7.23. Spring-mass 
model for low velocity impact 
of sandwich beams 
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The equation of motion for the system is 
mw + keqw = 0 (7.3) 


The vertical deflection is given by 


[fm ., ( [ Keq 
w=v,,/—— sin —t! (7.4) 
Keq m 
Pmax = Voy Keqin (7.5) 


Results of these calculations, neglecting contact and membrane contributions for 
the stiff balsa wood cores, were in very good agreement with measured peak impact 
loads at energy levels below the critical damage level (Abot et al. 2001). 


and the maximum load is 


7.3.5 Damage Mechanisms 


Damage in composite sandwich beams under impact obviously depends on many 
factors, including facesheet and core properties, impact energy, and indentor geo- 
metry. It was observed that under low velocity impact, sandwich beams behave 
quasi-statically. For a given specimen type, four basic response/failure modes can 
be identified as the level of impact energy increases: elastic recoverable deforma- 
tion, local deformation/indentation, facesheet delamination and/or debonding from 
the core, and penetration/perforation through the specimen. For low levels of im- 
pact energy, the beams deform globally within the elastic range without permanent 
deformation. For higher energy levels, local deformation appears due to core crush- 
ing followed by local bending and stretching of the upper facesheet. The specimen 
undergoes permanent deformation without facesheet failure. For even higher en- 
ergy levels, but below the penetration threshold, additional failure modes have 
been identified including extensive core indentation/cracking, facesheet buckling, 
delamination within the facesheet, and debonding between the facesheet and core 
(Nemes and Simmonds 1992; Hazizan and Cantwell 2002; Schubel et al. 2005; 
Abot et al. 2001). Facesheet failure in the early stages consists of matrix cracking 
and delaminations but, at or near the critical energy level, fiber fracture begins. This 
mechanism is clearly identified in the load and strain records by a sharp drop in 
local strain. 

Failure of sandwich beams with PVC cores is closely related to the imparted 
energy and the core density. The nature and extent of damage increases with energy 
level as shown in Figs. 7.24—7.29. Beams with low density cores (H80 and H100) 
do not show any damage at impact energy levels of less than 15 J. For higher energy 
levels in the range of 15—25J they show indentation damage due to core crushing. 
At the next energy level in the range of 25-30 J they undergo facesheet delamination 
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Delamination 


Fig. 7.24 Ulrasonic C-scan image of inner side of upper facesheet of sandwich beam with uni- 
directional composite facesheets and PVC H80 core (drop height = 508 mm, impact energy = 
26.5 J) 


Fig. 7.25 Photographs showing facesheet debonding and delamination of sandwich beam with 
unidirectional composite facesheets and PVC H80 core (drop height = 508 mm, impact energy = 
26.5 J) 


Perforation 


Fig. 7.26 Facesheet failure by perforation of sandwich beam with unidirectional composite 
facesheets and PVC H80 core (drop height = 762 mm, impact energy = 38.4 J) 


and at levels above 30 J damage includes facesheet debonding. The beam with the 
lightest H80 core finally showed penetration of the upper facesheet at an energy 
level of 38.7J. The damage threshold for beams with high density cores H250 is 
above 20J, beyond which they exhibited limited indentation damage and facesheet 
delamination (Fig. 7.30). 
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Delamination and debonding 


Fig. 7.27 Ultrasonic C-scan image of inner side of upper facesheet of sandwich beam with uni- 
directional composite facesheets and PVC H100 core (drop height = 635 mm, impact energy = 
32.5 J) 


Fig. 7.28 Photographs showing facesheet debonding and delamination of sandwich beam with 
unidirectional composite facesheets and PVC H100 core (drop height = 508 mm, impact energy = 
26.5 J) 


Delamination and debonding 


Fig. 7.29 Ultrasonic C-scan image of inner side of upper facesheet of sandwich beam with uni- 
directional composite facesheets and PVC H250 core (drop height = 635 mm, impact energy = 
32.5 J) 


Beams with balsa wood core proved to be less resistant to impact loading than 
beams with PVC foam cores. For low levels of energy, the beams show recoverable 
elastic deformation. For higher energy levels, approximately 14J for the beam with 
unidirectional carbon facesheets and 7 J for the beam with carbon fabric facesheets, 
damage occurs in the form of core failure and facesheet debonding (Figs. 7.31 
and 7.32). The core fails catastrophically along the vertical grain direction triggering 
facesheet debonding. No delamination or indentation failures are observed. The fail- 
ure modes are similar to the quasi-static ones except that they are more catastrophic. 
This is due to the low fracture toughness of balsa wood in the grain direction. 
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Fig. 7.30 Photographs showing facesheet delamination of sandwich beam with unidirectional 
composite facesheets and PVC H250 core (drop height = 635 mm, impact energy = 32.5 J) 


Fig. 7.31 Photographs showing core failure and debonding of sandwich beam with unidirectional 
carbon fiber composite facesheets and balsa wood core (drop height = 254 mm, impact energy = 
14.7J) 


Fig. 7.32 Photographs showing core failure and debonding of sandwich beam with carbon fabric 
composite facesheets and balsa wood core (drop height = 127 mm, impact energy = 8.8 J) 


In the case of polyurethane foam core, cracks are clearly seen in the core at 
45°, followed by facesheet debonding (Fig. 7.33). Beams with aluminum honey- 
comb cores failed at a lower impact energy, 8.8J, showing plastic deformation of 
the core and facesheet debonding (Fig. 7.34). 

Results of impact tests on the various beams are summarized in Table 7.5. It 
is seen that the energy threshold level for damage initiation is not directly re- 
lated to the maximum load or core stiffness. The lowest damage threshold level of 
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Fig. 7.33 Photographs showing core failure and debonding of sandwich beam with unidirectional 
composite facesheets and polyurethane core (drop height = 254 mm, impact energy = 14.7J) 


TOMEI 0 


Fig. 7.34 Photographs showing facesheet debonding and plastic deformation of core of sandwich 
beam with unidirectional composite facesheets and aluminum honeycomb core (drop height = 


127 mm, impact energy = 8.8 J) 


Table 7.5 Failure modes of sandwich beams under central impact 


Facesheet 
UDC/E 


UD C/E 


UD C/E 


WE C/E 


UD C/E 


Core 
PVC H80 


PVC H250 
Balsa wood 
Balsa wood 


Aluminum 
honeycomb 


Impact 
energy (J) 
<I5 
15-25 
25-30 
30-35 
>35 
<30 
>30 
<I5 
>15 
<9 

>9 

<9 


>9 


Maximum 
load (N) 
250 

400 

550 
<550 
<550 
<3,100 
3,100 
<3,700 
3,700 
<2,200 
2,200 
<2,700 


2,700 


Failure mode 


No damage 

Core indentation 
Facesheet delamination 
Delamination/ debonding 
Facesheet penetration 

No damage 

Facesheet delamination 

No damage 

Core failure and debonding 
No damage 

Core failure and debonding 
No damage 


Plastic deformation of core 
and debonding 


UD unidirectional composite; WF woven fabric composite; C/E carbon/epoxy 
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approximately 9 J is observed for the aluminum honeycomb and balsa wood cores 
which have the highest stiffnesses in the through-thickness direction. The latter was 
for a fabric composite facesheet. For the same facesheets, the beam with the lowest 
density and lowest stiffness H80 core had the same damage threshold. Clearly, the 
beam with the highest density PVC H250 core seems to have the highest damage 
tolerance with a damage threshold of approximately 30 J. 


7.4 Sandwich Panels under Low Velocity Impact 


7.4.1 Introduction 


The failure processes and damage of composite sandwich beams under impact 
were discussed in the previous section. The two-dimensional nature of the problem 
allows a cross-sectional view of the damage in the beam and makes the analysis and 
parametric studies simpler. However, a sandwich panel is a more realistic specimen 
for studying the deformation and damage response of sandwich structural com- 
ponents. Most of the previously reported research on impact of sandwich panels 
has focused on the analysis of impact dynamics, the characterization of impact 
damage, and the determination of the post-impact mechanical properties of the 
composite structure (Abrate 1997). A wide range of materials, geometries, and 
facesheet layups have been used (Anderson and Madenci 2000; Karger et al. 2008, 
Scarponi et al. 1996; Tsang and Dugundji 1992; Ambur and Cruz 1995; Caprino 
and Teti 1994; McGowan and Ambur 1999). 

In this study, simply supported sandwich panels consisting of woven- 
carbon/epoxy facesheets and PVC foam core were loaded under central point 
impact in a drop weight apparatus (Schubel et al. 2005). Identical sandwich panels 
were also tested under central point quasi-static loading for comparison. The low 
velocity impact response of the sandwich panel was determined by means of ex- 
perimental strain analysis and damage characterization. Because of the relatively 
dense core used and the woven carbon facesheets, the contact forces, along with the 
impact energy required to produce damage, are quite high compared to the findings 
for sandwich beams. Although much research already exists on the study of low 
velocity impact of composite structures, new configurations are continually being 
developed and need to be characterized. The contact force—indentation relation- 
ship was measured and experimental results were compared with predictions of 
analytical models and a finite element analysis. 


7.4.2 Experimental Procedures 


The facesheets of the sandwich panel were woven-carbon fabric/epoxy laminates 
(AGP370-5H/3501-6S). This material and its properties were discussed earlier 
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Fig. 7.35 Composite 
sandwich panel 


Fig. 7.36 Quasi-static 
loading of sandwich panel by 
spherical indenter 


“ 
Extensometer 


(Table 7.2). The facesheets were laminates made of four plies of prepreg, resulting in 
a cured plate of 1.37-mm thickness and a fiber volume ratio of 0.62. A high-density 
PVC foam (Divinycell H250 obtained from DIAB) was used for the 25.4-mm thick 
core. Properties of this material are listed in Table 7.4. 

The sandwich panels were fabricated by bonding the cured facesheets to the core 
material with Hysol 9430 adhesive, a room temperature curing epoxy resin. The 
facesheets and core were bonded together and cured under vacuum. The final sand- 
wich panel was a square plate of 27.9 27.9 cm dimensions with an overall thickness 
of 2.82 cm and a mass of 0.83 kg (Fig. 7.35). 

A sandwich panel was first tested under quasi-static loading for subsequent com- 
parison with results from impact loading (Fig. 7.36). In both cases, the sandwich 
panel was simply supported on rollers along two parallel edges. The supports were 
steel bars of 25.4-mm diameter and were fixed at a distance of 25.4cm. An indenter 
with a spherical surface of 12.7-cm radius introduced load at the center of the panel. 
The relatively large radius reduced the effects of large local strains in the contact 
area. Large local strains caused by indentation can induce early failure of the sand- 
wich facesheet (Abot et al. 2002). 

The panel was instrumented with 16 strain gages at various locations on the top 
and bottom facesheets. Selected strain gage locations are shown in Fig. 7.37. The 
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Fig. 7.37 Panel dimensions and strain gage layout 


deflection of the sandwich plate at the load point was recorded by the stroke of the 
Instron servo-hydraulic machine, which also recorded the load. The displacement of 
the bottom facesheet directly below the load point was recorded with a displacement 
transducer. The plate was loaded at a low rate until the first indication of damage 
initiation and then carefully unloaded. 

Impact testing of similar panels was carried out in the drop tower apparatus used 
for the sandwich beams discussed before (Fig. 7.38). The impactor had the same 
spherical tip of 12.7-cm radius as the one used in quasi-static testing. The total 
mass dropped including the carriage, impactor, and attached load cell was 6.22 kg. 
The plate support conditions were the same as in the quasi-static case. The panels 
were subjected to impacts from increasing heights of mass drop producing impact 
energy levels in the range of 7.8—108 J. Impact velocities ranged from 1.6 to 5 m/s. 
After the initial contact, the dropped mass was held manually to prevent repeated 
impacts. 

Impact loads were recorded with a piezoelectric force transducer located between 
the impactor and the carriage. The position of the mass was recorded during the im- 
pact event with a noncontact linear displacement sensor that detects a metal target 
through inductive technology. By differentiating the displacement-time curve, the 
velocity of the drop mass was determined just before, during, and immediately af- 
ter impact. The plate was instrumented with strain gages on its upper and lower 
facesheets, at identical locations as in the quasi-static test. The dynamic load and 
strain histories of the impact event were recorded. 
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Fig. 7.38 Experimental setup for impact testing of composite sandwich panels 


7.4.3 Quasi-Static Behavior 


Load-—displacement curves of the panel at the centers of the top and bottom 
facesheets, show a large difference due to local indentation and core crushing 
at the top. (Fig. 7.39). The top deflection increases at a nearly linear rate and a 
portion is recovered upon unloading. The portion that is not recovered is due to 
permanent indentation and damage. The bottom facesheet displays linear elastic 
behavior with completely recovered deflection upon unloading. Facesheet damage 
was initiated at a load of 17.3KN. The indentation depth can be obtained from the 
difference between top and bottom deflections and will be discussed later. 
Near-field strains were recorded sufficiently close to the loading point at the cen- 
ter of the top facesheet. Far-field strains were recorded sufficiently far from the 
loading point and at the bottom facesheet. Figure 7.40 shows load vs. strain plots 
for three locations on the top and bottom facesheets. The tensile strain at the bot- 
tom facesheet directly below the load point (gage number 3 in Fig. 7.37) and the 
compressive far-field strain on the top facesheet increase nearly linearly with load. 
However, the tensile near-field strain at the top facesheet, at a distance of 25.4mm 
from the center and perpendicular to the support lines (gage | in Fig. 7.37), is highly 
nonlinear and reaches levels above those in the far-field. These readings offer clues 
about the deformation profile of the panel as it is loaded. Near the load point, local 
effects become apparent and tensile strains are produced due to indentation. At the 
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bottom facesheet, global bending dominates and only tensile strains are present. 
Following the static test, the induced damage was evaluated. Permanent indentation 
was visible and measured to be 1.3-mm deep at the center of the panel. The up- 
per facesheet was ultrasonically scanned to determine the extent of damage in the 
composite and bond with the core. 


7.4.4 Behavior under Low Velocity Impact 


The impact load history of each dynamic test was recorded and the peak load for 
each impact energy level was obtained (Fig. 7.41). For low impact energies, the 
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load pulse is sinusoidal and at higher energies the sinusoidal nature of the pulse is 
preserved with some modulations possibly indicating facesheet damage. The pulse 
duration was relatively constant for all energy levels. 

Because of the assumed sinusoidal pulse, a relatively straightforward load history 
estimation method can be used to predict the maximum load for a given impact 
energy. The load pulse can be represented as a half sine wave 


F(t) = Posin (F:) (7.6) 


where Po is the maximum load and T is twice the pulse duration (period) which 
remains constant. The maximum load was obtained by computing the difference of 
moment of momentum and integrating f(t) from 0 to 7/4 as 


2nmv 


Po = — 


(7.7) 


where m is the mass of the impactor and v is its velocity just before impact which 
can be obtained by direct measurement or energy balance calculation. The incoming 
velocity can also be expressed in terms of impact energy which gives the maximum 
load as a function of impact energy 


2 
i= = V2mE (7.8) 


where E is the impact energy for a specific impact event. The pulse duration can be 
determined by direct examination of the load history, or by making the assumption 
that the force—deflection response is linear under low velocity impact. Then, T can 


be estimated by 
m 
T =22,/— 7.9 
ital ; (7.9) 
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Fig. 7.42 Predicted and 30 
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where the panel stiffness k (2.87 MN/m) can be found from the initial slope of the 
static load vs. deflection curve of the upper facesheet (Fig. 7.39). The measured 
value of T from Fig. 7.41 (8.8 ms) is close to the calculated one of 9.2 ms. The pre- 
dicted maximum loads shown in Fig. 7.42 as a function of impact energy are in good 
agreement with the experimental results. This method is advantageous because, by 
running one quasi-static test, the impact response of the sandwich panel can be pre- 
dicted without conducting a single impact test. 

Figure 7.43 shows the strain histories at the near field location on the impacted 
side (strain gage | in Fig. 7.37) for various impact energies. The peak tensile strain 
increases with increasing impact energy and, with the exception of the high energy 
level, the strain pulse duration is constant. For the higher energy impacts some per- 
manent strain was observed indicating onset of damage. Also of importance in the 
108-J impact, the peak strain of 1.25% is quite close to the ultimate tensile strain 
1.3% of the material (Daniel and Ishai 2006). 
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Fig. 7.45 Load-strain response at far field location under impact and quasi-static loading 


conditions 


The peak impact loads were plotted vs. the corresponding strain at near field 
location 1 and compared with a similar load—strain plot for quasi-static loading in 
Fig. 7.44. The dynamic and quasi-static responses are similar but, as would be ex- 
pected, the dynamic one is stiffer. The difference may be attributed to strain rate 
effects on the indentation damage and the fact that the comparison is based on equiv- 
alent loads and not energies. The agreement between dynamic and equivalent static 
load-strain curves at a far field location (gage 2) shown in Fig. 7.45 is very good. 
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Fig. 7.46 Ultrasonic C-scans of sandwich panels after loading: (a) static loading, (b) impact load- 
ing (108 J) 


This is the case for all far-field and bottom facesheet locations. Thus, static load- 
ing and low velocity impact produce similar deformations except in the immediate 
vicinity of the impact. 


7.4.5 Damage Evaluation 


The sandwich panels were scanned ultrasonically after loading. C-scans of both 
statically and impact loaded specimens are shown in Fig. 7.46. The dark rings at the 
center of the C-scans indicate delamination of the upper facesheet near the load- 
ing zone. Although the peak impact load was higher than the static one, the degree 
of dynamic damage was not higher. The delamination damage in both cases is lo- 
calized and is of approximately the same magnitude. A pronounced 0.9-mm deep 
indentation was observed visually in the impacted specimen. A surface profile scan 
of the indented area is shown in Fig. 7.47. It appears that the static test produces the 
same level of localized deformation and damage at a lower load, therefore, for the 
same peak loads it is more conservative than the impact test as far as local effects 
are concerned, a fact that has been observed by others (Feraboli et al. 2003). 

The indentation damage has been analyzed by many investigators (Gdoutos 
et al. 2002a; Abot et al. 2002; Anderson and Madenci 2000; Sburlati 2002; 
Olsson and McManus 1996; Vlasov and Leont’ev 1996). Some of the models pro- 
posed do not extend beyond the linear range. A “membrane” solution has been pro- 
posed accounting for large deflections past the linear range (Olsson and McManus 
1996). The region affected by core crushing is modeled as a membrane, while 
the rest of the sandwich panel is modeled as a plate on elastic foundation. How- 
ever, in the case of the panels tested, this theory overestimates the panel stiffness 
(Schubel et al. 2005). A finite element analysis was conducted to simulate the 
measured load—-deflection behavior of the sandwich panels under static loading 
(Fig. 7.48). The model was constructed with ABAQUS, with the facesheets mod- 
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Fig. 7.47 Surface profile scan of center of impacted panel (vertical scale expanded) 
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Fig. 7.48 Finite element analysis of indentation of composite sandwich panel under static loading 


eled as orthotropic plates and the core as an isotropic elastic material up to yielding. 
After yielding, the core was modeled as a plastically deforming material (crush- 
able foam). The indenter was rigid and contact was assumed frictionless. A uniform 
three-dimensional mesh was used with simply supported boundary conditions along 
two edges, identical to the experimental conditions. Figure 7.49 shows that the re- 
sults of this analysis are in very good agreement with experimental results (Schubel 
et al. 2005). By comparison, the membrane solution shows poor agreement with the 
experimental data. Results from a different model based on a plate on elastic foun- 
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dation solution for small deflections are also shown (Vlasov and Leont’ev 1996). 
This solution correlates well with the experimental results for small indentations 
prior to core yielding. 


7.5 Post-Impact Behavior of Composite Sandwich Panels 


7.5.1 Introduction 


Following an impact event and the identification and characterization of the result- 
ing damage in a sandwich structure, the next step is to determine and quantify its 
effect on the overall response of the structure, i.e., to make a reliable assessment 
of its damage tolerance. Damage tolerance is related to the residual load carry- 
ing capability of a composite structure following impact damage. Although many 
properties are affected by the impact damage, the residual compressive strength, 
or compressive strength after impact (CAI), is the most critical measure and is 
used as a standard in the industry (Boeing, Airbus, ASTM D 6264, D 7136, 
and D 7137; SACMA SRM2-97, and MIL-HDBK-17-—1F) (Advanced Composite 
Compression Tests; Determination of Compression Strength after Impact; SACMA 
Recommended Test Method for Compression after Impact Properties of Oriented 
Fiber-resin Composites 1997). It has been shown that static indentation response is 
related to residual compressive strength after impact (ASTM D 6264). 


7 Impact Response and Damage Tolerance of Composite Sandwich Structures 225 


Results of compressive tests after impact have been reported before (Edgren 
et al. 2004; Schubel et al. 2007; Hogg and Bibo 2000; Hawyes et al. 2001; Bull and 
Edgren 2004; Davies et al. 2004). The residual compressive strength is most affected 
by impact delamination damage which promotes compressive failure through mi- 
crobuckling of fibers and kink band formation in the composite (Abrate 1998). Per- 
manent indentation of the impacted facesheet also reduces the compressive strength 
of the structure because of the resulting asymmetry (Shipsha and Zenkert 2005). 
Testing can be done by direct column compression (Edgren et al. 2004), in-plane 
panel compression (Bull and Edgren 2004), or four-point bending (Shipsha et al. 
2003a). The strength can be compared with the results for the undamaged material. 

The CAI strength of the sandwich panels discussed before was measured with 
compressively loaded columns sectioned from areas of the panels that contained 
impact damage. The compressive strength of an undamaged column was compared 
to that of a section of the panel containing delamination damage in the facesheet. 
The results can be used in assessing the damage tolerance of the sandwich structure. 


7.5.2 Experimental Procedure 


Sandwich coupons sectioned from the damaged area of the impacted panel were 
loaded by direct compression at the ends. The compressive load was applied by 
means of shear through a tabbed region that was rigidly held in the hydraulic grips of 
an Instron testing machine. The core region was reinforced to prevent crushing of the 
soft foam core during gripping in the test machine. The column and its dimensions 
are shown in Fig. 7.50. 

Column compression tests were performed on columns cut from undamaged and 
impacted sandwich panels. The test of the undamaged column gave the baseline 
strength for the sandwich structure. A photograph of the column as gripped in the 
testing machine is shown in Fig. 7.51. 


7.5.3 Results and Discussion 


The facesheet stress was calculated with the assumption that it carried most, but 
not all, of the compressive load during the test. A simple rule of mixtures was 
used, based on the cross-sectional areas and moduli of the constituent materials 
to calculate the portion of the load carried by the core. Because the stiffness of 
the facesheet is much greater than that of the core, the facesheet carried about 
98% of the compressive load during the test. The dimensions and properties of 
the constituent materials of the sandwich column were such that failures modes 
of global (Euler) buckling, shear buckling (Zenkert 1995), and facesheet wrinkling 
did not occur during the compression test. 
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Fig. 7.50 Sandwich column 
for CAI testing with steel 


inserts in core region Steel 


inserts 


Fig. 7.51 Sandwich column 
gripped in testing machine 
with compressive load 
introduced through shear in 
gripped region 


C-scans of the tested panels indicated that damage was present in the impacted 
facesheet. Further B-scans confirmed this damage to be delamination within the 
thickness of the woven carbon fabric/epoxy facesheet. Figure 7.52 shows a C-scan 
of a panel impacted with an impact energy of 108J. The dark annular area on 
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Fig. 7.52 Ultrasonic C-scan 
of facesheet impacted with 
energy of 108 J showing 
damage (dotted line indicates 
column section taken for CAI 
testing) 
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Fig. 7.53 Ultrasonic B-scan of impacted facesheet showing through-thickness delamination 
damage 


the periphery of the impacted area indicates delamination damage. The delamina- 
tion through the thickness of the facesheet is clearly revealed in the B-scan shown 
in Fig. 7.53. A visual inspection of the panel revealed a slight permanent indentation 
of the impacted facesheet which measured 0.9 mm in depth, indicating some plastic 
core crushing. 

The facesheet stress-strain curve for an undamaged sandwich column is shown 
Fig. 7.54. Strains during the test were monitored on both facesheets to detect any 
bending leading to buckling of the column. Both strains were very close until final 
failure, indicating negligible bending during the test. The compressive stress—strain 
behavior was quite linear. Compressive facesheet failure occurred at a stress of 
679 MPa which is lower than the in-plane compressive strength of 952 MPa of the 
composite. The base compressive strength of the undamaged facesheets was then 
compared to the CAI strength of the impacted sandwich structure. 

A column was sectioned from the panel impacted with the highest energy, 108 J. 
The column contained major delamination damage at its center and was cut from the 
panel as shown in Fig. 7.52. After sectioning the panel around the damaged region, 
the cross sections were inspected visually for any facesheet debonding damage. 

The compressive stress-strain curve of the damaged column is shown in 
Fig. 7.55. The observed failure mode was compressive facesheet failure in the 
damaged facesheet. In contrast with the undamaged column, where both facesheets 
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Fig. 7.55 Compressive stress-strain behavior of impact damaged sandwich column 


failed at the same time, the damaged column failed only in the impacted facesheet 
at a compressive stress of 269 MPa. The location of the failure was precisely in the 
area of delamination damage as shown in Fig. 7.56. The delamination caused insta- 
bility in the facesheet and formation of kink bands that led to ultimate compressive 
failure at that location. It can be seen in the figure that, after failure of the damaged 
facesheet, the undamaged one continues to carry load. 
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Fig. 7.56 Compressive failure of impact damaged sandwich column 


The delamination impact damage on the facesheet significantly reduced the 
strength of the structure. The measured strength of the damaged column was 
269 MPa, compared to 679 MPa for the undamaged one, corresponding to a com- 
pressive strength reduction of 60%. 

The relative strength reduction of the damaged column is higher than that of the 
entire sandwich panel because of the localized nature of the damage. Direct testing 
of entire panels is not practical because of the very high test load capacity required. 
However, it would be possible to correlate column strength reduction to the panel 
strength reduction by an appropriate damage and failure analysis. 


7.6 Conclusions 


The low velocity impact behavior of composite sandwich beams and panels was 
reviewed. Sandwich facesheet materials considered included unidirectional and fab- 
ric carbon/epoxy and glass fabric/vinylester laminates. Core materials discussed 
included four types of closed-cell PVC foams of various densities, an aluminum 
honeycomb, a polyurethane foam, a foam-filled honeycomb, and balsa wood. Prop- 
erties of all these material were given. Impact energy levels were in the range of 
8-108 J. Strain and load histories were recorded in all cases. Pulse durations were 
in the range of 10-20 ms. Peak loads predicted by spring-mass and energy balance 
models were in satisfactory agreement with experimental measurements. 
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The behavior of sandwich beams under static bending is dominated by the 
facesheets. The failure patterns under impact loading depend strongly on the im- 
pact energy levels and the properties of the core. The response of sandwich beams 
can be related to four energy levels as follows: 


1. Under low energy impact, the beams undergo elastic recoverable deformation 
without permanent damage. 

2. Under medium energy impact, there is permanent indentation with core crushing 
but no facesheet failure. 

3. High energy impact causes facesheet delamination and/or debonding from the 
core. 

4. Very high energy impact can penetrate the upper facesheet. 


Sandwich beams with PVC cores tend to be more stable than beams with different 
cores. They absorb more energy through indentation and the higher the core density 
the better the performance of the sandwich beam. Although sandwich beams with 
balsa wood cores perform well under static loading, they fail catastrophically under 
impact loading due to the low fracture toughness along the grain direction. Finally, 
sandwich beams with honeycomb cores show early catastrophic failure caused by 
the lack of continuity of the interface between the honeycomb core and the facesheet 
resulting in debonding failure. Sandwich beams with other cores, such as foam- 
filled honeycomb and polyurethane foam show low energy absorption and fail at 
lower energy levels. In general, cores with high stiffness and strength in the through- 
thickness direction provide better resistance to impact. Discontinuous cores such as 
honeycombs fail at low energy levels due to debonding following adhesive failure. 

In the case of sandwich panels, it was shown that static and impact loads of the 
same magnitude produce very similar far-field deformations. Near the loading point, 
it was found that impact deformation (strains) was lower than that for an equivalent 
static load. 

The induced damage was localized and it was lower for impact loading than for 
an equivalent static loading. This difference is attributed to the different load contact 
characteristics of indenter/impactor leading to different local deformation profiles. 
Static testing in general is more conservative regarding strain and damage levels and 
could be used instead of low velocity impact testing. 

A load history estimation method, based on the sinusoidal shape of the impact 
load pulse, was employed to predict the peak impact force as a function of impact 
energy. The predicted peak loads agreed quite well with the experimental results. 

The contact force—indentation relationship for sandwich panels was also investi- 
gated for the static loading case. A finite element model was implemented to capture 
the full response of the panel indentation and was able to match the stiffening be- 
havior seen in the experiments quite well. 

The investigation of post-impact behavior of sandwich structures shows that, 
although impact damage may not be readily visible, its effects on the residual me- 
chanical properties of the structure can be quite detrimental. Compression after 
impact testing is usually the best way to assess damage tolerance of a sandwich 
structure because of its sensitivity to delamination damage. Although delamination 
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damage due to impact reduced the residual column compressive strength to less than 
half, no significant strength reduction occurred until a fairly high impact energy 
was imparted on the sandwich panel. Because of the susceptibility and sensitivity 
of sandwich structures to impact damage, and the possible reduction in structural 
integrity, a reliable nondestructive evaluation would be recommended for such struc- 
tures following impact events. 
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Chapter 8 


Failure of Polymer-Based Sandwich Composites 
Under Shock Loading 


Srinivasan Arjun Tekalur and Arun Shukla 


Abstract In recent times, studies of structural response to air blast and underwater 
shock have gained significant importance. The current chapter focuses on the exper- 
imental observations of resistance of different composite material systems of naval 
importance to air blast loadings. These material systems include traditional two 
dimensional (2D) woven laminated composites, layered composites and sandwich 
composite materials. A controlled blast loading of pre-defined pressure magnitude 
and rise time was obtained using a shock tube apparatus. Rectangular plate ele- 
ments representing various material systems were subjected to such a controlled 
blast loading, and the effect of the blast loading on these elements was studied using 
optical and residual strength measurements. A high-speed imaging technique was 
utilized to study the damage modes and mechanisms in real time. It was observed 
that layering a conventional composite material with a soft visco-elastic polymer 
provided better blast resistance; sandwiching the polymer greatly enhanced its sur- 
vivability under extreme air blast conditions. In addition, three dimensional (3D) 
woven skin and core reinforcements were introduced in the conventional sandwich 
composites and their effects on the blast resistance were studied experimentally. 
These reinforcements were also observed to enhance the blast resistance of con- 
ventional sandwich composites by changing the mechanism of failure initiation and 
propagation in these sandwich structures. 


Keywords Impulse transfer - Polymer composites - Polyurea - layered 
materials - 3D woven skin - Stitched core composites - Shock tube - High-speed 
imaging - Failure mechanisms 


8.1 Introduction 


Composite materials have replaced metals in various engineering applications owing 
to their numerous advantages, like high strength/weight ratio, low cost, better stealth 
properties, etc. They are widely used in defense industry (applications like naval 
ships, warplanes, armor vehicles), aerospace industry (applications like wing con- 
struction, tail construction, fiber composite bodies), and the transportation industry 
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(lightweight bodies for buses and trains, composite truck bodies). In the recent 
times, threats to such defense and civilian structures in the form of terrorist at- 
tacks have added to the significance of comprehensive understanding of material 
and structural damage behavior under blast loading in order to design and fabricate 
these structures to withstand such loadings. Experimental and instrumental difficul- 
ties associated with blast loadings have limited the extent of applied research in this 
area. But with growing concerns on safety and human lives involved, the signifi- 
cance of such a research cannot be understated. 

Blast loading is a complex and interesting problem that has been studied from 
the early twentieth century. When a structure is loaded with a blast wave, there are 
two main events that can occur: 


1. Transfer of momentum from the medium that the blast wave is traveling to the 
structure. 

2. Internal response of the structural material to the shock wave that is propagating 
in it. 

The internal response might lead to blast mitigation and hence good resistance to 

the blast wave or initiate several different failure mechanisms in the material which 

might lead to ultimate failure of the structure itself. 

Taylor’s analysis (1941) on pressure and impulse of underwater explosion wave 
on freestanding plates is considered as one of the pioneering works on studying im- 
pulse transfer to plates subjected to blast loading conditions. In his classical work, 
Taylor provided expressions for pressure and displacement induced in a free stand- 
ing plates subjected to blast loading from explosives. His solutions were developed 
for a one-dimensional decaying wave (with a decay constant 6), and the equations 
of motion for the oscillation of free standing plates were derived. The pressure gen- 
erated by a blast wave from an explosive can be characterized (considering only the 
positive phase) by a single exponential expression 
t 


p(t) = poe? 


where, 
Po = peak pressure sensed by a sensor standing in the explosion area 
t = duration of the pressure pulse 
Using Taylor’s analysis, the impulse transfer can be expressed as below, 


lL, = 2y¥/A-W J, 


where 


I, = incident impulse from the blast 

I, = transmitted impulse to the plate 

WY = (pwlwA)/(Pphp) 

Pw = density of the medium in which the wave travels 
Pp = density of the plate 

Cw blast wave speed 
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@ = decay constant of the pressure wave generated by the blast wave 
hy = thickness of the plate 


The effect of every individual component in the above expression on the impulse 


ratio (+) can be seen in Fig. 8.1. 
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Fig. 8.1 Effect of various parameters on the impulse ratio as predicted by Taylors analysis 
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Fig. 8.1 (continued) 


It is evident that the density of the material and medium in which the blast wave 
propagates has the maximum effect on the impulse transfer. Given this there are 
many research efforts that try to use the same for mitigation of blast wave by modify- 
ing the material to several different forms like inhomogeneous, layered, anisotropic, 
etc. Composites are considered an effective material for blast mitigation due to their 
lower bulk densities compared to metals. E-glass and carbon fiber based composites 
have found extensive use in naval structures. There are various studies in literature 
that characterize these materials under different quasi-static and ballistic loadings. 
Also extensive research on behavior of materials like metals and concrete under ex- 
treme loading conditions have been performed and reported in the literature which 
are not referenced here to maintain brevity. The current chapter focuses attention 
mainly on composite materials under extreme loadings. One of the earliest work to 
study the response of composite materials to blast loading was done by Rajamani 
and Prabhakaran (1980). The authors studied the strain response of clamped rect- 
angular plates of an isotropic material (aluminum) and a uni-directional composite 
(E-glass/epoxy) when subjected to blast loadings from a rectangular shock tube. 
They also presented a modal analysis to predict the panel strain response and com- 
pared them to equivalent static strain response. The dynamic magnification factor 
(ratio of dynamic to static strain) was given for both the materials for different 
blast loadings. Such an analysis is valid when the panel deformations are within 
elastic limits. In isotropic materials, yielding and plasticity can account for the pres- 
ence of permanent deformation at higher loads beyond the elastic limits. But in the 
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case of composite materials, accurate modeling of the panel response after elastic 
limits is challenging. An attempt to model it must include several factors. Some of 
the key factors to be noted are the properties of the matrix and the fiber beyond the 
elastic deformations, various damage mechanisms in the composite and criterion for 
defining the failure. 

The effect of boundary conditions and rigid body motion of the panels are two 
key factors that play a significant role in designing and conducting successful lab- 
oratory experiments. The research by Hall (1989), addresses some of these issues 
from an experimental approach. In this work, the author performed a parametric ex- 
perimental study on the material selection and manufacturing procedure on the blast 
response of sandwich composite materials for naval application. A pull-down bolt 
arrangement (boundary condition) was used in this study allowing a certain degree 
of panel movement and rotation. Visual inspection and sectioning of the panels were 
the main tools that were used to derive qualitative conclusions. 

Librescu and Nosier (1990) presented a theoretical analysis of the dynamic re- 
sponse of a simply supported, laminated rectangular composite panel exposed to 
sonic boom and blast loads. Mouritz et al. (1994) experimentally studied the dam- 
age and failure of E-glass/vinyl ester composites when subjected to explosive blast 
and submerged under water. The reinforcement in this study was either chopped 
strand mat or woven ring. Rectangular panels of size 270 x 70 mm were clamped at 
two ends between two sheets of rubber and free at the other two ends, allowing the 
panel to bend under the load. The parameters in the study included the weight of 
explosive (5-300 g of PE4), standoff distance (0.3—1.3 m), and the type of backing 
(air/water). Postmortem study included residual tensile behavior, SEM examination, 
and histograms of crack sizes and count. One of the concerns of measuring residual 
strength is to decide on the size of the specimen to be cut out from these panels. 
Whereas whole panel strength measurements might offer a realistic quantitative es- 
timate of residual strength, the absence of such a standard test and experimental 
difficulties to do so pose a challenge to estimate the worthiness of a panel after ex- 
posed to blast loadings. Coupon testing as in Mouritz et al. (1994) may offer us an 
approximate idea of residual strength along certain small regions of the panel and 
one might assume that average measurements from several such regions are repre- 
sentative of bulk residual strength of the panel. 

Lam and Chun (1994) presented a theoretical analysis for vibrations in a clamped 
laminated plate subjected to blast loading of 69 kPa peak strength. The authors adopt 
an energy method to formulate and use Raleigh—Ritz principle to solve for central 
deflections and mode shapes in a square plate of 1.27-m side and 25-mm thickness. 
Such methods are useful in gaining an idea of deflections in plates under elastic 
deformations and far field blast loads (small magnitudes). 

Mouritz (1995) presented an extension to his previous work on effect of blast 
loading on E-glass/vinyl ester composites. In this research, tensile, compressive and 
fatigue strength of these composite panels after being subjected to pressure levels 
ranging between 13 and 50 MPa, were reported. Based on coupon testing, a 90% 
drop in tensile strength and 60% drop in compressive strength were reported when 
subjected to peak blast loads measuring 15 MPa. Similar drops were observed in 
the fatigue testing. Singh and Singh (1995) developed a mathematical model based 
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on classical theory and shear deformation theory, to predict the elastic response of 
laminated panels under blast loadings. The authors couple these strain findings to 
Tsai-Hill failure criterion and tabulate the “safe” distances at which panels of size 
100 x 80 mm and 2.5 mm thickness have to be placed from an explosion to remain 
in elastic regime. The lowest reported value is 2.5 m (8 ft.) for a panel with 24 plies. 

The flexural properties of E-glass/vinyl ester composites are reported in 
Mouritz (1996). Post-blast flexural properties were measured using ASTM methods 
on two specimens cut from the original panel. This was more representative of the 
bulk or whole panel properties. The residual flexural strength and modulus were 
plotted against the input blast wave pressure on the panels. In spite of a wide scatter, 
a significant decreasing trend was observed and reported. From all the experimental 
studies by the author, the GRP laminate system had a threshold of 8-MPa input 
pressure up to which panel properties did not significantly deteriorate. 

Dyka and Badaliance (1998) provided a theoretical and computational approach 
to predict the damage in carbon based composites due to shock loadings. The au- 
thors adopt a completely different approach than previous studies and present a 
phenomenological continuum-based damage model. 

The effect of through thickness normal stresses and out of plane shear stresses are 
neglected in many computational and theoretical models, to simplify the analysis to 
two dimensions. In a thin composite plate, these two factors play a major role in 
delamination between the plies and compressive failure on the impact surface and 
tensile spalling on the rear surface. Yen et al. (1998) account for these two factors 
in their three dimensional (3D) model, where they use a finite element software 
coupled with their failure criterion subroutines, to predict the damage progression 
in sandwich composite plates. 

The stress analysis of composite plates have conventionally concentrated on a 
layer by layer 2D analysis, with each layer having its own stress distribution due 
to the various factors like difference in orientation of the fiber. Sun et al. (1994) 
presented an effective moduli theory in their work on wave propagation in thick 
composite laminates. The numerical results obtained by them for blast loading 
on a thick composite cylinder, matches closely with the layer-by-layer analysis. 
Significantly, for symmetrical laminates, both the models predict same dispersion 
characteristics, regardless of the thickness. This might be a useful consideration for 
all existing computational models to reduce the computation times by an order of 
magnitude, since many practical applications use symmetrical laminates. 

Turkmen and Mecitoglu (1999) represented the displacement field in a compos- 
ite plate subjected to blast loads, by using a trigonometric series and performed a 
nonlinear series analysis for the same. Their experimental program consisted of sub- 
jecting rectangular composite plates clamped between two steel frames, to air blast 
from combustion of LPG with oxygen. While the strain time response from their 
theoretical and computational model matches closely, the actual (experimental) val- 
ues are slightly different both in shape and magnitude, particularly after time scale 
of 0.5 ms. They also extend their work to present similar experimental and numer- 
ical analysis of stiffened laminated composite plates under blast loading (Turkmen 
and Mecitoglu 1999). 
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Blast resistance of stitched thin composites plates of size 270 mm x 70 mm were 
reported by Mouritz (2001). Blast loads of two different intensities and rise time 
were obtained as in Mouritz (1996). Visual examination of the delamination length 
from the center of the plate and flexure properties were utilized as parameters for 
comparison. 

Braided composites are new class of materials that are increasingly used in the 
defense industry. Tang et al. (2001) studied the damage and fracture mechanisms 
in carbon/epoxy and glass/epoxy braided composites subjected to blast load from 
explosives placed over circular regions in the center. The experimental study con- 
centrated on the quantitative aspects of the failure and was supported by numerous 
micrographs of the failure regions. 

Langdon et al. (2004) studied the blast resistance of a hybrid class of materials 
comprising alternate layers of thin metal and composites, called fiber—metal lami- 
nates (FMLs). They studied the impulse delivered, failure mode, area of debonded 
region, and permanent deformation in such panels when subjected to blast loads 
from plastic explosives placed at the center of 200-mm square plates. 

In addition to laminated composites, sandwich composites are highly desired 
for energy absorbing structural elements. The mechanical behavior and structural 
response of sandwich materials under quasi-static loadings are studied in the liter- 
ature (Tagarielli and Fleck 2005; Koissin et al. 2004). In recent times, the response 
of sandwich structures to dynamic loadings has been an area of interest (Tagarielli 
et al. 2007). The overall dynamic response of the sandwich is dependent, among 
several other factors, on the construction of the skin, compressive modulus and 
failure strength of the core, and the interface strength between the skin and core. 
Due to the inherent nature of its construction, the strength of the sandwich con- 
struction is often limited by the strength of the core material. The thickness of 
the skin increased beyond certain limits, also negates the weight beneficiary ad- 
vantage of sandwich construction. In lieu of these considerations and to facilitate 
better performance under transient conditions, several design modifications have 
been sought after. These include better choice of core material, introduction of soft 
inter layers (e.g., polyurea layer) between the core and the skin, etc. In recent times, 
Z-directional pins have been utilized (Vaidya et al. 2001) to modify the core in 
sandwich material and its high strain rate impact response has been studied. Failure 
modes of carbon fiber based sandwich beams reinforced with similar Z-directional 
pins under three-point bending (Rice and Fleischer 2006) were studied under quasi- 
static loading conditions. 


8.2 Material Systems 


The composites used in this study were not fabricated at University of Rhode Island. 
The experimental study involved the evaluation of five different major material sys- 
tems, namely: 


1. E-glass vinyl ester and carbon fiber vinyl ester composite 
2. Polyurea layered materials 
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3. Polyurea sandwich composites 
4. Sandwich composites with 3D woven skins 
5. Core reinforced sandwich composites 


A brief description on the construction and characteristic properties are given below: 


8.2.1 E-glass Vinyl Ester Composite 


E-glass vinyl ester composite (EVE) has been widely utilized in the composite in- 
dustry owing to light weight, ease of handling, and superior relative mechanical 
properties. The composite used in this study was manufactured using glass fibers and 
vinyl ester matrix. The glass fabric used in this study was woven roving E-glass sup- 
plied by Fiber Glass Industries’ (FGI). The areal weight was 610 g/m? (18 0z/sqyd) 
with an unbalanced construction having 59% and 41% of fibers in warp and fill di- 
rections respectively, the corresponding fiber architecture shown in Fig. 8.2. The 
matrix used was Dow Chemical’s Derakane 510A-40, a brominated vinyl ester, 
formulated for the VARTM (vacuum assisted resin transfer molding) process. Com- 
posite panels of size 600 x 900mm (2 x 3 ft.) and 2.5 mm (0.1 in.) thickness were 
fabricated by the VARTM process. To achieve 2.5-mm nominal thickness, six plies 
of FGI-1854 Rovcloth fabric were used. All fabrics were cut and stacked in the 
0° (warp) direction with the warp face down so that specimens in 0° (X1) and 
90° (X2) directions could be extracted to determine the basic mechanical prop- 
erties. Complete details on the material composition, fabrication, and mechanical 
characterization can be obtained in (Tekalur et al. 2008a). Significant quasi-static 
mechanical properties are listed in Table 8.1. 


8.2.2 Carbon Fiber Vinyl Ester Composite 


The fabric used in the carbon fiber vinyl ester composite (CVE) was an equi-biaxial 
fabric produced using Toray’s Torayca T700 12k carbon fiber tow with a vinyl ester 
compatible sizing. The areal weight of the fabric was 634 g/m? with 315 g/m? of 
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Table 8.1 Summary of mechanical properties of composites (Compos Pt B: Eng 
39(1):57-65, 2008) 


Properties EVE CVE 
Volume fraction of fiber v;»(%) 60.5 55.8 
Tension Strength xX 512.5(22.5)* 1125.7(23.4) 
X,  350.9(8.9) 1036.9(26.3) 
Modulus (GPa) Xi 29.2(1.8) 56.7(1.1) 
X.  =23.9(1.9) 57.1(2.1) 
Poisson’s ratio X| 0.16(0.01) 0.07(0.006) 
X2. ~0.14(0.003) 0.04(0.001) 
Compression Strength (MPa) Xi 363.4(75.0) 449.7(37.6) 
X, 336.4(25.2) 387.2(28.2) 
Modulus (GPa) Xi 31.9 67.5 
X. 26.9 59.1 
In-Plane Shear 0.2% offset strength X) 44.7(0.6) 47.5(0.7) 
(MPa) X. = 47.3(5.9) 45.0 
Modulus (GPa) Xi 4.5(0.3) 4.2(0.4) 
X, 4.3(0.6) 3.9 
Inter-laming shear strength (MPa) Xi 77.1(1.0) 59.3(2.6) 
X. 58.4(1.4) 54.3(2.2) 


4Standard deviation 
X,, Warp direction; Xo, Fill direction 


fiber in the 0° direction and 305 g/m? in the 90° direction. Both the directional 
fibers were stitched with a 14 g/m? polyester knitting thread. Table 8.1 summarizes 
the static mechanical properties of these composite materials. Further details about 
the static characterization can be obtained in (Tekalur et al. 2008a). 


8.2.3 Polyurea Layered Materials 


Polyurea is a cross-linked amorphous isocyanate monomer or prepolymer and 
polyamine curative. An aromatic type, EP JS provided by Engineered Polymers In- 
ternational, was used in this present research. The EP JS has 20.34 MPa (2,950 psi) 
tensile strength, 350% elongation, 11.16 MPa (1,620 psi) modulus, and 87.5 kN/m 
(500 Ib/in) tear strength. 

Layered materials were fabricated by casting polyurea over EVE plates. The 
thickness of each component of the layered materials was 6.35 mm (0.25 in.). Fur- 
ther details on the fabrication of the layered plates can be obtained in Tekalur 
et al. (2008b). It is to be noted that in fabricating the layered and sandwich com- 
posites from the E-glass/polyurea combination, the net weight of the E-glass fiber 
composite has been kept the same. This was done with the assumption that the 
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addition of polyurea does not greatly contribute to the stiffness of the structure (as 
compared by the modulus ratio of these components which is higher than 10) but 
it does add to the weight of the structure due to comparable bulk density of the 
laminated composite and polyurea. 


8.2.4 Polyurea Sandwich Composites 


Similar to the fabrication of layered materials, sandwich composites were fabricated 
out of the EVE and polyurea material combinations. Two different sandwich config- 
urations were manufactured. Whereas one had a soft core (PU) sandwiched between 
two hard skins (EVE), the other had a hard core (EVE) sandwiched between two soft 
skins (PU). The sandwich composites along with their dimensions are given below, 


1. 3.18mm (0.125 in.) EVE + 6.35 mm (0.25 in.) PU + 3.18 mm (0.125 in.) EVE 
2. 2.3.18mm (0.125 in.) PU + 6.35 mm (0.25 in.) EVE + 3.18 mm (0.125 in.) PU 


Based on the experimental observations, the beneficial effects of the sandwich con- 
struction was predominant only in the sandwich with soft core configuration. Hence 
the results and discussions focus on that particular class of the sandwich alone. 


8.2.5 Sandwich Composites with 3D Woven Skin 


Three-dimensional orthogonal woven composites, hereafter referred to as 3D com- 
posites are different from traditional 2D laminates in that they are able to sustain 
loads in three linearly independent directions. Fiber performs constructed in a three 
dimensional fashion not only contain warp and weft fibers in plane of the lamina, 
but also a certain fraction in the through thickness, or z-direction. The amount of 
z-direction reinforcement is crucial to the performance of a 3D weave. The Z-yarns 
tends to create voids in the spatially separated layers of the warp and fill layers, 
reducing the volume that could otherwise be occupied by fill and warp yarns. 
Available experimental data and theoretical estimates conclude that the in-plane 
volume fraction drops considerably when increasing Z-fiber volume content above 
4-5%. However, it has been shown that at least 2-3% Z-fiber content is necessary 
to suppress delamination and significantly increase fracture resistance and dam- 
age tolerance of the resulting 3D composite. Thus, preforms with approximately 
2-4% of Z-fiber volume content result in an optimum mechanical performance. 
3WEAVE® is a trademark 3D orthogonal weave produced by 3 TEX corporation 
with all the desired characteristics. The complete details of construction and advan- 
tages of utilizing this 3D woven skin in composite construction can be obtained in 
Mohamed et al. (2001), LeBlanc et al. (2007) and Tekalur et al. (2009). The com- 
posite skin materials utilized in this study were made by VARTM method from 
3.25 kg/m*(96 oz/yd*) areal density 3WEAVE® E-glass glass roving preforms 
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Fig. 8.3. 3WEAVE™ S-2 glass preform (left) and its Derakane 8084 epoxy/vinyl ester composite 
(right) 


using Dow Derakane 8084 epoxy-vinyl ester resin. This fabric construction (as 
shown in Fig. 8.3) results in ~49% warp-, ~49% fill-, and ~2% Z-fiber content per 
preform volume. The total fiber volume fraction in a single-layer composite made 
with such preform was estimated as ~49%. 

The core material used in the sandwich construction was made of Dow Chemi- 
cal TRYMER™ 200L polyisocyanurate foam, which is a cellular polymer. From 
the manufacturer’s data, the density of the foam is 32kg/m?. This foam is not 
an isotropic material; besides, its tensile and compressive properties are markedly 
different. Specifically, from the foam manufacturer data the following tensile, com- 
pressive, and shear moduli are given in the direction parallel to rise: 8.27, 5.17, and 
1.79 MPa, respectively. 

For constructing the sandwich composite panels, the first two layers of the 
front skin (to be exposed to shock wave) were made of the standard 0.81 kg/m? 
(24 oz/yd2) areal density 2D E-glass plain weave. Those were followed by three 
layers of 3WEAVE® fabric and subsequently by a layer of abovementioned foam 
core. The back skin preform contained (counting from the back surface of the core) 
two layers of the same 3WEAVE® fabric followed by two layers of the same E-glass 
plain weave. The front skin was intentionally made one fabric layer thicker than the 
back one, to enhance its strength and was based on experience from previous re- 
search studies. The dimensions and construction of the sandwich composite with 
3D laminate skin materials is listed in Table 8.2. 


8.2.6 Core Reinforced Sandwich Composites 


The work on fabricating the core reinforced sandwich composites, designated as 
TRANSONITE®, was performed by Martin Marietta Composites!. This sand- 
wich type is produced in accordance with patented technology and provides an 


' Burther information about TRANSONITE can be obtained on company website http://www. mar- 
tinmarietta.com 
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Table 8.2. Architecture of the sandwich specimens used in this study 
Average front Average back Stitching 


Front skin Back skin skin thickness _ skin thickness density per 
Sample name perform preform (mm) (mm) in? 
2 layers of 2 layers of 
A+3 B+2 
Sandwich 1 layers of B layers of A 8.38 6.35 0 
2 layers of 2 layers of 
AF 3 Ba 2 
Sandwich 2 layers of B layers of A 8.18 6.29 4 
2 layers of 2 layers of 
A-r3 B+2 
Sandwich 3 layers of B layers of A 10.72 mm 8.11 mm 8 


Note: A, 0.81 kg/m? E-glass plain weave; B, 3.25kg/m? E-glass 3WEAVE™ 


ll] 


alternative for structural and nonstructural flat panel applications. In addition to all 
the characteristics explained in the previous section on sandwich composites, the 
TRANSONITE panels have core reinforcement in the form of stitches introduced in 
their through thickness direction, as shown in Fig. 8.4 (without the core). 

To begin the pultrusion process, varying layers of fabrics are pulled together to 
produce the desired thicknesses of top and bottom skin preforms. Then foam layer 
is inserted between the top and bottom layers of the fabric forming a sandwich and 
subsequently the stitching is performed. Once the resin is infused, the sandwich is 
drawn through a heated die forming a cured composite sandwich. Finally, the panel 
is cut to the appropriate length. The pultrusion process is continuous. Three different 
sandwich composites constructed for the skin and core reinforcement are detailed 
in Table 8.2. 


Fig. 8.4 TRANSONITE 
composite sandwich with 
removed foam; through 
thickness “stitches,” 
impregnated with resin, can 
be seen (Martin Marietta 
Composites website) 


8.3 Experimental Setup 


An explosion is usually accompanied by rapid expansion of air, in which are en- 
trained constitutive chemicals and adjacent debris. In the present work, attention 
was focused solely on the damage imparted by gaseous expansion and the associated 
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rapid release of energy on composite targets. Several sources can produce such pres- 
sure waves, the first being explosives. A shock tube can produce the air blast alone 
while an actual explosive could induce burning in the material in addition to the 
air blast. 


8.3.1 Shock Tube 


The current chapter focuses on utilizing a shock tube for providing blast loading 
in a laboratory environment. Though present for a long time, the use of shock tube 
for testing the blast resistance of materials is an area not very well explored. In its 
simplest form a shock tube consists of a long rigid cylinder, divided into a high- 
pressure driver section, and a low pressure driven section, which are separated by 
a diaphragm. The tube is operated by pressurizing the high-pressure section until 
the pressure difference across the diaphragm reaches a critical value and it ruptures. 
This rapid release of gas creates a shock wave that travels down the tube to impart 
air blast loading on a specimen. The intensity of blast loading can be controlled to 
a repeatable extent by varying the thickness and number of diaphragms used. Ini- 
tial calibrations for quantification of these input parameters were performed. Shock 
pressure and velocity measurements were done real time to provide accurate input 
parameters for the study. 

A dynamic pressure sensor is mounted at the muzzle section of the shock tube 
and graphite rods are used as break circuit initiators to measure the shock velocity. 
The driver pressure can also be measured for calibration purposes. Thin mylar sheets 
(10 mil) are used as diaphragm material. The driver pressure and hence the shock 
pressure obtained from the burst of these diaphragms are controlled by number of 
plies of sheets used. Figure 8.5 depicts the shock tube apparatus used in this study to 
obtain the controlled dynamic loading. Complete description of the shock tube and 
its calibration can be found in LeBlanc et al. (2007). 

The shock tube facility in the present study has an overall length of 8m and 
is divided into a 1.82-m driver section, 3.65-m driven section, and a final 2.53-m 
muzzle section. The diameter of the driver and driven sections are 0.15 m. The final 


Fig. 8.5 The shock tube facility to produce controlled blast loading 
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Fig. 8.6 Typical shape of the pressure — time profiles obtained in the shock tube 


diameter of the muzzle section that is in contact with the specimen is 0.07 m. The 
driver gas is helium and the driven gas is ambient air. Mylar diaphragms are ruptured 
due to pressure differential created between the driver and driven sections, which 
develops and drives a shock wave down the length of the shock tube. A typical 
pressure profile obtained by using three plies of 10-mil mylar, at the sensor location 
is shown in Fig. 8.6. 

The first peak in the signal is the “input shock pressure” and the second peak 
is the “reflected pressure.” The incident or the input shock pressure remains the 
same for given thickness of diaphragm. The reflection factor given by the ratio of 
reflected pressure to the incident pressure is dependent on several factors like the 
material and structural compliance, the velocity of the shock wave, and the medium 
traveled. Successful modeling of the response of structures utilized in this study 
will be dependent on the accurate reproduction of the actual pressure distribution 
on the specimen. The reflected pressure measured and reproduced in this study are 
representative values that match the pressure acting on the specimen very closely 
(verified through calibration experiments performed on rigid plates). Also an as- 
sumption that the pressure is distributed evenly on the circle of contact can be made 
for such rigid structures. For structures where in the transverse deflections are large, 
say in the order of two or more times their thicknesses, such an assumption will 
not yield the desired results. Again, calibration of the shock tube for the reflected 
pressure obtained on a rigid plate and the velocity obtained for given diaphragm 
thickness was performed and can be found in LeBlanc et al. (2007). The pressure 
data obtained can be converted into impulse per unit area by direct integration of the 
pressure time curve. When there is no specimen and the shock is let out to free air, 
the input impulse can be directly obtained for given thickness of diaphragms. When 
a specimen exists, the integration produces curves that are reflected impulse which 
again will be a function of the material system for given geometry and boundary 
conditions. 
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8.3.2. Loading and Boundary Conditions 


The shock loading obtained from the end of the muzzle covered a circular region 
of 76mm (3in.) diameter. Several different boundary conditions like fixed-free, 
clamped and simply supported can be configured for the experiments. But each of 
these conditions imposes a unique failure mode in the specimen (e.g. tearing along 
the clamped edges, rigid body motion along the simply supported edges) which 
may not be desirable. The use of large structures compared to the dimensions of the 
loading region is a preferred way of circumventing these failures that are created 
by boundary conditions. But in practical aspects, such large structures are extremely 
costly to produce and the facilities for such experiments need to be correspondingly 
scaled. In small structural elements, maintaining the boundary conditions through- 
out the loading and response period is an experimental necessity and a challenge 
Given that the size of the specimen is small or the response time of the structure is 
comparable to the duration of the pressure pulse obtained from the shock tube, the 
simply supported condition was used, as shown in Fig. 8.7 To achieve this condi- 
tion, the specimens were held along two knife edges as seen in the figure. This was 
preferred over other conditions due to the ease of setup and possible quantification 
and separation of the out of plane displacement and rigid body motion in the plate 
structures due to the loading. 


8.3.3 High-Speed Imaging 


In extreme loading conditions as is the situation in the experiments presented here, 
conventional techniques to quantify the deformation of the composite plates are 
highly difficult to use. To a limited extent, a strain gage can provide point measure- 
ment of the strain history at specific points of interest. The physical introduction of 
any sensor into the composite itself will alter the structural characteristics and may 
act as a point of defect initiation. Optical techniques like Shadow Moire and Dig- 
ital Image Correlation (DIC) are very promising and recent studies have reported 


Fig. 8.7 Specimen held in 
simply supported condition at 
the end of a shock tube 
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using them as tools to study full field deformation in blast loaded plates (Espinosa 
et al. 2006). Irrespective of the technique, the high speed and high sensitivity in- 
volved in these experiments make it challenging to obtain valuable information on 
the failure of these structures under blast loading. In the experiments reported here, 
one of the free ends of the simply supported plate was viewed from the side using 
an IMACON high-speed camera. The camera is capable of taking 16 photographs 
at framing rates as high as 200 million frames/second, with exposure times as low 
as 5ns. Typical blast loading events are in the order of 2—6ms and the deforma- 
tion of the plate is recorded using the camera over the response period of the plate. 
Post analysis of these images provided the macroscopic deformation mechanisms 
and quantitative deformation-time history of the center point of the plate during the 
deformation. 


8.4 Results and Discussion 


8.4.1 Blast Resistance of Laminated Composites 


Two different series of experiments were conducted on the laminated composite 
materials of very similar kind. In the first series, E-glass vinyl ester (EVE) and 
carbon fiber vinyl ester (CVE) were subjected to blast loading with a fixed boundary 
condition. The specimen used was 305 mm (12 in.) square plates of 2.5 mm (0.1 in.) 
thickness. These plates were fixed on all ends using rigid clamping fixture which 
exposed a square area of 228mm x 228mm (9 in. x 9 in.) to the blast. The muzzle 
of the shock tube was flushed against the plate. Damage in EVE composites under 
dynamic blast conditions were observed and examined. The panels were subjected 
to increasing level of dynamic loading by varying the driven pressure in the shock 
tube. The input shock pressure varied from 0.2 MPa (30 psi) to 0.8 MPa (116 psi). 
Figure 8.8 shows the damage progression in these plates as they were subjected to 
increasing shock pressures, quoted in the inset. 

As seen in the figure, the blast loading induced visual damage in the center and 
along the boundary regions. The spread and area of these damage regions increased 
as the input shock pressure was increased. These panels also endured permanent 
deformation due to the shock. To measure the magnitude of this permanent defor- 
mation, a laser displacement sensor and an automated table were used. The data 
obtained from the sensor were plotted as deformation profiles. A typical profile ob- 
tained for a panel subjected to 0.5 MPa (72.5 psi) shock pressure is shown in Fig. 8.9. 

The maximum deflection was at the center and reduced gradually toward the 
fixed boundaries. Axi-symmetric nature of the loading and nearly balanced compos- 
ite materials produced concentric contours of permanent deformation. Figure 8.10 
plots the maximum deformation value for each panel corresponding to the input 
shock level that the panel was subjected. The magnitude of this deformation in- 
creases as the input shock level is increased. 
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Fig. 8.8 Damage progression in E-glass/vinyl ester composites, subjected to shock blast loading 


Fig. 8.9 Typical profile of 
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inset 
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Panels of CVE composites were subjected to similar shock pressures as used for 
EVE composites. The modes of damage in these panels were significantly different 
from those observed before in the E-glass fiber composite panels. Figure 8.11 shows 
the damage behavior of these panels. 
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Fig. 8.10 Plot of center point permanent deformation induced in FGI-1854 composite panels sub- 
jected to shock blast loading 
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Fig. 8.11 Strike face damage progression in carbon fiber/vinyl ester composites, subjected to 
shock blast loading 
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Fig. 8.12 Damage in 
E-glass/ vinyl ester composite 
plates under varying blast 
loadings 
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As seen, these panels tend to resist damage until a certain level of input shock 
pressure (0.6 MPa), which can be referred as “Threshold” pressure. After this thresh- 
old level, extensive delaminations and fiber breakage were observed in the panel. 
All the panels below the threshold shock input suffered no external damage and/or 
permanent deformation. The threshold level in the E-glass composite was compart- 
itatively lower at 0.2 MPa (30 psi). While the E-glass composite panels had a slow 
and progressive damage behavior, failure in carbon fiber composite was more drastic 
and rapid. 

In the second series of experiments, blast loading was applied to rectangular 
specimens of E-glass fiber composite held in simply supported conditions. Rectan- 
gular plates of size 0.23 m x 0.102m (9 in. x 4 in.) were fabricated for the study. 
The plates were simply supported over a span of 0.152m (6in.) along two edges 
(shorter edges) and the other two edges were free. The blast loading covered a cir- 
cular region of 76mm (3 in.) diameter as explained in previous sections. Damage 
in these panels was concentrated predominantly in the central region as shown in 
Fig. 8.12 (photograph taken utilizing a bottom light source). 

The microscopic damage modes observed (Fig. 8.13) in blast loaded plain-woven 
composite included fiber breakage and failure of interface between the transverse 
and longitudinal fiber rich regions. The tensile properties of these composites are 
superior to the compressive properties. This explains the initiation and the mode of 
damage on the impact side, which is predominantly under compression. Crushing 
and cleavage of the longitudinal fiber is observed in these panels, as shown in a 
microscopic image in Fig. 8.13. The straight cleavage of a longitudinal fiber bundle 
close to the mid section observed in the figure suggests that the fiber bundle had 
been crushed compressively during the initial phase of loading and subsequently 
pulled in tension due to reflection of the waves from the rear surface, leading to an 
interface failure between the longitudinal and transverse fiber regions. 

Figure 8.14 depicts the typical real-time deflection in laminated E-glass fiber 
composite. The macroscopic response of the laminated composite to the applied 
blast loading can be seen as the development of flexural bending of the plate in 
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Fig. 8.13 Microscopic view of damaged region in EVE composite subjected to shock blast pres- 
sure of 0.45 MPa. Shown here is the impact side 


Fig. 8.14 Typical real-time 
deformation event of a plain 
woven composite plate, when 
subjected to blast load 

(0.60 MPa) 


8 Failure of Polymer-Based Sandwich Composites Under Shock Loading 255 


these high-speed images. Quantitative values for the deflection were obtained by 
calculating the deflection of center point of the plate. A detailed comparison of 
these values is provided in subsequent sections. 


8.5 Blast Resistance of Layered Composites 


The layering of polyurea on to laminated composites provided enhanced blast resis- 
tance. This enhancement can be attributed to two main reasons: (1) weight (inertia) 
addition leading to increased impulse required for damage initiation and (2) en- 
ergy dissipation in the polyurea material. Since weight addition is not a sought after 
method to enhance blast resistance, given the requirement of light weight structures, 
the beneficial factor can be justified only if the energy dissipation mechanisms in the 
layered structure are superior to laminated composites. It requires a systematic ex- 
perimental and analytical approach to completely understand these mechanisms. It 
is equally important to optimize the amount of layering required and the orienta- 
tion of the layering with respect to blast loading direction. When experiments were 
performed using Split Hopkinson bar apparatus, it was found that the orientation of 
polyurea layer with respect to the applied loading had no significant effect on the 
wave propagation properties of the layered sample. But due to the presence of dy- 
namic equilibrium in these experiments, a significant effect is not expected either. 
So to understand the effect of orientation, two different series of experiments were 
conducted in the blast loading setup. In the first series, polyurea side of the layered 
composite faced the blast loading and this series is referred as PU/EVE compos- 
ites. In the second series, the E-glass vinyl ester side of the layered composite faced 
the blast loading and hence referred as EVE/PU composites. A comparative case 
of damage caused in the laminated composite and a layered composite, PU/EVE, 
under the same level of blast loading is shown in Fig. 8.15. 


0.62 MPa 0.62 MPa 0.62 MPa 0.62 MPa 


Fig. 8.15 Damage in E-glass/vinyl ester composite and layered plates under blast loading of same 
intensity 
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Fig. 8.16 Post blast view of damage in laminated and layered composites. The EVE composite 
side is shown in the layered materials 


8.5.1 PU/EVE Layered Material 


Whereas panels of plain woven composite failed at an incident shock pressure of 
0.62 MPa, the PU/EVE layered composite required 0.76 MPa of incident shock 
pressure to fail. Figure 8.16 provides a comparison of damage in the laminated and 
layered composites with reference to the orientation of the polyurea layer. Damage 
progression in PU/EVE layered composite was very similar to the damage progres- 
sion in EVE but the pressure required to induce the same level of damage was higher 
in case of the layered composite. 


8.5.2. EVE/PU Layered Material 


In the reverse case (EVE/PU), when EVE was on the strike face, the weaker com- 
pressive strength (compared to the tensile strength) of EVE attributed to extensive 
damages observed in the plate, particularly on the strike face which comprised of 
glass composite material. The strike face of EVE/PU material had higher delamina- 
tion area shown as bright white regions in Fig. 8.16. 

The qualitative difference of high-speed images of bending in laminated and 
layered composites due to the applied blast loading is negligible. Quantitatively, 
the deflection of center point of the plate was calculated from the high-speed 
images for all the cases of laminated and layered composites. Again, detailed 
comparison of these values are provided in subsequent paragraphs. Figure 8.17 
shows a typical sequence of bending in layered materials when subjected to blast 
loading. 
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Fig. 8.17 Typical real-time deformation event of an EVE/PU layered composite plate, when sub- 
jected to blast load (0.75 MPa) 


8.6 Blast Resistance of Sandwich Composites 


Two broad classifications of sandwich composites were evaluated for blast resis- 
tance. The first type was based on glass fiber composite and polyurea material 
system and the second type was based on 3D composites and polymer foam (core- 
cell) material system. 


8.6.1 Polyurea-based Sandwich Composites 


As in the case of layered construction, two different cases of sandwich construction 
were evaluated for blast resistance. The construction details of these sandwich mate- 
rials were discussed in the Materials section. Results are provided only for the case 
of sandwich with polyurea layer acting as the core with skin materials comprising 
of E-glass fiber composite material. This sandwich composite system showed mini- 
mal damage as shown in Fig. 8.18 under increasing blast loading intensities. These 
minimal damages in the panels were visualized on the strike face predominantly 
and there is no evident external damage on the rear face. On a macroscopic scale, 
no damage was observed in the EVE/PU/EVE sandwich system despite the fact that 
these sandwich panels were subjected to 85% higher pressure than the plain woven 
composite and 33% higher pressure than the PU/EVE layered material. Figure 8.18 
also shows the side view of the sandwich panels after being subjected to increasing 
intensities of blast loadings. There was no visible damage or deformation induced 
in them due to the blast loads. The damage behavior of soft-core (EVE/PU/EVE) 
composites was different from that of the hard-core sandwich (PU/EVE/PU). Under 
similar magnitude of loading (1.17 MPa input pressure), PU/EVE/PU panel showed 
signs of failure as wrinkles on the strike face and shear failure on the composite core. 
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Fig. 8.18 Four different EVE/PU/EVE sandwich composite plates under blast loading of varying 
intensities. Shock pressure shown in inset 
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Fig. 8.19 Center point deflections of the plain composites (EVE) under different input blast 
pressures 


Focusing on the quantitative measure of deflection, the deflection of center point 
of the plate specimen in all the above cases was calculated from the high-speed im- 
ages. Figures 8.19—8.21 show the deflection time history of the laminated composite 
(EVE), layered and sandwich composite materials. The input pressure is quoted on 
the legend for each material. These plots reveal that the deflections observed in the 
layered and sandwich construction were lower than those observed in the laminated 
composite plates, as expected. The quantitative estimate of reduction in deflections 
can be observed from these plots. Also to be noted is that the input blast pres- 
sure is much lower for the plain composite compared to the layered and sandwich 
constructions. 
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Fig. 8.20 Center point deflections of the layered materials under different input blast pressures 
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Fig. 8.21 Center point deflections of the sandwich materials under different input blast pressures 


Observing these deflections and when one calculates the deflection per unit thick- 
ness, it can be observed that macroscopic failure in the specimen is observed when 
deflection of the sample is in the range of 2.5—3 times its thickness. This observation 
is phenomenological. It can further be deduced from the experimental observations 
that in case of the plain composite materials, the “failure” point (deflections equaling 
2.5 times the thickness) is produced at an earlier time compared to the layered sys- 
tem under comparable input blast loadings. In case of the layered composites with 
polyurea facing the blast, the failure point is not observed at all. The macroscopic 
damage in the plate also corroborate with the observed real-time trend, vis-a-vis, 
the PU/EVE configuration showing lower damage area compared to the EVE/PU 
configuration. 
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Under the same input blast loadings to the layered and sandwich composites, the 
sandwich configuration showed normalized deflections less than one, which is well 
within the elastic limits of the plate. Here again, it was observed that the PU/EVE 
configuration reached the failure point at a later time stage compared to the EVE/PU 
configuration. The delay in the attainment of this failure point between the layered 
configurations can be attributed to the internal strengthening mechanisms that are 
present in the PU/EVE system. 


8.6.2 Sandwich Composites with 3D Skin and Polymer Foam Core 


In addition to polyurea-based sandwich composites, several design modifications 
were sought after to reinforce lightweight sandwich composite structures against 
blast loading. Two major design changes that were incorporated were: (1) use of 
3D skin materials and (2) use of reinforced core materials; by introducing stitches 
in the transverse direction of the panel. Such sandwich composites (nomenclature 
as explained in Table 8.2) were subjected to identical blast loading of given high 
intensity, with an input pressure in the range of 1.2—1.4 MPa and reflected pressure 
in between 5.5 and 5.8 MPa. Rectangular flat sandwich specimens were utilized for 
the present experimental study. They were held under simply supported boundary 
conditions, as shown in Fig. 8.7. The specimen size was 300mm x 102mm. The 
span between supports was 152 mm. The dynamic loading was applied over a cen- 
tral circular area 76mm in diameter. The results of postmortem evaluation of the 
shock wave tested sandwich composite panels are shown in Figs. 8.22—8.24. In case 
of Sandwich 1, the core did disintegrate completely when tested and was lost beyond 


Fig. 8.22. Postmortem damage evaluation in Sandwich 1 
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“Voids” in Skin 


Fig. 8.23 Postmortem damage evaluation in Sandwich 2 


retrieval. The front skin (top in Fig. 8.22) shows severely fractured fibers in the cen- 
tral region (where the dynamic pressure was applied); it was also fractured into two 
layers there. The back skin did completely delaminate along the interface between 
two 3D woven composite layers and separated into two pieces having thicknesses 
2.92 and 3.86 mm. 

Contrary to the above, postmortem analysis of Sandwich 2 (Fig. 8.23) shows 
only localized delaminations in the skins accompanied by the foam damage in 
the core. The damage in this case is confined to the mid-section of the front skin; 
minimal visual damage is observed in the back skin. The observed residual defor- 
mation of this sandwich sample is relatively small. Separation of the core chunks 
from the vertical stitch composite bars are seen in this sample. Buckling of the 
stitch bars themselves was observed under close-up visual examination. The loca- 
tion of such local buckling was identified by bright white shear-like spots on the 
side view of the sandwiches. Such bright white spots were detected closer to either 
one of the skins rather than in the mid-region of the core. It was also observed that 
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Fig. 8.24 Postmortem damage evaluation in Sandwich 3 


micro-delaminations appeared within the skin of this sandwich specimen. Further 
on, postmortem analysis of Sandwich 3 (Fig. 8.24) shows very minimal damage in 
the skins and core and practically no global permanent deformation. Both front and 
back skins show no signs of fiber breakage or other failure types. Only small cracks 
parallel to the stitches were found in the core, and small micro-delamination cracks 
are present in the skins. Overall, it can be concluded that this sandwich had survived 
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the shock loading significantly better than Sandwich 2 and did not lose its overall 
integrity. This improvement can be attributed to the higher stitching density and to 
the marginal increase in the thickness of the skin (which replaces the corresponding 
foam material in the core). 

The dynamic transient behavior of all the above sandwich specimens under blast 
loading was recorded using a high-speed digital camera and thoroughly analyzed. 
The real-time observation of shock loading of Sandwich | is shown in Fig. 8.25. 
In this unstitched sandwich specimen, there is a soft foam core between the skins. 
Owing to that, the back skin remains nearly undeformed even at 500-|1s time instant, 
while the front skin has been already deeply indented into the core, and the core 
itself has been severely damaged. In fact, in this case the front and back skins deform 
almost independently, and the high dynamic pressure applied to the front skin is 
substantially weakened when it reaches the back skin. The measurements showed 
that at 500-|1s time instant, central deflection magnitude was about 5.5 times higher 


Front skin indenta- Front skin-core de- 
tion begins bond initiates 


t=800 ps 


Cracks in the midsec- Core collapse initi- Drastic core collapse 
tion of core ates 


Fig. 8.25 Sandwich composite with 3D Woven Skin, when subjected to blast load (1.2 MPa 
Incident) 
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for the front skin than for the back one. It was also noted that initial separation at 
one of the sandwich edges between the front skin and the core is seen as early as 
at 200-\1s time instant, which indicates high stress concentration at the front skin- 
core interface along the sample edges. The indentation failure of the front skin is 
observed from 200-1s time. The onset of core failure is observed at 400-\1s time, 
and complete collapse of the core is seen at 500-\1s time instant. The conclusion is 
that for Sandwich | all important deformation, damage initiation, and total failure 
events had occurred within 0.5-ms time from the arrival of blast wave. 

The first principal failure mechanism evident in Sandwich | is progressive dam- 
age of the core, which starts with some dispersed damage near the front skin and 
simultaneous formation of a large inclined crack in the central region of the core. 
These two damage zones gradually extend and coalesce at approximately 400-s 
time instant which is followed by the formation of a much larger damage zone at 
500-|1s time instant and rapid crush of the core after that time instant. Possibly, 
around the same time the front skin suffered significantly. Likely, the back skin 
fails soon after that, and the whole sandwich is crushed. These images revealed that 
Sandwich | does not provide sufficient transient load transfer from the front skin to 
the back skin and, as a result, it cannot withstand the applied dynamic pressure. 

Analysis of such corresponding real-time observations for Sandwich 2 and Sand- 
wich 3 revealed that the dynamic pressure is much better transferred from the front 
to the back of the sandwich, and we see well synchronized local bending of both 
skins. The core is gradually damaged as the skin bending progresses. Quantitative 
measurements of deflections showed that the difference between central deflection 
values of the front and back skins is relatively small. Also, no separation between 
the front skin and the core is seen in these high-speed camera frames, thus the afore- 
mentioned high stress concentration for Sandwich | at the skin-core interface has 
been reduced by core stitching. Failure mode of this stitched sandwich can be de- 
fined as a combination of core shear and face failure types. In case of Sandwich 
2, the first two frames (up to 100-,1s time instant) do not reveal any macroscopic 
damage to the sandwich. At 200-\ts time instant initial cracks are seen in the core; 
they start in the mid-section of the core in the direction preferably parallel to the 
loading plane. The transition of “hinge point” takes place between time instants 300 
and 800 js. Further, at time instant 900 js, the cracks in the core become more pro- 
nounced and the “hinging” of the whole sandwich (including the span and overhang) 
along a center line can be observed. 

Figure 8.26 illustrates the deformation process of Sandwich 3. This appears to 
be very similar to the one seen for Sandwich 2. Though on a closer observation, 
two significant differences in the real-time deformation were observed. The first 
difference is that the deflection values at 500-\1s time instant are by 30% smaller at 
the center of the specimen in this case than for Sandwich 2. This can be attributed 
to the two factors: (a) more dense core stitching and (b) resin layers compensating 
for reduced thickness of the foam core material in Sandwich 3. Both factors provide 
additional stiffening to the sandwich. The second difference is in the deformation 
and failure progression. It is observed that at 100-s time instant there are no visible 
cracks in the core and the overhangs of the simply supported sandwich are straight, 
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Fig. 8.26 Sandwich composite with 3D Woven Skin and “stitching” of core, when subjected to 
blast load (1.2 MPa Incident) 


266 S.A. Tekalur and A. Shukla 


WW, 


Core ; : 
Cracks Hinge —» Hinge plane 
Planes 


\Z 


Indentation Core Shear Face Failure 


Fig. 8.27 Major failure modes in sandwich composite subjected to dynamic loading 


whereas the span portion is hinged about the support lines. The hinge point moves 
from the support line to the center of the sandwich as the time progresses, which is 
seen between time instants 200 and 400 ws. Further on, at 700-\1s time instant the 
transition is completed and the whole sandwich is hinged about the center. 

So, in a contrast to the results shown in Fig. 8.25 for Sandwich 1, the real-time 
deformation sequences shown in Fig. 8.26 for Sandwich 3 indicate that the rein- 
forced core damage does not include any visible macro-cracks, although one can see 
certain micro-damage accumulation and propagation from frame to frame. The prin- 
cipal conclusion made from the presented and discussed experimental results is, that 
through-thickness stitching of the sandwich before resin infusion makes a remark- 
able positive effect on the transient deformation, damage initiation, and progression 
processes in the studied sandwich materials. The major failure modes observed in 
this study under the transient loading conditions are sketched in Fig. 8.27. These 
failure modes can be broadly classified as (a) Front Skin Indentation (b) Core Shear 
Failure, and (c) Face Failure. Unlike in respective static loading case, where given 
load type usually corresponds to a well-defined, dominating single failure mode, in 
the case of highly transient dynamic loading (as in this study) the initiation and de- 
velopment of more than one different failure modes can be observed simultaneously. 


8.7. Summary 


The current chapter focused on experimental evidence of damage mechanisms in 
several polymer based composite systems, namely the laminated composite (E-glass 
and carbon fiber), layered composite, and sandwich composite. Design modifica- 
tions to strengthen the skin and core of sandwich composite were incorporated based 
on experimental study on individual components, namely the skin and the core of 
the sandwich composites. These modifications were observed to be beneficial to the 
blast resistance but they are obtained at reasonable addition to the bulk weight of 
the sandwich structure. In quantitative terms, a 300% increase in the input pressure 
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required to damage the structure were observed in modified sandwich materials by 
adding 1.5—2 times the weight as compared to the laminates. 

On a qualitative basis, the damage progression in E-glass fiber composite was 
observed to be continuous. On the other hand, the carbon fiber composites showed 
no signs of external damage until a certain threshold shock pressure beyond which, 
the panel failed catastrophically. Predominant failure mode in these panels were 
fiber breakage and delaminations in the strike face. 

It is observed that, layering of glass fiber composites with a soft layer provides 
better blast resistance. This enhancement of blast resistance is more pronounced 
when the softer material faces the blast. It is experimentally observed that, of the 
different possible material constructions using polyurea and glass fiber compos- 
ites, sandwich materials made by sandwiching a soft layer (PU) in between woven 
composite skins (EVE) had the best blast resistant properties. Simultaneously, the 
weight addition for the layered and sandwich composites are 60% more than the 
plain composite alone. But the performance enhancement in the layered material is 
about 25% better (when polyurea faces the blast) and in case of sandwich composite 
(EVE/PU/EVE), the blast performance is enhanced by more than 100%. 

Based on the current experimental observations, it can be deduced that laminates 
and layered composites will be suitable for constructing structures to withstand 
mild blast loadings. The sandwich composites with through-thickness stitch rein- 
forcement in the core exhibit much lower dynamic deformation, delayed damage 
initiation, and higher dynamic damage tolerance with minimal visual residual dam- 
age. Hence these materials are highly beneficial in constructing structures that are 
designed to withstand moderate to severe blast loadings. 
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Chapter 9 
Fiber—Metal Laminate Panels Subjected 
to Blast Loading 


G.S. Langdon, G.N. Nurick, D. Karagiozova, and W.J. Cantwell 


Abstract Fiber—metal laminates (FML) are hybrid metal and composite structural 
materials that have been attracting interest due to the improved fatigue and im- 
pact resistance reported in the literature (J Mater Proc Tech 103:1—15, 2000; Int 
J Impact Eng 18(3):291-307, 1996; Compos Struct 61:73-88, 2003; Appl Com- 
put Mater 11:295-315, 2004). Much less is known about their performance under 
blast loading conditions, as until recently there was very little written in the lit- 
erature on this subject. This chapter reviews experimental and numerical studies 
that focus on the blast response of FMLs manufactured from aluminium alloy and 
glass fiber-reinforced polymer layers. Herein, the difference in response to localized 
and uniformly distributed blast loading are reviewed, application of nondimensional 
analysis techniques used for steel are described, and any potential advantages of 
FMLs over the equivalent areal density metal panels are highlighted. 


Keywords Fibre metal laminates - Composites - Panels - Blast - Debonding 
failure - Fracture - Aluminium - Themoplastics - Impulsive loading - Plates 


9.1 Introduction 


Recent world events have demonstrated that the risk of subversive activity contin- 
ues to be evident. Those at risk from the threat of blast loading (aside from the 
general public) include those working in the military, landmine clearance, trans- 
port, defence, and offshore petroleum storage industries. Mitigation measures are 
often used to reduce the damaging effects of blast loading upon structures, plants, 
and personnel. These measures are broadly classified as either active or passive 
systems. Active systems are those that are actively deployed in response to a blast 
event. Few active systems are used in practice because of the time required to detect 
and deploy the active measure. Passive systems are present within the structure 
and do not require anything to activate them. For most applications, passive sys- 
tems are preferred as they do not rely upon detection and deployment mechanisms. 


A. Shukla et al. (eds.), Dynamic Failure of Materials and Structures, 269 
DOI 10.1007/978-1-4419-0446-1_9, © Springer Science+Business Media, LLC 2010 


270 G.S. Langdon et al. 


Ti QUIT oe 4 
tere ran 
ms 


comeneunies 
> es 


Ceieiiaret susie try 


Fibre reinforced metal 


composite matrix 


Fig. 9.1 Schematic showing the composition of a typical fiber—metal laminate structure 


Passive systems have been used with great success in the transport industry as 
demonstrated, for example, by the “crush systems” in passenger vehicles. Passive 
mitigation systems in blast scenarios make use of various mechanisms, including: 
impedance mismatching, blast wave deflection, disruption of the blast wave, blast 
wave containment using plastic deforming structures, and sacrificial cladding. 

Fiber-metal laminates (FMLs) are hybrid structural materials comprising inter- 
leaved metal sheets and fiber-reinforced polymer, as shown in the schematic in 
Fig. 9.1. They were developed as lightweight alternatives to structural metals. Alu- 
minium is, at present, the most common choice for the FML metal (Vogelesang 
and Vlot 2000; Vlot 1996; Hoo Fatt et al. 2003; McCarthy et al. 2004; Villanueva 
and Cantwell 2000, 2004; Compston et al. 2001), although FMLs with magnesium 
and titanium sheets are in the development stages (Cortes and Cantwell 2006a, b). 
The most commonly used FML is GLARE®, which comprises thin aluminium 
sheets and glass-fiber-reinforced epoxy (a thermoset). GLARE® is used in the 
aerospace industry due to its superior fatigue resistance (Vogelesang and Vlot 2000). 
A number of researchers have studied the impact properties of FMLs, most notably 
of GLARE® (Vlot 1996; Hoo Fatt et al. 2003; McCarthy et al. 2004) and thermo- 
plastic based FMLs (Villanueva and Cantwell 2000; 2004; Compston et al. 2001). 
Although the initial use of GLARE® in aircraft was from a drive to improve the fa- 
tigue properties of aircraft components, recently GLARE® has been used because 
of its improved impact properties, relative to monolithic aluminium of the same areal 
density (Hoo Fatt et al. 2003). An increase in the ballistic limit of 15% has been 
reported for GLARE© (Hoo Fatt et al. 2003) and an almost 50% increase for ther- 
moplastic based FMLs was reported by Compston et al. (Compston et al. 2001). Hoo 
Fatt et al. (Hoo Fatt et al. 2003), while studying the ballistic resistance of GLARE®, 
developed an analytical solution that estimated the percentage of energy absorbed 
by mechanisms such as bending, membrane action, delamination, and tensile frac- 
ture. For “thin” GLARE® panels, bending and membrane action absorbed 92% of 
the energy, whereas for thicker panels this decreased to 84%. More energy was ab- 
sorbed by delamination failure in thicker panels (9%) compared to “thin” panels 
(2%) (Hoo Fatt et al. 2003). 

The use of FMLs in passive mitigation systems to contain a blast, with- 
out rupture, by absorbing the energy through irreversible deformation processes 
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was presented by Fleischer (Fleisher 1996). Fleischer presented test results on a 
lightweight luggage container based on GLARE® and reported that it was capa- 
ble of withstanding a bomb blast greater than that in the Lockerbie air disaster 
(Fleisher 1996). Information about the precise design was not given, nor were many 
experimental details provided. Despite the successful development and certification 
of the GLARE® unit load device, it has yet to come into use in most aircraft due to 
its increased cost compared to the current aluminium containers. More recent work 
by Langdon et al. (Langdon et al. 2008, 2005, 2007a, b, c; Lemanski et al. 2007) 
reports an extensive investigation into the response of thermoplastic based FMLs to 
blast loading. Langdon et al. (Langdon et al. 2005) performed a preliminary inves- 
tigation on small-scale FML panels manufactured from aluminium alloy and three 
different composite materials. The results indicated that, in nondimensional form, 
the mid-point displacements of the different configurations of FML panels corre- 
lated with those obtained for monolithic aluminium plates. This was an unexpected 
result given the completely different failure mechanisms observed in the different 
types of panels (Langdon et al. 2005). The main focus of subsequent work has 
been on the blast response of aluminium alloy and woven glass-fiber polypropylene 
(GFPP) based FML panels as reported in (Langdon et al. 2007a, b; Lemanski 
et al. 2007). This chapter presents a review of the experimental work reported in 
Langdon et al. (2008, 2007a, b, c) and Lemanski et al. (2007) and recent modeling 
work by Karagiozova et al. (2009, b) on the blast response of thermoplastic based 
FML panels. 


9.2 Blast Loading Studies on FMLs: Defining 
the Structural Materials 


9.2.1 Materials 


The FMLs were manufactured from sheets of 0.6-mm thick 2024-O aluminium al- 
loy and woven GFPP, cut to the required size (400mm x 400mm). To promote 
better adhesion with the composite material, a chromate coating was applied to the 
aluminium alloy sheets, and a polypropylene interlayer (Xiro 23.101) was placed 
between the layers of aluminium alloy and composite blocks. The various layers 
were stacked in the required sequence in an aluminium mould. The mould was 
placed in a fan-assisted oven and heated to the processing temperature of the com- 
posite (185°C) and cold-stamped at approximately 1,300kPa. The panel remained 
under pressure in the (initially cool) press until it reached ambient temperature, en- 
suring the rapid rate of cooling required to achieve a low degree of crystallinity 
within the semi-crystalline polypropylene matrix. More details on the manufactur- 
ing procedure were presented in Langdon et al. (2007a). 
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9.2.2 Important Properties of FMLs 


The mechanical properties of FMLs are determined by the combination of the 
constituent material properties, based on the volume fraction of aluminium, 
polypropylene, and GFPP within the panel. This approach to estimating the proper- 
ties is commonly known as the “Metal Volume Fraction (MVF)” approach and was 
shown by Wu et al. (Wu et al. 1994) to result in reasonable correlation. Villanueva 
and Cantwell (Villanueva and Cantwell 2000) performed tensile tests upon FMLs 
similar to those in Langdon et al. (2007) and found that the stress-strain curve was 
approximately linear up to an initial failure strain, dipped sharply, and exhibited 
a relatively low residual strength. The tensile modulus decreased linearly with an 
increase in composite volume fraction, while the tensile strength increased with an 
increase in volume fraction (Villanueva and Cantwell 2000) — both of these relation- 
ships followed logically from application of the MVF approach to estimating global 
material properties. Simmons et al. (Simmons et al. 2005) performed a limited num- 
ber of tensile tests upon the same configuration FMLs, using specimens cut from the 
same batch of panels as those blast tested in (Langdon et al. 2007a). The relevant 
results obtained by Simmons et al. (Simmons et al. 2005) are presented in Table 9.1. 
There were gripping problems encountered during the tests (Simmons 2005). 

When conducting mechanical tests on hybrid structures such as FMLs, it is im- 
portant to account for the presence of residual stresses. Such stresses result from 
differences in the coefficients of thermal expansion of the constituent materials and 
the presence of thermal stresses can influence the dynamic response of the FML. 
Previous work on a 3/2 ARALL FML showed that following manufacture, a resid- 
ual stress of approximately 26 MPa is present in the aluminium layers whereas a 
compressive stress of approximately 60 MPa is developed in the composite plies 
(Afaghi-Khatibi et al. 2001). Research has shown that it is possible to reverse the 
sign of the residual stresses in the composite and aluminium layers by stretching 
the laminate after curing until some small residual plastic strain is developed in the 
metal layers (Afaghi-Khatibi et al. 2001). Post-stretching the FML in this manner 
can greatly enhance the fatigue resistance of the laminate, although studies have 
shown that it can reduce the compressive strength of the hybrid (Marissen 1989). 
It should also be noted that stacking sequences tend to be symmetrical because 
asymmetrical lay-ups result in curved panels due to the stress distribution devel- 
oped during the cooling process. 

The blast resistance of an FML is likely to depend on the fracture toughness of the 
structure. The toughness of an FML depends on a number of parameters including 


Table 9.1 Tensile tests results for aluminium alloy 2024-O/GFPP FMLs (Simmons et al. 2005) 


Specimen Mean thickness Density Tensile Modulus Initial strain to 
type (mm) (kg/m?) (GPa) UTS (MPa) failure (%) 
A2T12 2.39 2042 30.7 175.5 2.6 

A2T14 3.34 1883 35.7 264.5 2.6 

A2T18 5.36 1693 29.9 260.4 3.2 


A3T22 4.08 1987 51.9 234.9 2.9 
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the interfacial fracture toughness of the composite—metal interface, the MVF as 
well as the fracture properties of the composite and metal layers (Afaghi-Khatibi 
et al. 2001). A number of studies have been undertaken to characterize the fracture 
properties of the composite-metal interface (Villanueva 2002; Lawcock et al. 1997). 
Lawcock et al. (Lawcock et al. 1997) conducted double cantilever beam tests on 
an aluminium/carbon fiber epoxy system with different levels of adhesion across 
the bi-material interface. Samples exhibiting strong interfacial bonding resulted in 
interlaminar crack propagation within the composite whereas those with weak ad- 
hesion failed along the interface at relatively low fracture energies. 

Villanueva and Cantwell (Villanueva and Cantwell 2000) conducted tests on an 
aluminium/glass fiber reinforced PP hybrid and showed that the fracture properties 
of this key interface are sensitive to loading rate, with the interfacial toughness ini- 
tially increasing with crosshead displacement rate before decreasing at higher rates. 
Villanueva (Villanueva 2002) conducted single edge notch bend tests to character- 
ize the transverse fracture energy (across the fiber direction) of FMLs. Here, it was 
shown that increasing the composite volume fraction in a glass fiber/PP FML re- 
sulted in a significant increase in the fracture toughness of the FML. Subsequent low 
velocity impact tests showed that this increase in transverse fracture energy resulted 
in a similar increase in the perforation resistance of the FML (Villanueva 2002). 


9.2.3 Naming Convention 


FML configurations are usually expressed using shorthand notation that describes 
the lay-up configuration, for example as 2/1 (2 layers aluminium, | block of com- 
posite), 3/2, and 4/3. To describe the stacking configuration, the notation method 
used by Langdon et al. (Langdon et al. 2007a, b; Lemanski et al. 2007) will be used. 
The first digit indicates the number of layers of metal (X layers) and the second 
digit indicates the number of blocks (grouped plies) of composite (Y = X-1). All 
the stacking sequences were symmetrical. 
Panel configurations are identified according to AX CY Z — #, where 


A, aluminium alloy 

X, number of layers of metal. Metal layers are spaced equally through the thick- 
ness of the laminate, with one aluminium layer placed on the front face, and one on 
the back face. 

C, composite used: 

T = Woven Glass-Fiber Polypropylene (GFPP) 

N = Glass-Fiber Polyamide 6,6 (GFPA) 

Y , number of blocks of woven composite. The blocks of composite, for the sake 
of simplicity, are all of equal thickness, and each block is placed between the alu- 
minium layers. 

Z, number of plies of glass fiber cloth used in each block of woven composite. 

# indicates the panel number. 
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9.3 Localized Blast Loading Response 


9.3.1 Overview of Test Programme 


Over sixty blast experiments were reported by Langdon et al. (Langdon et al. 2007; 
Lemanski et al. 2007) on panels with 12 different stacking arrangements, ranging 
from 2 layers of aluminium and | block of GFPP to panels with 5 layers of alu- 
minium and 4 blocks of GFPP. The 400 mmx 400 mm panels were clamped between 
two steel clamping frames, giving an exposed area of 300 mm x 300 mm. The clamp 
frames were mounted onto a ballistic pendulum, as shown in Fig. 9.2. PE4 plas- 
tic explosive was moulded into a 30-mm diameter cylindrical shape (a disc) and 
mounted to a 14-mm thick sheet of polystyrene. The mass of explosive was varied 
to change the impulse applied to the panels. The detonator was attached to the center 
of the disc using | g of explosive, referred to as a “leader.” Localized blast loading 
was obtained by detonating the PE4 plastic explosive located at the center of the 
panel. Several panels of each configuration were tested. An overview of the test ma- 
trix is given in Table 9.2. The results reviewed herein refer to panels with the warp 
and weft fibers of the woven GFPP composite aligned parallel to the panel edges, 
unless otherwise indicated. Additional tests were performed with the weave at 45° 
to the panel edges, and others with a smaller load diameter of 20 mm. These are not 
included in Table 9.2, but are described herein; further details of these can be found 
in Langdon et al. (2007) and Lemanski et al. (2007). 


9.3.2 Results 


The blast test results appeared to show two distinct types of response, determined by 
the overall panel thickness (Langdon et al. 2007a, b; Lemanski et al. 2007). Thinner 
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Fig. 9.2 Photograph of blast experimental arrangement 
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Table 9.2 Overview of localized blast test programme on Al/GFPP FMLs with GF weave parallel 
to sides (30-mm charge diameter), with impulse ranges for tests in parentheses 


No. of Number of GFPP plies per block 
aluminium 
layers 4 6 8 
2 4 tests 2 tests 0 tests 4 tests 

(10.3—22.6 Ns) (5.9-6.6 Ns) (7.7-10.2 Ns) 
3 4 tests 6 tests 5 tests 6 tests 

(7.6-10.7 Ns) (3.8-16.2 Ns) (7.8-14.5 Ns) (10.3-19.0 Ns) 
4 5 tests 5 tests 4 tests 9 tests 

(4.7-10.3 Ns) (7.0-16.6 Ns) (11.6-20.4 Ns) (11.1-29.9 Ns) 
5 5 tests 0 tests 0 tests 0 tests 

(8.9-14.7 Ns) 


Back face 


Front face 


Fig. 9.3. Photograph of a typical “thin” panel (A2T14—2) subjected to an impulse of 5.9 N s (show- 
ing central region of panel only) 


panels deformed in a similar way to monolithic metal plates, undergoing membrane 
action and deforming as one unit, due to the relatively high proportion of aluminium 
within those configurations. Small diamond shaped damage was also evident on the 
back faces of the thinner panels, due to debonding between the back aluminium 
sheet and the adjacent composite block. A photograph of the damage suffered by a 
typical “thin” panel is shown in Fig. 9.3. 

Pitting was observed on the front faces of the panels, and is shown in the photo- 
graph in Fig. 9.3a, but this surface effect did not influence the overall deformation of 
the panels. Pitting seemed more severe at higher charge masses. Ring buckling was 
also observed on the front face, particularly for the thicker FML panels. An example 
of ring-buckling damage is evident in the photograph in Fig. 9.4a. 

Thicker panels contained proportionally more GFPP than the thinner panels and 
behaved less like monolithic metal plates. Back face debonding, both in terms of 
overall back face displacement and debonded area, was more prevalent in the thicker 
panels and the panels did not show signs that the layers had undergone much mem- 
brane action. Diamond and cruciform shaped damage was evident of the back faces 
of thicker FML panels. Photographs of the damage exhibited by typical “thick” 
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oriented at 45° to panel edges, 17.0 Ns 


Fig. 9.4 Photographs of typical “thick” panels subjected to localized blast loading 


panels are shown in Fig.9.4. The diamond shape damage (evident in Figs. 9.3b 
and 9.4b) is frequently observed in impact testing of woven composite materials. 
Sierakowski and Chaturvedi (Sierakowski and Chaturvedi 1997) describe the dia- 
mond shaped damage as equiaxed rectangles, for example. 

An unusual cruciform debonding shape, shown in Fig. 9.4c, was observed after 
tests on the thickest FML panels. This shape had not been reported in the literature 
on impact damaged woven composites but Langdon et al. (Langdon et al. 2007a, b) 
believed it to be due to complex stress wave interaction within the woven composite- 
metal structure. Langdon et al. (Langdon et al. 2007a, b; Lemanski et al. 2007) 
reported test results from FML panels with the GFPP fibers aligned + 45° to the 
panel edges and the cruciform-shaped damage was also rotated by 45°, as shown 
for a typical example in Fig. 9.4d. 

Shim et al. (Shim et al. 2007) recently presented high-speed footage of impact 
tests upon Spectra Shield (®) (orthogonal plies of polyethylene fiber tape sandwiched 
between thermoplastic films). The footage showed that, for a certain range of impact 
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Fig. 9.5 Photographic still taken from high-speed footage, showing transient response of Spectra 
Shield® subjected to 289m s~! impact velocity (Marissen 1989) 


velocities, cruciform-shaped delamination transiently occurred within the Spectra 
Shield® due to tension in the yarns (prior to perforation), but disappeared upon 
rebound (Shim et al. 2007) (Fig. 9.5). 

These observations by Shim et al. (Marissen 1989) provide insight into the dam- 
age process within the FMLs, suggesting that the cruciform shape observed in 
the FML could be due to the transient behavior of the composite. The aluminium 
debonded and deformed plastically as the cruciform-shaped deformation of the com- 
posite occurred (which was due to the stress wave traveling along the woven yarns 
as originally proposed in (Langdon et al. 2007a, b; Lemanski et al. 2007). Subse- 
quently, the GFPP layers rebounded upon unloading but the aluminium back face 
could not recover hence leaving the cruciform shape evident during post test inspec- 
tion (Langdon et al. 2007a, b). 

Multiple debonding of the inner layers of aluminium were also evident failure 
modes in thicker FML panels. This finding was similar to the results of energy 
calculations by Hoo Fatt et al. (Hoo Fatt et al. 2003) for the ballistic response of 
GLARE®. In (Hoo Fatt et al. 2003), the energy calculated to be absorbed by bend- 
ing and membrane action was much higher for the thin panels when compared to the 
thicker GLARE© panels. The results differ when comparing delamination failure — 
in GLARE® delamination was a significant failure mode, whereas for GFPP-based 
FMLs delamination (within the GFPP block) was not observed. Debonding of the 
aluminium-—composite interface was common herein, something not observed by 
Hoo Fatt (Hoo Fatt et al. 2003). 

Langdon et al. (2007a, b) and Lemanski et al. (2007) sub-divided the panels into 
five groups but for the purposes of a general overview it is sufficient to separate the 
panels into two groups characterized by the sum of the number of plies of GFPP and 
the number of sheets of aluminium: 


e “thin” (less than 12 total layers) 
e “thick” (12 or more layers). 


The difference between “thin” and “thick” panel response were also evident within 
a nondimensional analysis of the results reported by Lemanski et al. (Lemanski 
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Fig. 9.6 Graph of back face debonding lengths (as a percentage of undeformed mid-line width 
UMW) versus Impulse, from localized blast test data on FML configurations containing four layers 
of aluminium (Langdon et al. 2007) 


et al. 2007); and it was concluded that thicker panels deform less for a given im- 
pulse than thinner panels. The influence of GFPP block thickness upon debonding 
length was examined within panel configurations containing the same number of 
aluminium layers (Langdon et al. 2007b). In all cases, as the impulse increased, 
the debonding increased (as might be expected). Back face debonding length was 
plotted against impulse for panels with four layers of aluminium, as shown in 
Fig. 9.6. The results in Fig. 9.6 show that the “thin” A4T32 panels suffered much 
less debonding than any of the “thick” configurations for similar impulses. Within 
the so-called thick panel groups, debonding lengths were greater in those panels 
with thinner GFPP layers for a given impulse. For example, the debonding lengths 
were greatest in the A4T34 panels, and decrease as the number of GFPP plies in- 
creased, with the A4T38 panels showing less debonding than the A4T34 panels (but 
still more than the A4T32 panels). 

At higher impulses, many panels suffered tearing failures of the glass fibers and 
aluminium layers. The impulse at which tearing of the back face was initiated was 
considered to be a parameter of particular interest when considering the blast resis- 
tance of FMLs (Lemanski et al. 2007; Langdon et al. 2007b). Thick panels exhibited 
larger back face displacements before the onset of back face tearing, as the damage 
was spread over a larger area, hence this limited plastic strain localization at any one 
point and delayed the onset of rupture. The onset of back face tearing failure was 
shown to occur when the product of nondimensional impulse and panel thickness 
reached a constant value (units of millimeters). This meant that the tearing threshold 
impulse was linearly proportional to panel thickness (Lemanski et al. 2007). 
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9.4 Uniformly Distributed Blast Response 


9.4.1 Overview of Test Programme 


Over 35 blast experiments were reported by (Langdon et al. (2008) on panels with 
nine different stacking arrangements, ranging from two to five sheets of aluminium 
with GFPP blocks of varying thickness spaced evenly between the aluminium 
sheets. The uniformly loaded panels were smaller than the locally loaded panels. 
The panels had dimensions of 300 mm x 300 mm panels giving an exposed area of 
200 mm x 200 mm once clamped between two thick steel frames. The clamp frames, 
similar to those in Fig. 9.2, were mounted onto a ballistic pendulum. 

The explosive was laid out in a special pattern to develop a blast load on a panel 
that had an approximately uniform spatial distribution. The adopted approach was 
devised by Bodner (Bodner 1980) and used by Nurick et al. (Teeling-Smith and 
Nurick 1991) for explosive testing on metal plates. The PE4 explosive was laid out 
in two concentric square annuli, connected via two cross-leaders and detonated in 
the center, as shown in Fig. 9.7. The explosive was mounted onto a 14-mm thick 
sheet of polystyrene. The impulse applied to the panels varied from 9.6 to 69.9N s 
by varying the mass of PE4 between 11.6 and 36.5 g (Langdon et al. 2008). An 
overview of the test matrix is given in Table 9.3. 


Clamp 


explosive 
frame P 


detonator 


Fig. 9.7 Photograph of explosive layout to obtain approximately uniform blast loading 


Table 9.3. Overview of uniformly distributed blast loading tests on Al/GFPP FML panels 


No. of Number of GFPP plies per block 
aluminium 
layers 1 2 4 8 
2 0 tests 2 tests 3 tests 6 tests 
(10.3-14.7 Ns) (12.8-31.3 Ns) (16.3-56.1 Ns) 
3 3 tests 4 tests 6 tests 4 tests 
(12.5-39.3 Ns) (10.9-56.7 Ns) (9.6-69.9 Ns) (12.2-56.0 Ns) 
4 0 tests 5 tests 0 tests 0 tests 
(14.2-67.1 Ns) 
5 0 tests 2 tests 0 tests 0 tests 


(39.5-56.6 Ns) 
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9.4.2 Results 


Uniformly loaded panels were reported to withstand much higher impulses than 
their locally loaded counterparts (Langdon et al. 2008, 2007c). Some thinner con- 
figurations were tested that would not have withstood even small localized blast 
loads to evaluate the influence of the composite thickness. Photographs of typical 
panel back faces are shown in Fig. 9.8. 

A greater volume of the panel was involved in the deformation and failure pro- 
cesses, as the load was spread over a larger area. This made the panel more efficient 
at resisting the blast load than in the locally loaded case and made better use of the 
properties of the glass fibers, since the deformation was resisted more by membrane 
action and glass fibers perform better in tensile loading conditions. 

The diamond and cross-shaped damage was not evident on the back faces and 
ring-buckling of the front face was not observed, in contrast to the response of FMLs 
to localized blast loading. 

Linear trends of increasing front and back face displacements with increasing 
impulse were observed within a panel configuration (Langdon et al. 2008). It was 
also shown that thicker panels (those with a higher total number of composite 
plies and aluminium sheets) generally displaced less, for a given impulse, than 


a Large global deformation b Multiple debonding C Back face tearing 


Boundary 
pull-in 


Plastic de- 
formation 


A4T32 (56.4 Ns) A3T38 (56.0 Ns) 


Fig. 9.8 Photographs of the back faces of uniformly blast loading FML panels 
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their counterparts with fewer layers (Langdon et al. 2008), as might be expected. 
Similar trends have been observed in the literature for uniformly and locally loaded 
monolithic metal plates (Nurick and Martin 1989; Jacob et al. 2007; Yuen and 
Nurick 2005; Langdon et al. 2005; Hole and Librescu 2008) and locally blast-loaded 
FMLs (Langdon et al. 2005; Langdon et al. 2007a). Large plastic displacement, back 
face debonding, debonding of internal aluminium layers, front face pitting, stretch- 
ing, and (at higher impulses) tearing of the aluminium and front face buckling were 
all observed failure mechanisms. 


9.5 Combining the Results 


Nondimensional analysis is often used to compare the results from experiments 
performed on dissimilar materials, at different scales and under different loading 
conditions. For quadrangular blast-loaded metal plates the expression developed by 
Nurick and co-workers (Nurick and Martin 1989; Jacob et al. 2007) has proved a 
useful basis for making such comparisons. The expression for nondimensional im- 
pulse , was used by Langdon et al. (Langdon et al. 2008) to compare the locally 
and uniformly loaded test results and is given in (9.1). 


BL 


212 (BLpo) 2 


where p = material density, o = characteristic material stress, B = plate width, 
I = impulse, L = plate length, t = plate thickness, Ro = load radius of the 
centrally located disc of explosive. 

For uniformly distributed loading, the expression in parentheses in the numerator 
of (9.1) approaches unity. 

The expression given by (9.1) was developed for monolithic metal plates where 
it is possible to obtain a characteristic stress for each material considered. How- 
ever, an FML does not have a single characteristic stress such as quasi-static yield 
strength because it is made from more than one material. The aluminium and GFPP 
components have stress-strain characteristics that are dissimilar (aluminium being 
elastic-plastic with gradual yielding, and GFPP being elastic almost up to the point 
of failure). To overcome this difficulty, o was defined as the global (smeared) ulti- 
mate tensile strength (UTS) of the particular FML configuration determined either 
from quasi-static tensile tests or estimated using the MVE approach (Wu et al. 1994), 
which gives a way to combine the different stress—strain behaviors of the GFPP and 
aluminium layers. UTS, rather than yield strength, was used since the UTS magni- 
tudes of aluminium and GFPP occur at similar strains. Despite the global smearing 
approximation, Lemanski et al. (Lemanski et al. 2007) was able to obtain linear 
relationships between nondimensional back face displacement and nondimensional 
impulse. 
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Following (Lemanski et al. 2007), Langdon et al. (Langdon et al. 2008), plot- 
ted the nondimensional displacement of the front and back faces of the uniformly 
loaded FMLs panels against the nondimensional impulse on the same axes as the 
localized blast test data. This is shown in Fig. 9.9. The data from the uniformly dis- 
tributed tests are indistinguishable from the data from locally loaded panels for large 
inelastic deformation response (as previously observed for metal plates). 
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Fig. 9.9 Graph of displacement-thickness ratio versus nondimensional impulse for the front and 
back faces of the blast tested FML panels 


9 Fiber—Metal Laminate Panels Subjected to Blast Loading 283 


Trend-lines were fitted through all of the data and (9.2) and (9.3) describe the 
linear relationships (Langdon et al. 2008): 
For the front face, 


5 
7 = 0.93 — 0.72 (9.2) 


For the back face, 
6 
= = 0.80¢q + 0.73 (9.3) 


9.6 Modeling 


Karagiozova et al. (Karagiozova et al. 2008a, b) (recently performed computational 
simulations of the localized blast loading experiments on FML panels reported by 
Langdon et al. (Langdon et al. 2007). The purpose of this study was to analyze 
the transient deformation processes in order to clarify the mechanisms of deforma- 
tion and failure. A second objective was to analyze the performance of these hybrid 
materials when compared to monolithic panels made of conventional ductile met- 
als (namely aluminium alloy and mild steel). A number of modeling challenges 
were overcome during the analyses of the blast loading responses of the FML pan- 
els. Karagiozova et al. (Karagiozova et al. 2008a, b) (used ABAQUS/Explicit, a 
commercially available code, to model the panel behavior. This section discusses 
the modeling challenges and presents a brief comparison of the simulation and 
experimental results. Further details are available in (Karagiozova et al. 2008). 


9.6.1 Modeling Challenges 


9.6.1.1 Defining the Load 


An explosion in air causes blast loading, which is highly intensive short duration 
loading that is difficult to measure and hence is difficult to prescribe in a Lagrangian 
code such as ABAQUS/Explicit. The procedure commonly taken by Nurick and co- 
workers (Yuen and Nurick 2005; Langdon et al. 2005), when modeling monolithic 
metal panels response to localized blast loading, is to idealise the blast loading as a 
pressure loading related to the impulse calculated for each experiment. The pressure 
loading is a function of both time and distance from plate center, but is assumed to 
be impulsive, meaning that the exact form of the loading in time is unimportant. 
The pressure—time function is usually assumed to be a rectangular pulse, with an 
instantaneous rise time, peak pressure Po. 

However, the compressibility of sandwich structures is known to cause a sig- 
nificant fluid-structure interaction under blast (Hole and Librescu 2008). This 
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Fig. 9.10 Spatial distribution of the idealised pressure loading used in ABAQUS/Explicit 
(Karagiozova et al. 2008) 


effect was investigated for FML panels using the AUTODYN hydrodynamic code 
(http://www.ansys.com/Products/autodyn.asp). These simulations revealed that, due 
to the compressive composite core material, the pulse duration, which characterizes 
the blast load, is larger than the pulse acting on a monolithic plate of equal mass 
and is well described by an exponentially decaying time function. The load duration 
was varied with the variation of the total impulse and the thickness of the GFPP 
blocks. The spatial pressure distribution was idealised as uniform over a small 
central region, and as an exponentially decaying function as shown in Fig. 9.10. 


9.6.1.2 Modeling Debonding Failure 


Delamination within a block of GFPP occurred very rarely in the blast tests re- 
ported in (Langdon et al. 2007a) and so this failure mode was not included as a 
possibility within the modeling (Karagiozova et al. 2008). Because of computa- 
tional constraints, the GFPP was modeled as an elastic orthotropic material and 
the detailed structure of the woven material (GFPP) was not considered. The ob- 
served debonding at the interface of the GFPP and aluminium sheets (Langdon 
et al. 2007a, b; Lemanski et al. 2007) was modeled using the potential of cohe- 
sive interface elements (Espinosa et al. 2000). The cohesive tractions are related to 
the relative displacements of the cohesive surfaces by a constitutive law that sim- 
ulates the accumulation of damage through progressive decohesion in the process 
zone while the initiation and progression of damage are explicitly incorporated in 
the formulation of the element. This technique was used to model the initiation and 
development of debonding between the aluminium layers and woven fabric blocks. 
A stress-based quadratic criterion was used to assess the beginning of the decohe- 
sion stage. The evolution of damage was controlled by the energy dissipated as work 
of separation during the decohesion process. Fracture energy values were verified 
by the available experimental results for low-velocity impact delamination initiation 
(Villanueva 2001). 
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9.6.1.3 Strain Rate Effects in the FML Panels 


The high intensity localized blast was found to cause a rapid local compression 
in the transverse direction of the woven material. The through-thickness com- 
pression modulus is known to increase significantly under a rapid dynamic load 
(Zengeni 2007). From experiments (Govender 2007) it was found to reach about 
4.8 GPa at strain-rates of the order of 10*s~!. The use of a constant high value 
transverse elastic modulus is verified by the fact that the highest strain rates oc- 
cur during the very short compression phase of the GFPP blocks governed by this 
elastic modulus. The compression properties of the woven material do not play a 
significant role in the deformation of the FML panel after the compression phase of 
deformation. 


9.6.2 Comparison with Experiments 


A comparison between photographs of deformed FML panels and the simulation 
results are shown in Fig.9.11 for three typical panels each with four layers of 
aluminium alloy and three GFPP blocks with different thicknesses. Reasonable 
correlation of mid-point displacements was observed and some of the failure mech- 
anisms evident in the experiments were detected in the simulation predictions, 
namely: large plastic deformation, debonding of the back face, and multiple debond- 
ing of the internal aluminium layers. Buckling of the internal aluminium layer in 


A4T32, 7.23 Ns 


b Back face debonding 
internal debonding 
A4T24, 11.84 Ns 
Buckling of internal 
c aluminium layer 


internal debonding 


A4T36-5, 17.25 Ns 


Fig. 9.11 Cross-sections of the deformed FML panels, numerical simulations (right-hand side) 
compared with the experimental results (/eft-hand side) (Karagiozova et al. 2008) 
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Fig. 9.12 Comparison between an FML panel and an aluminium alloy monolithic plate of equal 
mass subjected to a blast loading with J = 9.06 Ns, to = 7ms (Karagiozova et al. 2008) 


panel A4T36—5, as shown in Fig. 9.1 1c, was also captured by the simulation. The 
difference in responses between “thin” and “thick” panels was evident in the sim- 
ulation results. The “thin” A4T32 panel deformed almost as one unit, with a small 
amount of centralized debonding on the back face. The “thick” panels, for exam- 
ple A4T36-5, contain thicker GFPP blocks and show greater amounts of other 
composite-dominating failure modes such as debonding. The exact shapes of the 
debonding of the back face were not completely captured, nor were the large local 
deformations of the front face. However, the energies associated with debonding, 
deformation predicted by the simulations (Karagiozova et al. 2008) were similar to 
those estimated by Langdon et al. (2007) from the experimental data. 

Numerical simulations of monolithic aluminium plates were compared with the 
simulations of equal mass FML panels. It was observed that the FML panels outper- 
formed the aluminium panels as shown in Fig. 9.12 where large mid-point deflection 
and considerable damage are observed in the simulated response of the monolithic 
plate while smaller deflections without damage occur in the tested FML panel. 


9.7 Blast Response of FMLs Based on Other Composites 


9.7.1 Glass Fiber PolyAmide 6,6 (GFPA) 


9.7.1.1 Defining the Al/GFPA FMLs 


FML panels were manufactured from 2024-O aluminium alloy and preformed 
sheets of woven glass fiber in a polyamide matrix (commercially available as Tepex 
Dynalite®) (Tepex Dynalite PA66 consolidated composite laminate 2003). A thin 
sheet of polypropylene slitted film was placed at each interface during the stacking 
process, at both the GFPA-GFPA and GFPA-AI alloy interfaces, the authors were 
unable to join the GFPA preformed sheets directly. The stacked layers were then 
heated to 165°C in a fan assisted oven and cold stamped at a nominal pressure 
of 220kPa. 300 mm x 300mm panels were manufactured to give an exposed area 
of 200mm x 200mm, the same as that used for uniform loading tests on GFPP 
based FMLs. 
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9.7.1.2 Localized Blast Testing 


Localized blast test results were reported by Langdon et al. (2007c). The tests 
were performed in the same way as those described in Sect. 9.3.1. A load diame- 
ter of 20mm was used to maintain the load diameter-side length ratio of 0.1 used 
in previous testing of FML panels. Fourteen blast tests on five different stacking 
arrangements were performed. Photographs of three tested panels are shown in 
Fig. 9.13. The results (shown in Table 9.4) were disappointing as the panel perfor- 
mance was hampered by the manufacturing process; the bonds were only as strong 
as the polypropylene interlayer, which negated some of the potential advantages 
(higher operating temperature, for example) of using polyamide in FMLs. 


Decreasing panel thickness 


c 


A4N38-3 (9.6 Ns) A3N28-3 (9.1 Ns) A4N34-2 (9.7 Ns) 
Fig. 9.13. Photographs of locally blast loaded Al/GFPA FML panels (charge mass = 6 g) 


Table 9.4 Results of localized blast tests on aluminium/GFPA FMLs (Langdon and Nurick GN 
Cantwell 2007) 


Back face 
Mass of PE4 Panel mass Mean thickness Impulse deflection _‘ Failure 

Panel (g) (kg) (mm) (Ns) (mm) Mode 
A2N18-1 3.5 0.95 5.65 6.94 - II 
A2N18-2 3 0.95 5.77 6.27 20.5 I 
A3N24-1 5 1.11 6.43 9.19 - II 
A3N24-2 3 1.11 6.46 5.46 19.8 I 
A3N24-3 4 1.11 6.48 7.51 - II 
A3N28-1 3 1.78 10.84 5.69 14.5 I 
A3N28-2 5 1.76 10.85 8.77 34.8 Ib/I* 
A3N28-3 6 1.75 10.84 9.13 - II 
A4N34-1 3 1.60 9.33 6.04 12.5 I 
A4N34-2 6 1.59 9.32 9.70 - II 
A4N34-3 5 1.59 9.31 8.66 - II 
A4N38-1 8 2.62 16.54 11.86 15:3 I 
A4N38-2 5 2.54 16.05 9.01 13.3 I 
A4N38-3 6 2.54 16.22 9.64 13.3 I 
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9.7.1.3 Uniformly Distributed Blast Testing 


The same procedure used to test GFPP-based FMLs was employed, as described in 
Sect. 9.4.1. Twenty-seven blast experiments were performed on a total on seven dif- 
ferent panel configurations. An overview of the experiments is given in Table 9.5 and 
the results are listed in Table 9.6. The uniformly loaded panels were able to sustain 


Table 9.5 Overview of uniformly distributed blast loading tests on Al/GFPA FML panels 


No. of Number of GFPP plies per block 
aluminium 
layers 1 2 4 8 
2 0 tests 1 test (8.0 Ns) 0 tests 6 tests 
(11.9-57.3 Ns) 
3 5 tests 5 tests 4 tests 3 tests 
(15.6-32.6 Ns) (11.9-49.1 Ns) (40.0—70.2 Ns) (5.7-9.1 Ns) 
4 0 tests 5 tests 0 tests 0 tests 
(33.5-58.9 Ns) 

Table 9.6 Results from uniform blast loading tests on Al/GFPA FMLs 

Thickness Mass of Impulse Back face 
Panel Name Mass (g) (mm) explosive (g) (Ns) disp (mm) 
A2N12_1 520 2.6 11.6 7.97 17.82 
A2N18_1 1060 3.29 11.6 11.86 4.00 
A2N18_5 1060 3.31 15.6 25.95 5.73 
A2N18_2 1060 3.31 17.6 29.48 4.31 
A2N18_3 1060 3.30 22.6 40.99 8.24 
A2N18_4 1060 3.28 26.6 48.73 11.31 
A2N18_6 1080 3.27 30.6 57.29 Torn 
A3N21_1 700 3.34 11.6 15.6 13.99 
A3N21_4 700 3.34 13.6 18.91 17.29 
A3N21_3 680 3.36 15.6 23.31 19.59 
A3N21_5 700 3.39 172 28.63 28.58 
A3N21_2 700 3.33 18.6 32.64 40.63 
A3N22_1 900 4.60 11.6 11.87 6.58 
A3N22_5 900 4.58 15.6 26.59 12.65 
A3N22_2 880 4.60 18.6 33.73 19.19 
A3N22_3 900 4.59 22.6 41.66 18.11 
A3N22_4 880 4.57 26.6 49.06 43.74 
A3N24_5 1280 6.98 18.6 33.09 3.41 
A3N24_1 1240 6.97 22.6 40.00 7.48 
A3N24_2 1240 6.94 26.6 51.24 4.98 
A3N24_3 1240 6.99 30.6 STA 8.23 
A3N24_4 1240 7.00 36.6 70.24 Torn 
A4N32_1 1240 6.53 18.6 33.53 11.15 
A4N32_5 1260 6.55 20.6 36.93 11.71 
A4N32_2 1260 6.55 22.6 40.57 17.49 
A4N32_4 1260 6.50 26.6 50.29 18.52 
A4N32_3 1260 6.57 30.6 58.89 Torn 
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Inc. Mass of Explosive 


Fig. 9.14 Photographs of uniformly blast loaded Al/GFPA FML panel sections (A3N24) 
(Langdon 2006) 


much higher impulses than the locally loaded panels without initiating tearing of the 
back face. For example, A3N24 panels which tore at 7.5. Ns under localized load- 
ing (shown in Table 9.4) were able to sustain over 58 N s without tearing according 
to Table 9.6 (Langdon 2006). Similar trends were observed in the other panel con- 
figurations. GFPA appears better suited to resisting loads when they are applied 
uniformly over its surface as the strain is less localized and enables the whole panel 
to absorb energy. The glass fibers were also less prone to fracture when loaded uni- 
formly. This outcome was similar to that for GFPP-based FMLs. 

Photographs of the A3N24 panel cross-sections are shown in Fig. 9.14. On the 
front face, the panels exhibited pitting and tearing due to the proximity of the explo- 
sive and detonator to the surface. Multiple debonding and delamination was evident 
between the aluminium-composite and GFPA layers respectively. The back face 
had a “rippled” appearance, due to the debonding failure of the Xiro adhesive layer. 
This was not localized to one region of the panel, as had been the case for the lo- 
cally loaded panels. In some cases, a small diamond shape debonded region was 
observed at the center of the back face to the localization of the blast load caused 
by the detonator and its leader. Large plastic deformation was also evident in the 
panel as a whole. At higher impulses (in the 50-70 N s range) tensile tearing along 
the clamped boundary was evident on the back face (Langdon 2006). 


9.7.2 Glass Fiber Epoxy (GLARE®) 


9.7.2.1 Defining the Tested GLARE® Material 


GLARE® is the most widely used FML and comprises glass fiber reinforced epoxy 
and aluminium in various lay-ups. It is used in many structural components on com- 
mercial aircraft, particularly by Airbus (Alderlieston and Homan 2006) because 
of the improvement in fatigue and impact resistant properties. There are different 
types of GLARE® that are used commercially, depending upon the likely service 
loading conditions, and the different types are shown in Table 9.7 (Alderlieston and 
Homan 2006). 
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Table 9.7 Various types of commercially available GLARE® (Alderlieston and Homan 2006) 


GLARE© Al alloy Orientation in 
types thickness (mm) Al alloy each fiber layer Applications 
1 0.3-0.4 7475-T761 0/0 Fatigue, strength 
2 A 0.2-0.5 2024-T3 0/0 Fatigue, strength 
B 0.2-0.5 2024-T3 90/90 
3 0.2-0.5 2024-T3 0/90 Fatigue, impact 
Fatigue, strength in 
4 A 0.2-0.5 2024-T3 0/90/0 0° direction 
Fatigue, strength in 
B 0.2-0.5 2024-T3 90/0/90 90° direction 
5 0.2-0.5 2024-T3 0/90/90/0 Impact 
Shear, off-axis 
6 A 0.2-0.5 2024-T3 +45/— 45 properties 
B 0.2-0.5 2024-T3 —45/+ 45 
0.3 mm 
0.26 mm 


1.42 mm 
90° glass fibres 


0° glass fibres 


Fig. 9.15 Photograph of GLARE 3 cross-section, showing aluminium and GF layers 


Langdon et al. (Langdon et al. 2009) reported the results of blast tests upon 
GLARE 3 panels. A photograph of the cross-section of the GLARE 3 panel, pol- 
ished to a 3 wm surface finish is shown in Fig. 9.15. The cross-section is made from 
three layers of aluminium and two blocks of composite, with the glass fiber di- 
rections as labeled in Fig.9.15. The thickness of the aluminium alloy layers was 
measured from the digital photographs and estimated to be 0.3 mm, which is typical 
of GLARE 3. The thickness of the composite layer was 0.26 mm, and consisted of 
two plies — one with fibers running parallel to the rolling direction (0°) and the other 
transverse to the roll direction (90°). The glass fiber pre-preg is cross-plied to give 
good strength for biaxial loading applications. This type of GLARE® is one of two 
types commonly used for impact applications. 


9.7.2.2 Blast Test Results 


Very close range blast testing resulted in severe damage due to the low thickness 
of the GLARE© panels, as shown in photograph of GLARE panel in Fig. 9.16. 
A large hole was observed in the panel center, with debonding, fiber fracture and 
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Back face view Front face view 


Fig. 9.16 Photographs of locally blast-loaded GLARE 3 panel (4g PE4, 13 mm SOD) 


a b c 


Charge mass = 5 g Charge mass = 9 g Charge mass = 14 g 


Fig. 9.17 Photographs of uniformly blast-loaded GLARE 3 panels 


petalling failure around the hole perimeter (Langdon et al. 2009). In the majority 
of tests, a square tube was used to stand-off the explosive a distance of 200mm 
from the panel (to decrease the load intensity and increase the spatial uniformity 
of the incident blast wave). Charge mass was varied from 4 to 14g. Photographs of 
the back faces of the panels are shown in Fig. 9.17. Yield line formation, typical of 
the response of monolithic metal panel to uniformly distributed pressure loading, is 
evident in some of the panels, as shown in Figs. 9.17a, b. Significant pulling-in of 
the panel edges was evident at higher impulses, which prevented tearing failure of 
the clamped boundary as shown in Fig. 9.17c (Langdon et al. 2009). 


9.7.3 Comparing Different Types of FML Panels 


9.7.3.1 General Comparison 


GLARE® jis a difficult material to obtain outside of the aircraft manufacturing 
industry. The overall thickness of the GLARE 3 investigated by Langdon et al. 
(Langdon et al. 2009) was 1.42 mm, setting it at a disadvantage when compared 
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directly with the other FML types. From the localized blast test it was observed that 
the panels were too thin to resist a blast load in close proximity (13-mm distance). 
Tests were performed at a much larger stand-off distance (200 mm) and the GLARE 
3 panels performed in a similar fashion to monolithic metal plates subjected to uni- 
formly distributed impulsive loading, undergoing large plastic displacements with 
the formation plastic hinges (also known as yield lines) extending from the corners 
toward the panel center. It is anticipated that thicker GLARE® confi gurations would 
be better for blast loading applications although it has not been possible to obtain 
GLARE® in greater thicknesses. GLARE© panels may be suitable for use in unit 
load devices onboard commercial aircraft, although the manufacture of these is ex- 
pensive. Their high cost and lack of availability would prohibit their use in landmine 
protection and street furniture. 

One of the main advantages of using GFPA would have been the improved high 
temperature performance over other thermoplastics. The GFPA FMLs responded 
more efficiently when subjected to uniformly distributed blast loading, a result 
which is generally true for all FML panel configurations. The GFPA-based FMLs 
were not particularly ductile, and required a polypropylene interlayer to bond them 
effectively. The need for an interlayer material reduces the high temperature ad- 
vantage of GFPA over a cheaper thermoplastic such as GFPP. This material is not 
recommended for use in any of the above applications, at least until the bond- 
ing between the metal and the composite can be obtained without the use of a 
polypropylene interlayer — this may be possible by large-scale manufacturing tech- 
niques not used in the studies reported (Langdon et al. 2007c; Tepex Dynalite PA66 
consolidated composite laminate 2003). 

GFPP is the cheapest of the composite materials used to manufacture FMLs. It is 
readily available and offers good fracture toughness properties. Many configurations 
of FML panels containing GFPP were tested under close range (13-mm stand off) 
localized and uniformly distributed blast loads (Langdon et al., 2008, 2007a, b, c; 
Lemanski et al. 2007). Again, the FMLs performed better under uniform loading 
as more of the material is involved in resisting the blast and absorbing the energy. 
There may be problems using this material onboard aircraft as its glass transition 
temperature is —20°C, which is within the operating temperature range of an air- 
craft and would lead to an undesirable change in properties from rubbery to glassy. 
However, it may still be a suitable material for use in other blast protection scenar- 
ios. Since glass transition temperature discounts its use onboard aircraft, weight is 
less of a premium for the GFPP-based FMLs and cost may be the overriding factor. 
The 2XXX series aluminium alloy 2024-O is too expensive for use in most civilian 
applications, for example, litter bin construction. 


9.7.3.2 Nondimensional Analysis 
In an attempt to compare FMLs with GFPP and GFPA composite layers, the test 


results were put into nondimensional form using (9.1) and calculating the character- 
istic stress using the MVF approach. A graph of back face displacement—thickness 
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Fig. 9.18 Graph of displacement—thickness ratio versus nondimensional impulse for the back 
faces of the GFPA- and GFPP-based FML panels (for all panels not showing tearing failures) 


ratio versus nondimensional impulse is shown in Fig. 9.18. From Fig. 9.18, it ap- 
pears that the localized blast loading results for the GFPA-based FML panels fall 
within the trend-lines of the GFPP-based FML data. This suggests that it is the bond 
between the back face and the composite (which was in both cases polypropylene) 
controls the back face displacement, as was assumed to be the case when large 
amount of back face debonding away from the main panel occurred. For the uni- 
formly loaded panels, there is scatter evidence in the results and it is difficult to 
draw conclusions for the GFPA-based FMLs. 


9.8 Research Opportunities 


Opportunities for further development increase with each new FML material com- 
bination. Of particular interest are FML panels using steel rather than aluminium or 
titanium; such panels offer significant cost savings in applications where weight is 
less important provided adequate bonding at the composite-metal interface can be 
achieved. There is also a desire within the aerospace industry to remove stringers 
in aircraft and move to a sandwich construction. Thus, there are opportunities for 
research into the blast response of sandwich structures with FMLs (rather than 
monolithic metals or fiber-reinforced composites) as the skins. 

While flat panels with symmetrical lay-ups can be employed in many structural 
applications, there is also a requirement for other types of structures such as curved 
panels and boxes. For example, litter bins are generally open cylinders and blast 
resistant versions would need to look similar to existing designs. The manufacture 
and blast performance of these different structures is an open topic for investigation. 
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Although initial attempts at modeling the deformation and failure of blast loaded 
FML panels look promising, there is still much scope for work in this area. To 
date, only the localized blast loading response of GFPP-based FML panels has been 
attempted. There are other types of FML panels, exhibited different failure mecha- 
nisms that should be simulated. Of particular relevance is the response of GLARE®, 
as it is currently being used commercially in large quantities. General topics worthy 
of further investigation include the definition of the blast loading, dynamic charac- 
terization of the materials, development of more appropriate constitutive models, 
and modeling the tearing and shear failures of FML panels. 


9.9 Conclusions 


Since the development of FMLs for fatigue applications in aircraft (Vogelesang and 
Vlot 2000; Vlot 1996), FMLs have been shown to possess improved impact resis- 
tance over the equivalent areal density metal panel (Hoo Fatt et al. 2003; Compston 
et al. 2001). The blast loading response of FMLs has, by contrast received little 
attention, apart from some experimental studies by Fleisher (Fleisher 1996) and 
Langdon et al. (Langdon et al. 2008, 2005, 2007a, b, c; Lemanski et al. 2007), and 
modeling work by Karagiozova et al (Karagiozova et al. 2008a, b). The work in 
(Fleisher (1996), Langdon et al. (2008, 2005, 2007a, b, c), Lemanski et al. (2007) 
and Karagiozova et al. (2008a, b) has focussed on FMLs manufactured from alu- 
minium alloy and glass fiber-reinforced polymer layers. Work by Langdon et al. 
(Langdon et al. 2008, 2005, 2007a, b, c; Lemanski et al. 2007) demonstrated the 
difference in response to localized and uniformly distributed blast loading. That 
work also showed that the nondimensional analysis techniques used for steel plates 
by Nurick et al. (Teeling-Smith and Nurick 1991; Nurick and Martin 1989; Jacob 
et al. 2007; Yuen and Nurick 2005; Langdon et al. 2005) could be applied to FML 
response with minimal adaptation, an unexpected result given the heterogeneous na- 
ture of the FML. Karagiozova et al. (Karagiozova et al. 2008a, b) have shown that 
FMLs may offer some advantages over the equivalent areal density metal panels 
in blast resistant applications, but that further research is required to confirm this 
finding. Exciting new developments in FML manufacture will also continue to feed 
research in this area, with steel-based FMLs and sandwich panels with FML skins 
being likely contenders for future blast loading research. 
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Chapter 10 
Sandwich Panels Subjected to Blast Loading 


S. Chung Kim Yuen, G.N. Nurick, M.D. Theobald, and G.S. Langdon 


Abstract The ability of sandwich panels to resist dynamic loading has been shown 
to be superior to monolithic metal plates of the same areal density by a number of 
investigators. Experimental and numerical studies on the response of sandwich pan- 
els to air-blast, water-blast and “simulated blast” are increasing, but mainly focus on 
the latter two. Three types of sandwich panels are identified, by core type: cellular 
core, micro-architectural core (small-scale lattice type) and macro-architectural core 
(larger scale plastic deforming elements). With advances in manufacturing tech- 
niques, several new core topologies have emerged which can allow core properties to 
be tailored according to design requirements (of which blast resistance may only be 
one factor), for example, lattice cores formed by selective laser-melting and metallic 
fiber cores. This chapter provides an overview on the state-of-the-art in the field of 
sandwich panel protection under blast and dynamic loading. 


Keywords Sandwich structures - Sandwich panels sacrificial cladding - Blast 
loading - Impulsive loading 


10.1 Introduction 


The response of monolithic structures, such as beams and plates either clamped 
at the outer edges or built-in, to blast loading conditions has been a topic of re- 
search for a number of years. The response for beams was first categorized (Menkes 
and Opat 1973), and subsequently identified for circular plates, (Teeling-Smith and 
Nurick 1991), and for square plates (Nurick and Shave 1996). The associated theo- 
retical analyses have also been reported in detail by Jones (Jones 1989), and (Nurick 
and Martin 1989a, b). 

Recently, sandwich structures consisting of two plates separated by a core ma- 
terial have emerged as possible solutions to absorb energies from impulsive loads. 
Fleck and Desphande (Fleck and Deshpande 2004) conducted an analytical study 
of clamped sandwich beams with cores, made from different types of structures, 
subjected to both underwater and air blast. Xue and Hutchinson (Xue and Hutchin- 
son 2004) compared the performance of three different core geometries of metal 
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sandwich plates to that of solid plates of the same material and same mass. Zhu and 
Lu (Zhu and Lu 2007) presented a review of blast and impact of metallic and sand- 
wich structures. These studies have indicated that advanced sandwich structures can 
potentially have significant advantages over monolithic plates in absorbing the blast 
energy whether in air or underwater. 

In constructing the sandwich panels, a core material, or structure, is contained 
within face sheets, which are often made of thin metal plates or composite laminates. 
The sandwich structure can be tailored, subject to ease of manufacturing, cost and 
weight, to allow for potentially better performance than a monolithic plate. It should 
be noted that when considering blast loading, there are two significantly different 
types of sandwich paradigms: (1) sacrificial cladding and (2) sandwich structures. 


10.1.1 Sacrificial Cladding 


Sacrificial cladding, in the context of this chapter, is a sandwich panel that is fixed 
to an existing structure. In this configuration, the back face of the panel is assumed 
to be rigid while the role of the panel itself is to deform in such a way that the 
core absorbs the impact energies and that forces transmitted to the main structure 
are minimized. A concept of sacrificial cladding, as presented by Hanssen et al. 
(Hanssen et al. 2002) for an aluminum foam core, is shown in Fig. 10.1. The magni- 
tude of the force transfer is controlled by the characteristic stress—strain curve of the 
core. If momentum is conserved, the short but higher incident pressure loading on 
the structure is converted into a smaller magnitude load with longer duration when it 
is transmitted through the core material. The plateau stress for a cellular material (in 
this case foam) is approximately constant for a wide range of plastic strains, giving 
the core a predictable and constant load transfer up to densification. The properties 
of foams are discussed in more detail in Sect. 10.3. 


Blast pressure p() Contact pressure o(!) Pressure 


Main structure 


Charge 
Sacrificial ty bin 
layer 
Schematic of cladding panel under blast Impulse transformation concept 


Fig. 10.1 The sacrificial cladding concept (Hanssen et al. 2002) 
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Fig. 10.2 Sacrificial cladding employing a thin-walled tubular core (Theobald and Nurick 2007) 


Fig. 10.3. Photograph of a blast-loaded sandwich panel (Dharmasena et al. 2008) 


Cellular materials are not the only materials proposed as sacrificial cladding 
cores — any structural arrangement that results in a lower, predictable (and preferably 
constant) load transfer to the main structure is worthy of consideration. Guruprasad 
and Mukherjee (Guruprasad and Mukherjee 2000) presented sacrificial claddings 
in the form of a multi-layer Y-type corrugated core to absorb blast energy from a 
TNT explosion. Another example of a core for blast loading application is a single 
or multiple thin-walled tube core, as shown in Fig. 10.2. If progressive buckling of 
the tubular core is guaranteed by careful choice of the tube and panel geometry and 
materials, then better force transfer characteristics may be achieved (Theobald and 
Nurick 2007). 


10.1.2 Sandwich Panels 


In the second type of sandwich structure the back face is free to deform. The per- 
formance of such sandwich panels is generally defined by the maximum back-face 
deformation for a given impulsive load. A photograph of a typical blast-loaded sand- 
wich panel is shown in Fig. 10.3. 

In general, sandwich structures can be classified by the core topology within the 
structure as follows: 


e Cellular Material Cores: for example — foams, metal hollow spheres, honey- 
combs. 

e Micro-architectural Cores: periodic lattice cores, for example — egg-box type, 
hollow truss, tetrahedral, 3D Kagome. 

e Macro-architectural Cores: larger scale plastically deforming elements, for ex- 
ample — blast resistive adaptive sandwich (BRAS), unidirectional stiffened dou- 
ble hull (USDH), corrugations. 
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Table 10.1 Some examples of the different cores 


Cellular Material Micro-architectural Macro-architectural 


+45° lattice 


Y-Web corrugations 
(Tilbrook et al. 2007) 
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Fig. 10.4 A schematic showing the three temporally distinct stages that accompany a panel 
subjected to air blast (Liang et al. 2007) 


Examples of the different core types are shown in the photographs in Table 10.1. 
The response of sandwich structures to blast loading can often be idealized into 

three primary temporal stages as shown in Fig. 10.4 (Liang et al. 2007). In stage 

I, the blast wave comes into contact with the front face of the panel. This imparts 
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kinetic energy to the structure. The core and back face remain stationary during 
this phase. In stage II, the front face is decelerated by the core while the core and 
back-face structures are accelerated. At the end of the stage the entire panel is at a 
common velocity. In stage III global deformation modes dominate response where 
the kinetic energy imparted by the blast is dissipated by plastic bending, stretching 
and indentation of the panel. This description is for the simple case where fracture 
of the boundaries, or within the panel, does not occur. 


10.2 Blast Loading Conditions 


This chapter aims to review the open literature on the response of sandwich panels 
to blast loading. Before considering the panel response, it is important to note that 
there are different types of blast loading. Three main categories are considered in 
this work: 


Air blast loading: resulting from the detonation of plastic explosive in air 
Underwater blast loading: resulting from the detonation of plastic explosive in 
water — the fluid structural interaction 

o Simulated blast loading: detonation of plastic explosive is not the mechanism 
used to generate the loading, but for research purposes some consider the loading 
to be equivalent 


10.2.1 Air Blast Loading 


A blast wave generated by detonating an explosive interacts with any object in its 
path by imposing impulsive or dynamic blast loads causing the object to deform or 
tear. [The Steel Construction Institute (Research and Institute 1992) classified blast 
loads as “impulsive” if the duration of the load is significantly less than the natu- 
ral period of the structure has to fully respond to the load and “quasi-static” if the 
duration of the loading is much longer than the natural period. Loading in the transi- 
tion region between these two regimes is termed “dynamic”’.] The actual explosion 
pressure-time loading is a complex decaying pressure that requires, for practical 
reasons, simplification before applying in any structural analysis. The stand-off dis- 
tance relative to the target size is a primary consideration in determining the spatial 
distribution of the blast load upon a structure. In a case of a uniformly distributed 
blast load, the applied pressure resulting from the detonation of a blast is assumed 
to impinge equally over the whole exposed area of the structure — this idealization 
is used for longer stand-off distances and far-field blasts. For shorter stand-off dis- 
tances, the blast loading is usually considered localized. For localized blast loading, 
the pressure from the blast is applied over only a concentrated area of the struc- 
ture (sometimes known as patch loading). In many laboratory-scale experiments, 
localized blast loads are generated by detonating a small disc of explosive in the 
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central region of a structure. Nurick et al. (Teeling-Smith and Nurick 1991); (Nurick 
and Shave 1996); (Nurick and Martin 1989); (Nurick and Radford 1997; Yuen and 
Nurick 2000; Jacob et al. 2004; Yuen and Nurick 2005; Langdon et al. 2005) have 
conducted numerous studies on the response of structures to both uniform and lo- 
calized blast loading. 


10.2.2 Underwater Blast Loading 


Cole (Cole 1965) dealt extensively with the phenomena of underwater explosion 
which exhibit different behavior to explosions in air. Water is a much denser and 
less compressible fluid than air. The underwater detonation of explosives creates 
both a shock wave and a pulsating bubble of detonation product gases. The damag- 
ing potential of the shock wave is well known but it is less well appreciated in that 
the fluid dynamics associated with the pulsating bubble are also capable of inflict- 
ing considerable damage. Indeed, for explosives detonated in close proximity to a 
target, it may well be that collapse of this bubble (possibly onto the target) is the 
dominant damage mechanism. The mechanics of bubble collapse damage are not 
well understood but progress is being made with careful experimentation utilizing 
modern sensitive instrumentation (Brett and Yiannakopolous 2008). Simplified for- 
mulae to predict the shock loading and dynamic response of structural components 
are very useful (Hollyer 1959; Keil 1961; Reid 1996), but include uncertainties and 
are limited in a range of applicability. 

The loading of sandwich structures to underwater blast has attracted particular 
attention in recent research. This is due to the unique ability of core strength to 
influence the imparted impulse as a result of fluid-structure interaction (FSI) ef- 
fects. Recent studies using simple lumped mass and finite element techniques to 
investigate this phenomenon can be found in Deshpande and Fleck (Deshpande and 
Fleck 2005) and Rabczuk et al. (Rabczuk et al. 2007). The finite element technique 
is particularly useful in the analysis of weak core sandwich structures as it allows for 
analysis of impulse transfer after cavitation of the fluid occurs. For monolithic plates 
and sandwich panels with high strength cores, the impulse transfer due to the fluid 
is rapid up to the point of cavitation, which occurs at the fluid—plate interface, after 
which no more impulse is imparted to the plate. This is not the case however if the 
core undergoes significant compression during application of the load. The details 
of this process are beyond the scope of this work; however, the reader is referred to 
Deshpande and Fleck (Deshpande and Fleck 2005) for a complete treatment of the 
subject. Figure 10.5 illustrates the influence of the core strength on the pressure dis- 
tribution and impulse transfer. For the sake of brevity, details of the normalization 
are described by Deshpande and Fleck (Deshpande and Fleck 2005). Poor approxi- 
mations were obtained from a lumped mass model at lower core strengths, which did 
not account for impulse transfer after the first cavitation is observed in Fig. 10.5b. 
Taylor approximation of the entire sandwich provided an upper bound on the im- 
pulse transfer as the panel was modeled as a single rigid mass. 
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Fig. 10.5 (a) The normalized pressure on the front face of the sandwich panel as a function of time 


for different core strengths. (b) Total impulse transfer as a function of normalized core strength. 
The solid line shows the result using a lumped mass model (Deshpande and Fleck 2005) 
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10.2.3 Simulated Blast Load 


Experimentation involving the detonation of explosives, either in air or under- 
water, carries significant legal and safety responsibilities and therefore is often 
difficult for research institutions to perform. It is also difficult to measure the 
loading and response of the structure as explosively generated loading produces 
high-intensity pressure waves, light flashes and a fireball. As a result of these dif- 
ficulties, researchers have developed ways of simulating blast loading, or at least 
what are considered the salient features of a blast load. Pressure pulse loading 
rigs (Langdon and Schleyer 2003, 2005) shock tubes (Schleyer et al. 2007), water- 
hammers (Deshpande et al. 2006) and foam impact (Radford et al. 2005) devices 
have all been proposed for different types of explosion loading. The usefulness of 
these different devices depends upon the blast loading characteristics under consid- 
eration. For example, the blast pressure loading resulting from a hydrocarbon gas 
explosion can be adequately simulated (in general) using a pulse pressure loading 
device but this would be of little use when trying to assess damage occurring from 
close-range plastic explosive detonation. The most common type of simulated blast 
loading used in studies on sandwich panels is the aluminum foam impact. Rad- 
ford et al. (Radford et al. 2005) developed a technique whereby small cylinders of 
metal foam were fired from a gas gun at impact velocities of 500 ms~!. The foam 
projectiles were reported to produce shock-type loading on the impacted structure 
(Radford et al. 2005). The foam areal density and impact velocity are parameters 
that could be used to vary the pressure loading. Foam projectile impact has been 
used to simulate blast loading in other work by Radford et al. (Rathbun et al. 2006; 
McShane et al. 2006; Radford et al. 2006). 


10.3 Sandwich Panels with Cellular Cores 


10.3.1 Mechanical Properties of Cellular Materials 


Cellular solids, such as aluminum foams, can absorb considerable energy by plas- 
tic dissipation in compression. Their cellular microstructure has random cellular 
solids with a highly imperfect micro-structure that enables them to undergo large 
deformation at nearly constant nominal stress (Hanssen et al. 2002; Gibson and 
Ashby 1997), thus making them ideal to be used as the cores of sandwich struc- 
tures to absorb impacts and shocks. In most cases, they are close to isotropic in 
elasto-plastic properties. Early works on aluminum foams (Gibson and Ashby 1997; 
Santosa and Wierzbicki 1998) focused on quasi-static material characterization. 
An interesting property of cellular materials is nearly plateau-like behavior of the 
materials, up to the point of densification. Figure 10.6 shows typical quasi-static 
stress-strain curves for cellular materials used in current research. 
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Fig. 10.6 Typical quasi-static stress-strain curves for various cellular materials. The densi- 


ties of the Cymat, Alporas, metal hollow spheres and honeycomb are 235kgm~°, 245kgm~3, 
219kgm~°, and 38 kgm, respectively (Elnasri et al. 2007). 


The plateau stress, oj, is often described in terms of the relative density of the 
material in the form (Gibson and Ashby 1997) 


te =<(£&) (10.1) 


Oy Po 


where, py: foam density; pg: density of parent material; oy: yield stress of par- 
ent material; for example, Cymat foam is assumed to have material constants 
of c=1.05,n = 1.52 (Santosa and Wierzbicki 1998) while for aluminum hon- 
eycombs has c =3.22,n = 1.67 in the out-of-plane direction (Brett and Yian- 
nakopolous 2008). Similarly, the densification strain, eg, of foam and honey- 
comb materials is a function of the relative density and is given by 


ie 1-a(2) (10.2) 


where ~ = 1.4 for aluminum foam and honeycomb (Gibson and Ashby 1997). 

Researchers have investigated the rate sensitivity of metallic foams at low strain 
rates using a conventional compression apparatus. Paul and Ramamurty (Paul and 
Ramamurty 2000) studied the strain rate sensitivity of closed cell aluminum foam 
Alporas for strain rate between 3.33 x 10~>s~! and 1.6 x 107!s~!. The plateau 
stress was found to increase bilinearly with a slow increase up to strain rates of 
3.33 x 10-3s~! with a sharper increase after this rate. 

There have also been numerous studies investigating the material properties of 
aluminum foam at strain rates of up to 5 x 103 s~! using Hopkinson bar techniques. 
Dannemann and Lankford (Dannemann and Lankford Jr 2001) investigated Alporas 
foams but at strain rates of 400 s~! to 2,500s~! with a split Hopkinson pressure bar 
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(SHPB) setup. Strain rate sensitivity was observed particularly for higher density 
foams. Dannemann and Lankford (Dannemann and Lankford Jr 2001) suggested 
that the cell shape is responsible for this increase at higher density. Deshpande and 
Fleck (Deshpande and Fleck 2000) studied the strain rate sensitivity for the closed 
cell Alulight and open cell Duocel foams at strain rates between 1073s! and ap- 
proximately 5 x 10?s~!. Deshpande and Fleck (Deshpande and Fleck 2000) found 
both foams to be strain rate insensitive in this range of strain rates. Dannemann and 
Lankford (Dannemann and Lankford Jr 2001) attributed this discrepancy between 
the closed wall Alporas and Alulight to the manufacturing process (casting vs. pow- 
der processing). 

Zhao et al. (Zhao et al. 2005) also studied the rate sensitivity of metallic foams us- 
ing anylon SHPB setup as well as direct impact tests. Two aluminum foams (IFAM, 
Cymat) were tested where IFAM is similar to Alulight. The IFAM foam was charac- 
terized by cell wall buckling in the crush process while for the Cymat foam crushing 
was enabled by the fracture of cell walls. Zhao et al. (Zhao et al. 2005) found that 
only the IFAM foam was rate sensitive, however, and conclude that this is likely 
due to micro-inertia effects presented by Zhao et al. (Zhao and Abdennadher 2004). 
Under dynamic loading, strains along the fold line in a progressively collapsing wall 
have higher strains due to inertia causing the strain hardening of the base material to 
come into effect. Ramachandra et al. (Ramachandra et al. 2003) studied the impact 
behavior of Alporas aluminum foam for impact velocities ranging from 3 ms! to 
30 ms~!. The energy absorbed per unit volume was found to increase with increas- 
ing impact velocity, particularly for velocities greater than 5 ms~!. 

At higher velocities (>50 ms~') the formation of a shock front under blast 
and impact becomes a dominant mode of deformation. This is currently an active 
area of experimental and computational research. Recent experimental investiga- 
tions into formation of shock fronts in metallic foams includes Nemat-Nasser et al. 
(Nemat-Nasser et al. 2007) and Zhao et al. (Elnasri et al. 2007a, b). These stud- 
ies utilize a Direct Impact Hopkinson Bar (DIHB) rig to impact various cellular 
materials at sufficient velocity to create sharp discontinuities in the deformation 
field. A detailed theoretical and numerical analysis of shock propagation in cellu- 
lar materials is found in Zhao et al. (Elnasri et al. 2007a, b) and Lopatnikov et al. 
(Lopatnikov et al. 2004). 


10.3.2 Sandwich Panels with Honeycomb Cores 


Honeycombs are 2D regular cellular materials, which are categorized by the shape 
of the cell (such as square, circular, hexagonal). Hexagonal-honeycombs are exten- 
sively used as cores of sandwich structures with the out-of-plane direction of the 
honeycomb aligned along the transverse direction of the structure. The out-of-plane 
stress-strain curve of hexagonal honeycombs is similar to that shown in Fig. 10.6, 
with the near constant plateau stress achieved by the formation of plastic lobes in the 
longitudinal direction during crushing. Despite the wealth of literature regarding the 
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response of honeycomb core sandwich panels to quasi-static and impact loading, 
there have been relatively few studies conducted on blast loading of such structures. 
Recently, Nurick et al. (Nurick et al. 2009) conducted experiments to investigate 
the response of aluminum honeycomb core sandwich-type panels subjected to in- 
tense air blast. The sandwich structures were subjected to either a “uniform” blast 
load, generated by detonating a disc of explosive and directing the blast through a 
tube towards the target or a localized blast loading, generated by detonating discs 
of explosive in very close proximity to the test structure. The panels were circular, 
with a diameter of 106 mm, and fully clamped along the boundary. The study com- 
pared the deformation of panels comprising steel face sheets and “empty” air core 
to panels comprising the same thickness steel face sheets with a honeycomb core. 
Under uniform blasts, the front-face plates exhibited response that was qualitatively 
similar to monolithic metal plate, with a large dome at the centre of the plate. The 
front plate deformed into the honeycomb core and the initial loading was transferred 
through the core to the back plate. Since the peak load transfer was limited by the 
stress-strain characteristics of the honeycomb, the forces experienced by the back 
plate were lower than the front plate and the resulting deformation were reduced. 
Figure 10.7a shows a photograph of a typical honeycomb core after uniform blast 
loading. At higher impulses, the onset of densification within the honeycomb core 
occurred once the front plate deformation exceeded a certain deflection (in this case, 
10mm, or 75% of the honeycomb thickness) and this marked a rapid increase in 
the back plate permanent deflection measurements. Figure 10.8 shows a graph of 
back plate deflection versus impulse for both the air-filled and honeycomb core 
sandwich panels. For low impulses, larger deflections on the back plate were evident 
for the honeycomb core sandwich panels than for the air core panels, and this is 
shown in Fig. 10.8. However, at higher impulse, the front plates on the air-filled 
core sandwiches deformed to such an extent that contact between the front and back 
plates occurred; higher momentum transfer to the back plate then occurred in the air 
core panels resulting in higher back plate deflections (Nurick et al. 2009). Numerical 
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Fig. 10.7 (a) Photograph of the deformed honeycomb core subjected to a uniform blast with an 
impulse of 30.3 Ns. (b) Photographs of resulting honeycomb core subject to localized blast loading 
(Nurick et al. 2009) 
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Fig. 10.8 Graph of back plate mid-point displacement versus impulse for uniformly distributed 
blast loading tests on air and honeycomb core sandwich panels (Nurick et al. 2009) 


simulations of the blast tests on the honeycomb sandwich panels were reported by 
Karagiozova et al. (Karagiozova et al. 2009) and it was shown that the load transfer 
depended upon panel flexibility and load intensity, alongside the properties of the 
core (such as thickness and plateau stress). 

A series of experiments were performed examining the influence of localized 
loading on the response of honeycomb sandwich panels (Nurick et al. 2009). Severe 
damage (densification) was observed in the centre of the honeycomb core even for 
small impulses, which gave rise to larger back plate deflections than those recorded 
for the uniformly loaded panels. Figure 10.7b illustrates this damage to the core with 
increasing impulse applied locally. 

Zhu et al. (Zhu et al. 2008) investigated the failure of blast-loaded sandwich pan- 
els with aluminum honeycomb cores that were adhered to the face plates. The square 
panels had an exposed area of 250 x 250 mm and core thickness of 12.5 mm. Face- 
plate thickness and relative density of the core were varied. TNT was detonated at a 
stand-off distance of 200 mm in free air to produce the blast loading. Pitting, global 
deformation, flower-shaped localized deformation, fracture and tearing were all ob- 
served on the front plates. Core crushing and densification were also observed. The 
damage to the back plate was similar to that observed when plates were loaded uni- 
formly. The back plate displacement magnitude decreased with increasing relative 
core density and/or the face-plates thickness. 

Dharmasena et al. (Dharmasena et al. 2008) carried out explosive tests in air to 
study the dynamic mechanical response of square honeycomb core sandwich panels 
made from a super-austenitic stainless steel alloy. The faceplates were brazed onto 
the core. The tests were conducted at three levels of impulse load on the sandwich 
panels and solid plates with the same areal density. The panels had a square ex- 
posed area of 410 x 410mm. With a constant stand-off distance, the impulse was 
varied by changing the mass of the explosive. Evidence of charge localization was 
observed in the panel response at the lowest load intensity. Although the boundary 
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Fig. 10.9 Photographs showing half-sectioned square honeycomb core test panels (Dharmasena 
et al. 2008) 


was designed to be “clamped,” in reality the edges acted in a more flexible manner 
resulting in higher deformations than anticipated. Figure 10.9 shows photographs 
of the response of the square honeycomb panels to different impulse load intensity. 
Cell wall buckling and core densification increased as the impulse increased. Sep- 
aration of the front plate and the core are evident in the photographs in Fig. 10.9. 
Dharmasena et al. (Dharmasena et al. 2008) also numerically simulated the exper- 
iments and obtained good correlation for the displacements of the front and back 
face. One shortcoming of the model was that it did not include the debonding of the 
face plates from the core. The honeycomb sandwich panels suffered significantly 
smaller back-face deflections than solid plates of identical mass even though the 
design was not optimized for such an application. However, at the highest load in- 
tensity, the core is almost completely crushed and the advantages of the sandwich 
panel construction (compared to monolithic plates) are diminished. 

Numerous authors have carried out experiments and analysis to compare the 
performance of different core topologies to different loading conditions. McShane 
et al. (McShane et al. 2006) compared the dynamic response of clamped circular 
monolithic and sandwich plates of equal areal density by loading the plates at mid- 
span with metal foam projectiles. Typical results of the comparison are shown in 
Fig. 10.10. This type of loading was used to simulate shock loading of nominal 
stresses of 100 MPa over a duration of 100 ws (McShane et al. 2006). The sandwich 
plates comprised AISI 304 stainless steel face sheets and either AL-6XN stainless 
steel pyramidal core or AISI 304 stainless steel square-honeycomb lattice core. The 
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Fig. 10.10 Photographs of the dynamically tested specimens (a) Monolithic; (b) Pyramidal core; 
(c) Square honeycomb (McShane et al. 2006) 


resistance to shock loading was quantified by the permanent transverse deflection at 
mid-span of the plates as a function of projectile momentum. Under dynamic load- 
ing, the sandwich panels were found to outperform the monolithic plates in terms of 
back-face deflection. The square honeycomb panels also performed better than the 
pyramidal core panels at higher impulses. 

Liang et al. (Liang et al. 2007) conducted numerical and analytical investigation 
to assess the performance of three core topologies (square honeycomb, I-core and 
corrugated) to water blast, emphasizing a domain wherein the water cavitates before 
the core crushes. The ranking of the performance was based on the tearing suscep- 
tibility of the faces, the back-face deflection magnitude, and the loads transmitted 
to the supports using a three-stage response model, as illustrated in Fig. 10.4 and 
defined by Fleck and Desphande (Fleck and Deshpande 2004). For the water blast, 
in stage I the wet (front) face acquired its maximum velocity with some water at- 
tached. In stage II, the core crushed and all of the constituents (both face plates and 
the core) converged onto a common velocity. In stage III, the panel deflected and 
deformed, dissipating its kinetic energy by plastic bending, stretching, shearing, 
and indentation. Two inherently different regimes designated strong (STC) and soft 
(SOC), differentiated by a stage I/II timescale parameter were exposed. The best 
overall performance was found for soft-core designs, such as low relative density 
corrugated cores. An interesting result obtained from parametric studies by Xue 
and Hutchinson (Xue and Hutchinson 2003) was that using face plates of different 
thicknesses could enhance panel performance when the back plate was thicker than 
the front plate. The influence of boundary conditions was also examined and it was 
found that, by supporting the back face, the tearing threshold of the front-face plate 
was increased. 
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10.3.3 Sandwich Panels with Foam Cores 


Radford et al. (Radford et al. 2006) reported experimental and numerical studies on 
the performance of clamped sandwich panels using simulated blast loading. Alporas 
foam core sandwich panels with 304 stainless steel face sheets were impacted with 
aluminum foam projectiles at velocities between 160 ms~! and 570 ms“! to simu- 
late blast or shock loading (Radford et al. 2005). Monolithic stainless steel plates 
with the same areal density were used for benchmarking purposes. Figure 10.11 
shows the comparison of back-face deflection between the aluminum foam core 
panels at different core thicknesses, c, to monolithic plates subjected to varying 
projectile momentum. The results indicated that, for all but the lowest impulses, the 
sandwich panels perform better than an equivalent mass monolithic plate. Increasing 
the core thickness was found to decrease back-face deflection, for a constant areal 
density. Finite element predictions, using ABAQUS, indicated good agreement with 
experiment. The photographs of the response of monolithic plates and sandwich 
panels subjected to a specific impulse of 13 KNsm~” are shown in Fig. 10.12. 
Nemat-Nasser et al. (Nemat-Nasser et al. 2007) performed experiments to inves- 
tigate the response of various components of a class of sandwich structures, made 
from a metal foam core and naval structural steel outer and inner hull plates, sub- 
jected to impulsive loads. The experiments were modeled, using the dynamic finite 
element package LS-DYNA, with the pressure distribution estimated using ConWep 
(Hyde 1988). The blast loading is assumed to be generated from 2 g of TNT. Due 
to high velocities at the centre of the plates (V > 100 ms~') the resulting shock 
front induced much larger displacements in the front plate than in the back plate, 
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Fig. 10.11 Back-face deflection of the midpoint of monolithic plates and sandwich panels as a 
function of specific impulse (Radford et al. 2006) 
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Fig. 10.12 Photographs comparing the shock-loaded monolithic place with the aluminum foam 
sandwich panels of the same areal density (23.5 kgm’). The specimens are subjected to specific 
impulse of 13 kNsm~? (Radford et al. 2006) 


as observed in the response of many other sandwich panels, for example references 
(Dharmasena et al. 2008; Radford et al. 2005, 2006; Nurick et al. 2009). 

Bahei-El-Din (Bahei-El-Din et al. 2006) presented explicit finite element analy- 
sis of both conventional and modified sandwich plates subjected to blast loads. Two 
designs were considered. The one structure consisted of thin outer and inner face 
sheets made of fibrous laminates, separated by a layer of foam core. The face sheets 
were AS4/3501-6 carbon/epoxy fibrous composite laminate, and each consisted of 
eight plies arranged in a quasi-isotropic (0°/+ 45°/90°) symmetric lay-up. The 
core material consisted of H100 Divinycell which is an isotropic and closed cell 
foam. The structure was then modified to include a thin polyurea interlayer be- 
tween the outer face sheet and the foam core. In the conventional design, overall 
structural deflections were limited but significant foam core crushing was observed. 
The addition of the polyurea interlayer stiffened the structure and reduced the foam 
core damage. 

Karagiozova et al. (Karagiozova et al. 2008) reported on experimental and nu- 
merical investigations into the response of flexible sandwich-type panels when 
subjected to blast loading. The sandwich-type panels comprised steel face plates 
with polystyrene cores and had the same dimensions as the honeycomb sandwich 
panels tested by Nurick et al. (Nurick et al. 2009). The cores were not bonded to 
the face plates. Depending upon the impulse magnitude, two phases of deforma- 
tion were observed. At low impulses, the front plates deformed, with mid-point 
deflection increasing with increasing impulse, but with no measurable deformation 
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of the back plate. Polystyrene cores had a very low plateau stress and therefore 
transmitted little force through to the back plate. The crush profile of the polystyrene 
resembled that of the front plate deformation. At higher impulses, the front plate de- 
flections increased and the polystyrene core densified. As the core densified, larger 
stresses were transmitted through to the back plate causing permanent deformation 
of the back plate, the extent of which increased with increasing impulse. The influ- 
ence of core thickness and density were investigated. Increasing the core thickness 
increased the impulse range that resulted in small back-face deflections, as densifi- 
cation occurred at higher impulses. Core density had little influence over the range 
of experiments performed, as increasing the relative density of the polystyrene still 
resulted in relative low plateau stresses. Numerical studies were performed to exam- 
ine the influence of higher relative density polystyrene cores than those available for 
experiments. The numerical work showed that sandwich-type panels employing alu- 
minum honeycomb cores showed better blast resistance than those with polystyrene 
cores of the same areal density. This shows the importance of careful selection of 
the core material, thickness and density (Karagiozova et al. 2008). 


10.4 Sandwich Panels with Micro-Architectured Cores 


Recently, improved fabrication technology and topological design tools have al- 
lowed for the development of numerous micro-architectured core topologies for 
sandwich panels for application in blast resistant structures. Some current available 
topologies are shown in Fig. 10.13. Pyramidal cores can be fabricated from sheet- 
metal by punching a square pattern followed by alternate folding of the sheet (Fleck 
and Deshpande 2004). These core architectures require a tooled manufacturing ap- 
proach, usually with multiple steps to arrive at the final core structure. Other recent 
advances have been made in the process of selective laser melting (SLM), a layered 
manufacturing technique, by which parts of high complexity can be built from metal 
powder in relatively short timescales. In SLM, a high quality fiber laser is used to 
selectively melt metal (stainless steel, titantum, nickel-based superalloys) powder 
particles to form a solid material. SLM can be used to manufacture lattice structures 
that were virtually impossible to manufacture using a tooled approach. Sutcliffe et 
al. (Sutcliffe et al. 2005) have successfully manufactured complex lattice structures 
with unit cells of approximately 1 mm?. 


Fig. 10.13 Schematics showing examples of “pyramidal” cores — (a) Tetrahedral;(b) Pyramidal; 
(c) 3D Kagome (Wadley et al. 2003) 
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10.4.1 Cores Manufactured Using Tooling 


McShane et al. (McShane et al. 2007) used finite element analyses to evaluate the 
underwater blast resistance of sandwich beams containing prismatic lattice cores 
(Y-frame and corrugated core), an ideal foam core and monolithic beams. The same 
framework as used by Fleck and Deshpande (Fleck and Deshpande 2004) was used 
to compare the different structures. The beams with a Y-frame core and corrugated 
core outperformed the beam with an ideal foam core for a beam of a given mass on 
the basis of rear face deflection. All the sandwich beams investigated outperformed 
monolithic beams of equal mass. Xue and Hutchinson (Xue and Hutchinson 2003) 
conducted a finite element study on sandwich structures with a tetragonal core as 
shown in Fig. 10.14. The study found that there is a potential for such sandwich 
structures to have an improved response over monolithic plates of the same mass. 
Xue and Hutchinson (Xue and Hutchinson 2003) also reported that the work was 
limited however due to a lack of constitutive data relating to strain hardening and 
strain-rate hardening in the core (Xue and Hutchinson 2003). It was also stated that 
no attempt was made to optimize the core geometry (Xue and Hutchinson 2003). 

In a more recent investigation, Wadley et al. (Wadley et al. 2007) performed 
experiments to study the response of layered pyramidal truss core sandwiches to 
blast loads underwater. In quasi-static compression testing, the multi-layer lattice 
structure exhibited nearly ideal energy absorption and load-transfer behavior with a 
nearly constant stress level up to the point of densification strain. The underwater 
blast tests using the lattice resulted in a reduction in peak pressure from 52 MPa to 
11 MPa with an increase in the impulse transfer time from approximately 0.35 ms 
to 1.8 ms. The set up of the underwater blast load, as used by Wadley et al. (Wadley 
et al. 2007), is shown in Fig. 10.15. Fluid-structure interaction effects also showed a 
reduction in the impulse transfer over a solid plate at the same charge mass, due to 
the motion of the exposed face of the panels moving away from the blast during the 
application of the load. 

Wei et al. (Wei et al. 2007) implemented a dynamic continuum constitutive law 
for all metallic sandwich panels and applied it to model the experiments carried out 
by Wadley et al. (Wadley et al. 2007). Good predictions were obtained for overall de- 
formation, average core strain, peak transmitted pressure and velocities of the front 
and back faces. However, the model under-predicted the plastic strain in the faces. 


Fig. 10.14 (a) Schematic of a cross-section of a circular sandwich plates with a truss core, (b) a 
tetragonal truss core unit cell (Xue and Hutchinson 2003) 
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Fig. 10.15 (a) Typical multi-layer pyramidal lattice sandwich structures (b) Illustration of the 
underwater blasting rig (Wadley et al. 2007) 


10.4.2. Cores Manufactured Using Selective Laser Melting 


McKown et al. (McKown et al. 2008) have, alternatively, conducted air blast load 
experiments of micro-architectured lattice topologies manufactured using the SLM 
technique. The SLM technique was used to manufacture cube-shaped samples, from 
316L stainless steel, with a total edge length of approximately 20 mm. Two different 
unit cell edge lengths were considered, and two types of unit cell geometry (making 
four combinations): 


(1) octahedral [+45°], shown in Fig. 10.16a, contains a node located at the centre 
of a cube from which all the strands radiate out to the corners of the cube. Unit 
cell edge lengths of 1.5 mm and 2.5 mm were tested. 

(2) pillar-octahedral or [0°, +45°] structure, shown in Fig. 10.16b, based on an 
octahedral unit-cell with additional pillar strands along the vertical edges of 
the unit-cell. The [0°, +45°] unit-cell offers a higher density than its [+45°] 
counterpart due to the presence of the vertical pillars. Unit cell edge lengths of 
1.5mm and 2.5 mm were tested. 


The loading was generated by detonating small quantities of explosive on a metal 
disc of known mass. The metal disc was considered rigid and thus loaded the lattice 
cubes with an impulsive velocity. The lattices were attached to a pendulum which 
enabled the total impulse to be calculated, and hence the velocity of the rigid mass. 
The blast resistance of the lattices increased with increasing yield stress (and relative 
density) and was shown to be related to the specific energy-absorbing characteris- 
tics of the lattices. The collapse mechanisms observed after blasting, shown in the 
photographs in Fig. 10.17, were similar to those observed during quasi-static com- 
pression testing. The crushing of the lattices was thought to be rate dependent, as 
might be expected due to the moderate rate sensitivity of the parent metal. To date, 
only lattice material samples of small dimension have been subjected to impulsive 
loading. The potential of such architectures can only be evaluated by testing in a 
sandwich panel configuration at a larger scale. 
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Fig. 10.16 Schematic of the unit-cell geometry of the lattices (McKown et al. 2008) 
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Fig. 10.17 Photographs of lattice structures after impulse loading (McKown et al. 2008) 


10.5 Sandwich Panels with Macro-Architectured Cores 


Other core geometries, which are not classified as a lattice, or cellular material are 
composed of larger scale elements such as sheets of unidirectional or angled steel. 
These geometries differ significantly from the highly periodic lattice structures both 
in scale and in manufacturing. There are many possible configurations, including: 


e Blast Resistant Adaptive Sandwich (BRAS) 
e Unidirectionally stiffened double hull (USDH) 
e Corrugated cores: hat-type (Navtruss), Y-type (Y-web), V-type 


Lee (Lee 2005) numerically and theoretically investigated several core configura- 
tions that are illustrated in Fig. 10.18. The focus of the study was to understand 
and improve fracture resistance of the panels under impulsive loading. Details 
of the novel fracture model used can be found in Lee and Wierzbicki (Lee 
and Wierzbicki 2005a, b) including applications to impulsive loading of mono- 
lithic plates. 
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Fig. 10.18 Schematics of the core geometry for (a) Blast Resistant Adaptive Sandwich (BRAS) 
(b) Unidirectionally Stiffened Double Hull (USDH) (c) Hat-type corrugated core (Navtruss) (d) 
Y-type corrugated core (Y-web) (Lee 2005) 


Under impulsive loading, there is essentially two phases of deformation: (1) dish- 
ing and (2) fracture (petaling). In the dishing phase of deformation, large inelastic 
deformations occur which dissipate large amounts of energy. In the fracture phase, 
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as the name implies, ductile fracture occurs possibly creating disc-shaped fragments, 
followed by petaling of the remaining plate due to radial crack formation. The moti- 
vation behind Blast Resistant Adaptive Sandwich (BRAS) is that during the dishing 
phase, the core of the sandwich should be relatively weak, allowing the front-face 
sheet to deform independently of the rear-face sheet by imposing very little defor- 
mation on the rear-face sheet. During the petaling phase of deformation, resistance 
to fracture requires the strongest core possible. 

The strength of the different panel configurations is characterized by the crushing 
strength of the panel given by (10.3) 


P() 


q(6) = ae (10.3) 


where P: instantaneous crushing force; 6: instantaneous crushed distance; W: width 
of core unit in the horizontal direction; B: width of core unit in the longitudinal 
direction. 

Figure 10.19 shows the quasi-static crushing strength as a function of the crushed 
distance for the conventional USDH and BRAS panels. The BRAS panels exhibit 
significantly higher strength at large deformations. The adaptive deforming mecha- 
nism of the BRAS panels is illustrated in Fig. 10.20. 

Finite element simulations of panels with the different sandwich cores, as shown 
in Fig. 10.18, were conducted to compare the deformation modes under identical 
loading conditions. All the panels have equivalent mass with all face sheets of thick- 
ness 16mm. The preliminary results indicate that the inner hull of the BRAS panels 
deform slower than the other panels indicating that the geometry of the BRAS pan- 
els allows for very little force transfer during the dishing phase of deformation. 
A sensitivity analysis in terms of the load duration and distribution indicated that the 
load duration plays a minimal role compared to the localization of the load. Similar 
analysis in terms of the web angle and thickness indicated that the web thickness 
influences the panel response significantly more than the web angle. A thicker web 
delayed plastic deformation in the panels inner hull. 
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Fig. 10.19 Graphs showing crushing strength as a function of normalized crushed distance for (a) 
USDH and (b) BRAS panels (Lee 2005) 
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Fig. 10.20 Prediction of transient crushing of BRAS panel with a fixed rear face-sheet under 
quasi-static compression (Lee 2005) 
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Fig. 10.21 Photographs showing (a) corrugated and (b) Y-frame core sandwich specimens as 
investigated by Tilbrook et al. (Tilbrook et al. 2007) 


Tilbrook et al. (Tilbrook et al. 2007) subjected similar sandwich panel cores, 
shown in Fig. 10.21, to dynamic loading. The panel configurations, small in scale, 
were not subjected to blast loading but to impact velocities of up to 200ms~! by 
means of a direct impact Kolsky (Hopkinson) bar setup. The aim of work was to 
investigate how the forces differ at the front and rear faces of the core at higher 
velocities. The stresses on the front face of the specimens were found to increase 
significantly with increasing velocity while the rear face stresses remained nearly 
constant. Consequently the intrinsic dynamic properties of the core were not ob- 
tained using such a testing rig. 


10.6 Future Work 


While aluminum foam has shown potential as an energy absorber, its response is of- 
ten not repeatable, because of the random nature of the void distribution. Large voids 
can exist in critical areas (such as edge supports) due to manufacturing methods 


320 S.C.K. Yuen et al. 


Fig. 10.22 (a) Schematic of a packing arrangement of hollow spheres (Karagiozova et al. 2006). 
(b) Compressed MHS material at 13:9% nominal strain (Ruan et al. 2006) 


and these can leave the sandwich panel vulnerable, particularly to localized load- 
ing. One way to overcome this disadvantage is to employ thick cores although 
this may not always be a practical solution. Alternatively, a cellular material with 
a regularized structure would be highly desirable. Metal hollow sphere materials 
(MHS) which comprise conglomerates of tiny metallic spheres bonded together in 
some way (MHS can be adhesively bonded using epoxy resin, soldered or sintered), 
shown in Fig. 10.22, offer greater relative strengths than aluminum foams (Sanders 
and Gibson 2003) and a more regular microstructure. The greater geometric uni- 
formity results in a more repeatable stress-strain relationship. Due to the relatively 
recent introduction of the MHS, no work has been published on its dynamic prop- 
erties to absorb energy from blast loads. These structures are, however, worthy of 
future consideration as a sandwich core material. 

Another intriguing possibility is metallic fiber cores, which are manufactured by 
sintering networks of the base material fibers (304 stainless steel) and subsequently 
quenching them in nitrogen. A typical multi-core sandwich panel construction using 
metallic fiber cores and thin stainless steel faceplates is shown in Fig. 10.23. The 
mechanical and electrical properties of the structure can be controlled by varying the 
distribution and angle of the fibers in the core (Brown et al. 2007). Blast response has 
not been reported in the literature, but it is a potential candidate for a core material 
within a blast resistant sandwich panel. 

Adaptive structures, such as BRAS, offer potential to limit fracture within a panel 
subjected to high intensity blast loading. No experimental results on BRAS panels 
have been reported in the literature. An experimental benchmarking study to eval- 
uate the response of this type of panel against other potential macro-architectural 
core sandwich panels would be desirable. 


10 Sandwich Panels Subjected to Blast Loading 321 


faceplate 


Fig. 10.23 Photograph of a cross-section through a typical metallic fiber core sandwich panel 
(Tan et al. 2007) 


10.7 Conclusions 


The ability of sandwich and sandwich-type panels to resist dynamic loading has 
been shown to be superior to monolithic metal plates of the same areal density by 
a number of investigators. There is significant potential for using metal sandwich 
plate construction for blast resistance. Experimental and numerical studies on the 
response of sandwich panels to air-blast, water-blast and “simulated blast” are in- 
creasing, but mainly focus on the latter two. Three types of sandwich panels are 
identified, by core type, namely, cellular core, micro-architectural core (small-scale 
lattice type) and macro-architectural core (larger scale plastic deforming elements) 
sandwich panels. With improvements and advances in manufacturing techniques, 
several new core topologies have emerged which can allow core properties to be tai- 
lored according to design requirements (of which blast resistance may only be one 
factor), such as lattices formed by selective laser-melting. BRAS panels offer the 
ability to adapt its properties (mainly increase its stiffness) when the panel defor- 
mation would ordinarily cause fracture and capping (the release of a high velocity 
fragment). The two examples, despite great differences in scale, offer intriguing 
possibilities for blast resistance which should be explored in future experiments. 
There is a great need for more systematic experimental, analytical and numeri- 
cal studies of the various panel configurations that will allow the performance of the 
many panels to be compared in a meaningful way. The modeling of damage, particu- 
larly fracture, is still a great challenge, in all areas. It is likely that the different panel 
types will offer improvement in different loading regimes (different loading inten- 
sities, duration and area). Optimization techniques are also likely to bring about 
further improvements in sandwich panel performance and offer exciting research 
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possibilities. Despite optimization efforts, every core has its relative advantages and 
disadvantages with regards to their properties, ease of manufacture and cost. In the 
future, it is likely that the manufacturing costs will decrease and the improvements 
in properties available will expand the use of sandwich panels into new applications. 
This should be beneficial for blast resistance, although careful design is required. 
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Chapter 11 

Advanced Numerical Simulation of Failure 
in Solids Under Blast and Ballistic Loading: 
A Review 


A.M. Rajendran 


Abstract Analyses of structural response to blast and projectile penetration require 
advanced computational modeling. The problems are geometrically and materially 
nonlinear. Accuracy of the solutions is sensitive to several numerical algorithms: ro- 
bust contact, air blast/structure coupling, nonlinear error estimation, adaptive mesh, 
and cohesive element. Description of the damage and failure processes demand 
high mesh resolution and often extremely small time steps. If the localization phe- 
nomenon leads to large-scale plastic yielding and large deformations, the accuracy 
of the solution tends to depend on our ability to capture the time and space resolved 
extreme gradients of stress, strain, and other internal state variables. This chapter 
discusses the computational requirements on the accurate modeling of structure, 
armor, and projectile responses as well as the blast phenomenon. 


Keywords Blast - Dynamic fracture - Shock wave propagation - Hydrocodes 
- Projectile penetration - Diagnostics penetration experiments - Particles methods 
- Adaptive mesh - Contact 


11.1 Introduction 


The ballistic impact problems can be categorized by low velocity impact, high 
velocity impact, and hyper velocity impact. The loading durations in these three 
categories are: milliseconds to seconds, few microseconds to hundreds of microsec- 
onds, and fraction of a microsecond to few microseconds, respectively. The finite 
element analysis (FEA) of low velocity impact problems often does not require the 
geometrical modeling of the projectiles, equation of states, and contact algorithms. 
The loading history generated due to the impact is determined by solving analyt- 
ical equations or through experiments and often the loading is approximated by a 
time-dependent pressure distribution on the surface of the target structure. The low 
velocity problems are: bird impact on airplane canopies and engines, automobile 
crashes, and several types of foreign object impacts on moving vehicles, such as 
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paint chipping due to stone impact and wind shield cracking due to road debris. 
Since the impact generated shock amplitudes are relatively low, the solutions do not 
require the use of so-called hydrocodes (finite element/volume codes with special al- 
gorithms to handle shock wave propagation). The impact velocities are typically less 
than 100 m/s. Most implicit or explicit transient (dynamic) finite element methods 
(FEM) could provide accurate solutions for the low velocity impact problems. The 
1970s and 1980s witnessed significant amount of research efforts to solve the low 
velocity impact problems through a combined experiment and computation-based 
hybrid approaches. Numerous symposiums and conferences addressed various prob- 
lems associated with low velocity response of composite structures. The FEM-based 
solutions required three-dimensional, anisotropic, and heterogeneous modeling of 
the complex material structures. The challenge or important requirement is accurate 
descriptions of constitutive and progressive damage modeling of the composites. 
Most progress was on the development of a wide range of time and loading rate- 
dependent failure criteria based on yield and failure surfaces. A Google search 
would yield thousands of papers and reports on this topic including a large vari- 
ety of composite architectures and materials. 

The hyper velocity impact mostly involved problems that are of interest to space 
agencies and aerospace industries. The impact velocities are of the order of sev- 
eral kilometers per second. The projectiles often become debris clouds of particles 
upon impact and generate large craters and cavities in structures. The pressures are 
of the order of tens of gigapascals, temperatures are melting to evaporation, strain 
rates are several millions per second, and often phase transitions occur in materi- 
als. With the advent of NASA’s space programs, tremendous progress was made 
in understanding the lethality of debris cloud and survivability of space structures 
under hyper velocity impact conditions during 1960s and 1970s. Most articles on 
hyper velocity impact problems can be found in symposiums and conference pro- 
ceedings as well in a few international journals, such as the “International Journal of 
Impact Engineering” by Elsevier. Rajendran and Elfer (Rajendran and Elfer 1989) 
described debris impact problems related to space station wall design methodologies 
and provided a review of analytical/computational modeling of structural failure due 
to hyper velocity impact of space debris. 

The high velocity impact problems involve conventional projectile penetration 
into solid targets and structures as well as the structural response to blast loading. 
The time histories of strain rates, pressures, and temperatures vary widely depend- 
ing on the impact velocities and the geometries. The macroscopic failure modes 
include: Spallation, plugging, bulging, and tearing. These modes are due to a va- 
riety of micromechanics such as adiabatic shearbanding, voids nucleation, growth, 
and coalescence, and microcracking (ring, radial, and cone cracks). The book High 
Velocity Impact Dynamics by Zukas (Zukas 1990) describes various aspects of the- 
ories, experiments, and computations related to wave propagation, high strain rate 
modeling, and projectile penetration into ductile solids. Bless and Rajendran (Bless 
and Rajendran 1995) discussed the failure of brittle solids under extreme loading 
conditions due to microcracking. 
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Until recently, the research study on structural response to blast loading has been 
mostly performed by a small number of researchers addressing problems related to 
military applications. Though private industries and universities studied and engi- 
neered demolition of building by explosives, off shore drilling, and construction 
of underwater structures, modeling and simulation aspects of these applications 
were very limited and narrowly focused. On the contrary, extensive fundamental 
research to understand blast characteristics, including detonation and shock wave 
propagation in air and water, has been mostly conducted by government laborato- 
ries. The analytical and computational modeling, based on the physics, chemistry, 
and mechanics of the blast processes and coupling of blast load to structures, is ex- 
tremely complex and requires a multidisciplinary approach. There are a number of 
books (Protecting Buildings from Bomb Damage: Transfer of Blast-Effects Mitiga- 
tion Technologies from Military to Civilian Applications2000; Geoffrey et al. 1995; 
Smilowitz and Mlakar 2005) on blast mitigation for structures, and blast-resistant 
design of buildings. One of the important aspects on blast-resistant structures is to 
improve the performance of buildings that are targets of terrorist attack so that loss 
of life and injuries to the occupants of these buildings are significantly reduced. 
This would require development of innovative techniques for new structures and 
retrofitting existing structures. 

During 1980s and 1990s, the FEA-based codes developed special purpose el- 
ements to handle buckling and several other types of transient structural failure 
modes. Recently, Houlston and DesRochers (Houlston and DesRochers 1987) an- 
alyzed structural damage due to air blast and underwater shock loads using finite 
element analysis (FEA). They addressed the predictive capabilities of FEA through 
comparison with experimental measurements on steel plates and full-scale stiff- 
ened panels to free field air-blast explosions. Also, it is important to recognize that 
traditional computational codes or tools will not be adequate to describe complex 
interactions of fluids and structure, moving boundaries, extreme distortions of the 
mesh, and complicated geometrical domains. Accurate numerical simulations of 
blast and penetration mechanisms would nevertheless require descriptions of struc- 
tural resistance mechanisms and mechanics/physics-based approaches. 

This chapter attempts to provide a comprehensive review of a complex topic in- 
volving projectile penetration and blast loading effects on solids and structures for 
readers who are not familiar or new to the research topic. Most of the research results 
on this topic could be found in obscure government technical reports, proceedings of 
ballistic symposiums, and unpublished communications. In addition, blast response 
of structural steels and concretes are also not addressed in this chapter. Therefore, 
no attempt is made to provide a complete literature survey of the research area and 
instead, this chapter discusses the issues and challenges associated with the numer- 
ical modeling of highly nonlinear penetration and blast phenomena. Section 11.2 
discusses the background materials on the problems of projectile penetration and 
blast response to structures. While the experimental requirements on material and 
penetration modeling are addressed in Sect. 11.3, the computational requirements 
are presented in Sect. 11.4. 
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11.2 Background 


The response of targets/structures to projectile penetration and blast loading is 
extremely complex due to nonlinearities associated with both materials and geome- 
tries. This section throws some light on the projectile penetration and blast problems 
involving military and civilian applications. Since analytical models are limited to a 
certain narrow class of impact problems, high performance computational solutions 
become essential to solve any arbitrary impact problems involving material and geo- 
metrical nonlinearities. Accurate modeling of material and structural failures would 
require advanced numerical algorithms to handle fracture and fragmentation. 


11.2.1 Projectile Penetration 


Initial efforts during 1960s and 1970s mostly focused on analytical modeling of 
rigid projectiles penetrating into thick semi-infinite target plates. These analytical 
penetration models continued to evolve and successfully modeled the various phases 
of the projectile penetration processes, including plastic deformation and erosion. 
The penetration of projectiles into metallic targets using numerical simulations 
has been studied fairly extensively during the past decade; references (Tate 1986; 
Anderson and Bodner 1988; Anderson and Walker 1991; Anderson et al. 1995; 
Ravid and Bodner 1983) supply a reasonably complete summary of articles and pa- 
pers that have used numerical simulations and analytical formulations to investigate 
long rod penetration into steel targets. 

However, the applications of analytical models are limited to metals and ideal ge- 
ometries. As the material becomes complex, such as anisotropy and heterogeneity, 
as the geometries of the projectile and target become complex, such as irregu- 
lar shapes and oblique impact, and as the failure modes become complex, such 
as plugging, spallation, fracture, and fragmentation, the analytical models become 
inadequate to predict the penetration and blast response of structures. Figure 11.1 
illustrates the complexities involved in modeling high velocity projectile penetra- 
tion problems. 


Fig. 11.1 Numerical simulation of a long rod penetration into a plate due to oblique impact 
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The penetration process involves large plastic deformation, degradation of ma- 
terial properties due to microstructural changes, generation of heat due to plastic 
flow resulting in thermal softening of the material, and defect-induced localized 
deformations. Fragmentation and crack propagation also occur in both the projec- 
tile and target. It is important to capture the effects of these processes so that the 
depth of penetration (DOP) of the projectile into the target can be numerically pre- 
dicted. With the advent of computer capabilities and advanced hydrocodes (finite 
element and finite different codes), the structural (or target) responses due to pro- 
jectile penetration and blast loading could be predicted with reasonable accuracy. 
Numerical simulations became increasingly important when the nonlinear effects 
dominated the structural failures. Penetration of a tungsten long rod into a ceramic 
plate backed by a thick steel plate was accurately modeled in this chapter using the 
wave-propagation-based Lagrangian code EPIC (Johnson et al. 2000). The DOPs 
calculated from the simulations matched extremely well with the measured experi- 
mental data. During 1970s and 1980s, several shock wave codes were developed and 
Zukas (Zukas 1990) summarizes a survey of computer codes for impact simulation 
in a book on “High Velocity Impact Dynamics.” During 1990s and to-date, these 
codes [LS DYNA (Livermore Software Technology Corporation 1999), ANSYS 
(ANSYS Code 2000), ABAQUS (ABEQUS Code 2000), AUTODYN (Century Dy- 
namics, AUTODYN-2D & 3D, 2000), and ADINA (ADINA R&D Inc 1997)] have 
been evolving with powerful numerical algorithms to handle contact, shock wave 
propagation, large deformation, fracture, and fragmentation. The readers also could 
gather additional insight into hydrocodes in Anderson’s (Anderson 1987) overview 
of the theory of hydrocodes. 

The recent advances in the area of the high performance computing (HPC) have 
permitted the armor/anti-armor designers to increasingly rely on various computa- 
tional methods in order to evaluate the feasibility of novel design concepts. Over the 
past three decades, several shock-wave-propagation-based hydrocodes have been 
developed for this purpose. Many researchers have critically evaluated the predic- 
tive capabilities of these codes and communicated their results mostly in special 
international workshops, ballistic and hypervelocity symposiums, and special ses- 
sions within large engineering/physics conferences. 

There is a large volume of printed research materials on computational modeling 
of penetration into solids. It is beyond the scope of this chapter to cite or tabulate 
all of them. Most articles appeared in the proceedings of ballistic and hyper veloc- 
ity impact symposiums during the past several decades. The readers can also find 
several relevant articles in International Journal of Impact Engineering and other 
scientific and technical journals related to structural mechanics. 


11.2.2 Blast Response of Structures 


The modeling and simulation to assess and predict the effects of blast loading on 
vehicles, structures, and human beings would require advanced next generation 
high performance computing. Figure 11.1 qualitatively depicts the environmental 
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Fig. 11.2. A variety of explosive systems and threats. A variety of military and civilian structures 


complexity, threats, and response requirements. Modern day protection require- 
ments on all types of military and civilian structures have shifted to encompass 
both conventional and unconventional threats, such as kinetic energy projectiles, im- 
provised explosive devices (IEDs), grenades, missiles, truck/car bombs, and mines 
(Fig. 11.2). 

The advanced finite element/finite volume/finite difference numerical simulation 
engines developed during 1980s/1990s use lower order numerical accuracies and 
mostly rely on library-based modular software packages that yield valid results for 
only myopic situations — usually of small ranges of time and spatial scales. The 
damage and failure assessment algorithms require small time steps of the order of 
a fraction of a microsecond. The current needs, however, are for analyses that span 
seconds. The total time steps required will be of the order of ~ 10°. 

Furthermore, high resolution meshes and grids of the order of microns are needed 
to capture important features of simulations in which component sizes and system- 
level considerations may occur at imposingly large meter scales. To illustrate this 
further, future explosive systems are expected to use nanotechnology-inspired high 
energy materials. Accurate estimation of explosion-generated shock in air and frag- 
ment loading spectrum would require the description of complex detonation and 
energy release processes. Kinney and Graham (Kinney and Graham 1985) present 
qualitative characterization of the properties of explosions in the atmosphere and 
their blast and shock propagation effects, attention is given to the underlying 
quantitative principles of explosive energy release, including the scaling laws for 
explosions and internal blast effects from confined explosions. The dynamic loads 
that blast waves impose on representative structures are then characterized, with 
attention to resulting structural damage. To realistically capture the energy release 
process may, unfortunately, require modeling of such material systems at molecular 
levels. However, the evaluation of explosive system effects has to occur in the con- 
text of widely varying target types, such as buildings, vehicles, humans, and other 
civilian and military structures. This is an extremely complex task that needs a suite 
of software capable of describing a range of extremely different materials, such as 
hard steels to soft tissues. 
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Modeling blast effects on structures requires a two-step process. The first step 
is modeling of the blast itself through multiphase flow resulting from the detona- 
tion of enhanced blast explosives and the second step is to model the effects of 
blast (explosive systems) on military/civilian structures as well as soldiers. Har- 
gather and Settles (Hargather and Settles 2007) recently measured the position of 
explosive-driven shock wave as a function of time under a well-controlled laboratory 
experiment using optical shadowgraphy and high-speed digital imaging. Employing 
this data, the loading history in terms of peak overpressure and distance were de- 
termined. In an uncoupled blast response analysis, the experimentally determined 
pressure history is usually applied as surface loads. The implicit assumption in the 
numerical modeling is the blast generated shock loading is unaltered by the struc- 
tural deformation and motion. Also, the shock wave propagation in the structure is 
often neglected in the uncoupled analysis. However, depending on the intensity of 
the shock and the propagation distance, it is important to consider coupled nonlinear 
analysis in which the pressure history is modified to include the effect of structural 
deformation, deflection, and any rigid body motion. During the past 10 years, sev- 
eral new codes, such as CTH (McGlaun et al. 1990), ALEGRA (ALEGRA 2000), 
ZAPOTEC (ZAPOTEC 2000), and ALE3D (ALE3D 2000) with advanced coupling 
algorithms have been developed to perform scalable coupled calculations. 

Recently, Kambouchev, Noels, and Radovitzky (Kambouchev et al. 2007) de- 
veloped analytical/numerical methods to compute the flow field corresponding to 
blast waves of different incident profiles propagating in air and impinging on free- 
standing plates. The numerical methods consider compressibility effects in the 
fluid and their influence on the plate dynamics. This study shows the effect of the 
fluid—structure interaction (FSI) in reducing transmitted impulse in the presence of 
compressibility. This study further showed that the practical applicability of ex- 
ploiting FSI effects (reduced impulse) in the design of blast-mitigating systems is 
limited by the requirement of large plate displacements of the structures. Readers 
could refer to this chapter for several other articles that address blast wave effects on 
structures. The results described in those references are for problems in which the 
wave shapes are assumed and the corresponding loading conditions on a structure 
are derived either analytically or numerically. The blast itself is not simulated using 
three-dimensional Lagrangian finite element or Eulerian finite volume codes. 


11.2.2.1 Blast Modeling 


This requires improved physical understanding of detonation and explosion pro- 
cesses involving the blast chemicals, their packaging, and environmental conditions. 
It is essential to accurately model the explosion/combustion reaction chemistry to 
deal with the issues surrounding reacting multiphase flow from metalized blast 
explosives (using aluminum, higher density metal fuels, and/or thermites, etc). Tur- 
bulent mixing, combustion, and reaction chemistry (during both the detonation and 
fireball formation) need to be addressed. During the past two decades, new com- 
putationally intensive physics-based models and numerical algorithms to describe 
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these complex processes have been successfully developed. However, there are sev- 
eral modeling challenges that require rapid progress during the next decade for these 
technologies to reach deployable levels. The capability to independently represent 
both the fluid and particulate components in a manner that can be coupled to and 
apply mechanical forces on a structure is essential. This includes modeling the tur- 
bulent nature of the flow that occurs after fireball formation, turbulent mixing of 
the gas/particulate phases, and any particulate interaction with the turbulence struc- 
tures. The dispersion and attenuation of the blast-induced shock propagation in air 
and the time and space resolved momentum and energy distribution due to blast 
generated fragments need to be accurately modeled. The challenge includes model- 
ing of a wide range of physics/chemistry/mechanics involving scales ranging from 
microseconds to seconds and from microns to meters. 

In structural response calculations, the blast pressures are often estimated empir- 
ically using a plot of overpressure p as a function of time f. For assessing structural 
vulnerability or failure, this pressure versus time is characterized by a peak pres- 
sure P,, that represents the intensity of the applied loading and an impulse t that 
is the time integral of the overpressure for the total time duration or loading pulse. 
As one would expect the overpressure generated in each blast event is a function 
of the type of explosive material, the amount of the explosive, and the distance 
to the detonation. Most blast-resistant structural designers or people who perform 
blast effects studies follow some sort of standard “practices” or “procedures” that 
simplify the complex blast phenomena, blast wave/structural coupling, and blast 
effects on structural failures through empirical methods and engineering failure 
analyses of building materials and components. Smilowitz and Mlakar (Smilowitz 
and Mlakar 2005) provide a comprehensive review of the vulnerability to malevo- 
lent explosions in their book chapter. 


11.2.2.2 Blast Effects Modeling 


This requires parallel, explicit, Lagrangian codes with a library of continuum and 
structural elements, robust parallel contact algorithms capable of dealing with 
explosively driven deformations, and adaptive techniques to capture the physics 
of localization and subsequent failure. The important algorithmic features in- 
clude: (1) smooth and non-smooth contacts; (2) cohesive type zones; (3) adaptive 
meshes/nodes; (4) physics-based constitutive and progressive damage models for 
a variety of metallic, ceramic, and composite materials; (5) equations of state in- 
cluding phase transitions and phase changes; (6) MD potentials for new materials; 
and (7) interface modeling. The design optimization of explosive systems and their 
effects involves problems that are geometrically and materially nonlinear and are 
highly complex due to the complex deformation flow and failure. Fracture and 
fragmentation of large military and civilian structures require billions of elements 
or nodes at a variety of spatial and temporal scales involving nanometers and 
picoseconds to meters and seconds. 
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With the advent of computer capabilities, it is now possible to estimate failure 
of complex structures, such as multistory buildings, through detailed finite ele- 
ment/finite volume modeling of both the blast event and coupled structural response 
due to blast loads. However, actual engineering practices that involve vulnerability 
assessment of buildings to blast loads often employ simplified analytical techniques 
for obtaining conservative estimates of the blast effects. 


11.3. Experimental Validation 


With the advent of high performance computing capabilities, most impact-resistant 
structural designers often rely on computational simulations to evaluate the feasi- 
bility of novel concepts. One of the two key aspects that contribute towards the 
predictive capability of these codes: (1) accuracy and robustness of the numerical 
algorithms, and (2) validity and generality of the material models. When new ma- 
terials are proposed for use in armor and anti-armor and other structural systems, it 
becomes a real challenge to develop appropriate material strength and failure models 
for computational applications. Model validation is performed through comparisons 
between results from hydrocode simulations and measured data from a variety of 
shock, impact, and penetration experiments. The tasks of validation and verification 
of hydrocodes require accurate diagnostic measurements of stress, pressure, strain, 
surface velocity, and deformed shapes from these experiments. Recently Konrad 
et al. (Konrad et al. 2000) have presented a data base for validating advanced nu- 
merical codes over a broad range of strain rates with extremely well-defined input 
conditions. 

Rajendran (Rajendran 2003) presented a review of diagnostic measurements 
commonly employed in high-strain-rate, shock, and impact experiments that have 
been useful in the development of constitutive and failure models for metals and 
ceramics. The frequently used measurement techniques for time resolved mea- 
surements, that is, (1) longitudinal and lateral stresses using piezo-resistive stress 
gauges, such as the Manganin gauge, Ytterbium gauge, and Carbon gauge in 
shock/stress wave experiments (Rosenberg et al. 1984; Brar and Gupta 1987); 
(2) strains using strain gauges in split Hopkinson bar (SHB) experiments 
(Nicholas 1981; John et al. 1991); and (3) particle velocity using the Velocity 
Interferometer System for Any Reflector (VISAR) in shock wave propagation ex- 
periments (Baker and Hollenbach 1972). In addition, Rajendran (Rajendran 2003) 
includes discussions of time-resolved photographs obtained by employing high- 
speed photography of dynamically deforming specimens in SHPB tests, plastically 
deforming specimens in Taylor impact tests, and dynamic fracture of ceramic rods. 

Diagnostics shock and penetration experiments are very important in validation 
and verification of constitutive and failure models. Most often, a physically consis- 
tent set of values for the model constants is very difficult to obtain. Several different 
experimental configurations are needed to establish generality of model constants. 
It is advantageous for a model to have most of its parameters that can be directly 
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measured or determined from the experiments; examples are shock wave speed, 
fracture toughness, strain rate sensitivity, strength, and stiffness. Unfortunately, most 
models often have parameters that are determined through calibration of measured 
wave profiles using a trial and error procedure. 

While shock and impact experiments performed under an idealized stress/strain 
state provide several fundamental properties, there is an urgent need for multiaxial 
diagnostic experiments to obtain data based on in situ measurements of fracture and 
fragment of solids. With the availability of improved measurement techniques and 
availability of high-resolution devices, such as high-speed camera, flash X-rays, line 
VISAR, and stress gauges, it is now possible to design “theory-critical” experiments 
to validate the model constants. 


11.3.1 Diagnostic Penetration Experiment 


In general, constitutive model parameters are often determined from a combina- 
tion of direct measurements of certain properties (e.g. Hugoniot elastic limit, spall 
strength, and shock wave speed) and a calibration scheme through direct compar- 
ison of measured wave profiles determined from plate impact experiments with 
hydrocode simulations. Plate impact tests with short durations have the advantage 
of a simple one-dimensional strain loading history. Ballistic experiments, on the 
contrary, have much longer time duration (> 100 microseconds) with complex mul- 
tiaxial loading conditions. A combination of diagnostics techniques may be required 
to obtain measurements of stress, strain, velocity, pressure, and deforming configu- 
rations in a multiaxial shock wave experiment. For instance, Chang and Rajendran 
reported an experimental configuration as shown in Fig. 11.3 in which simultane- 
ous in situ measurements of tail-end velocity history using a 94GHz CW Doppler 
radar system (Vincent and Chang 1990) and stress history inside a multilayer tar- 
get using embedded piezo-resistive stress gauges (Chang and Rajendran 1997) that 
provided data to validate constitutive models under a complex multiaxial loading 
conditions. They investigated the predictive capabilities of ceramic damage models 
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in reproducing the measured stress histories and the Doppler radar system measured 
in situ tail velocity of the projectile. Since the model parameters were obtained from 
quasi-static compressive tests, conventional high strain rate, and one-dimensional 
shock wave experiments, the generality of the model is further validated through 
this type of multiaxial penetration experiments. 

Gooch et al. (Gooch et al. 1996) reported dynamic X-ray imaging of an armor- 
piercing bullet penetrating a two-layered ceramic target. The main diagnostic tools 
were dual one-MeV HP flash X-ray pulsers mounted on the impact chamber of a 
100-mm light gas gun. These tests were performed in reverse ballistics with the 
projectile kept stationary. In these experiments, a ceramic tile was glued to a soft 
substrate. From the post-test measurements, the extent of bulging of the substrate, 
the diameter of the cavity created by the bullet, and the final depth of penetration 
are measured and compared with model predictions through numerical (finite ele- 
ment/difference) simulations. 

These comparisons reveal that the model constants can be adjusted to match the 
final condition of the target. However, the availability of critical data on the ini- 
tial penetration process would provide further insight into the range of values for 
model parameters. For example, in Fig. 11.4, the time resolved X-ray flash im- 
ages clearly show that the bullet was dwelling at the impact surface for about 15 
to 20 microseconds before penetration. The models that matched the final config- 
uration completely fail to match the dwell time observed in the experiments; the 
models with different assumptions and formulations (such as phenomenological vs. 
microcracking based) predict bullet penetration into the ceramic within 1 or 2 mi- 
croseconds. To match the flash X-ray data and the depth of penetration both the 
model and the model parameters required additional modifications. 

During 1990s, experimentalists working in the area of penetration and frag- 
mentation research areas developed in situ diagnostics measurements using X-ray 
radiographs to capture time resolved fragmentation processes in high velocity pen- 
etration experiments. Figure 11.5 shows the fragmentation of a tungsten projectile 
and a thick steel target plate. These data are extremely important and essential to 
verify and validate the generality of damage and fracture model parameters under 


Fig. 11.4 Flash radiographs of a bullet penetration into a ceramic glued onto a polyethylene plate; 
(a) 10 microseconds and (b) 25 microseconds. The APM2 bullet dwells at the front face of the 
ceramic for about 15 microseconds. The lead material flows laterally (dark portion) at the bullet tip 
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Fig. 11.5 Radiograph from an experiment in which a tungsten long rod penetrated into an inclined 
steel plate at 1,615 m/s (Heider et al. 2004) 


multiaxial loading conditions. It is important for the readers to realize that the model 
parameters were most of the time calibrated or determined using data obtained in 
laboratories under idealized stress — strain states. Often, researchers show excellent 
matching between measured signals (such as the VISAR and stress gauges from 
one-dimensional strain based plate impact tests, and strain gauges from uniaxial 
stress based Hopkinson bar test) and simulation results from hydrocodes. However, 
without further validation of the model parameters through comparison with mul- 
tiaxial experimental measurements, the predictive capabilities of the constitutive, 
damage and failure models are often not guaranteed, and remain as speculative. 


11.4 Modeling Requirements 


The predictive capabilities of hydrocodes depend on several factors: (1) ro- 
bust smooth and non-smooth contact algorithms; (2) nonlinear error estimates 
(Radovitzky and Ortiz 1999); (3) algorithms to handle material erosion due to large 
deformation; (4) adaptive mesh to handle localization (Camacho and Ortiz 1997); 
(5) accurate equations of states; (6) materials strength models; (7) progressive dam- 
age models to describe degradation of strength and stiffness; (8) cohesive elements 
and laws to describe separation of materials [discrete fracture and fragmentation 
(Ortiz and Pandolfi 1999)]; (9) special elements to handle a variety of structural 
features (fabric, beams, shells, trusts, and plates); (10) special algorithms to handle 
numerical instabilities, such as hour-glassing and shear locking; (11) artificial vis- 
cosity to describe shock propagation; and (12) algorithms to describe fluid—structure 
interactions. 

Since the structural response calculations to blast loading and _ projectile 
penetration involve extreme loading conditions, the advanced modeling and 
simulation to predict the response and survivability of light (automobiles and 
some army vehicles), heavy (armored tanks, navy ships, bunkers), and small 
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(body armors, helmet) systems, would often require a wide range of algorithms 
for material strength and damage (constitutive) models, meshes for nonlinear 
geometries, contact, and cohesive zones. 

The dynamic failure of materials subjected to high strain rates frequently involves 
the development of complex fracture and fragmentation patterns. The formation 
of such complex and evolving material failure requires the application of contact 
algorithms capable of resolving complex, multibody, and non-smooth contact sce- 
narios. Such algorithms are currently implemented within the contact module. The 
non-smooth contact method starts by predicting nodal positions, velocities, and 
accelerations without regard to contact. The contact constraints are then invoked 
to correct nodal positions using simple rules of linear and angular momentum 
balance. The ability of the contact algorithm to accurately track discrete contact 
events between elements of the finite-element mesh, while required by fracture and 
fragmentation, may not be optimal in the cases when cracks are not formed. The 
balanced master-slave contact algorithm has been provided to improve the perfor- 
mance in such instances. 

The predictability of numerically robust hydrocodes depends on our ability to 
model the material response accurately and realistically through physics/mechanics- 
based constitutive (strength) and progressive damage models. In armor applications, 
two different failure mechanisms as shown in Fig.11.6 have been observed in 
titanium plates when the microstructure was modified through different process- 
ing techniques. In projectile penetration experiments, it has been shown that the 
failure of the titanium plate changed from adiabatic shear-induced plugging to plas- 
tic bulging-induced burst of the back surface as shown in Fig. 11.6. The role of 
mechanics was mainly in the failure analysis to explain these two different fail- 
ure mechanisms by modeling the plugging process through adiabatic shear band 
evolution and the bursting process through plastic strain-controlled tensile failure. 
Accurate and realistic simulations of the formation of shape charged jet and ex- 
plosively formed projectiles require strain rate and temperature-dependent strength 


Fig. 11.6 Processing effects (heat treatment at above and below f — transus) on the failure mech- 
anism in a Titanium alloy (Ti-6A1-4V) target plate due to projectile (steel cylinder) penetration at 
815 m/s. (a) plugging-type failure for above B — transus; shear dominant; (b) spall failure for below 
B-transus 
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Fig. 11.7 Axisymmetric simulation of an explosively formed copper projectile (EFP) using a 
Lagrangian code with two assumed material responses for: (1) elastic-perfectly plastic, and (2) 
elastic-plastic strain and strain rate hardening. Radiographs from experiments (not shown in the 
figure) matched qualitatively the shape of the EFP corresponding to the elastic—plastic strain and 
strain rate hardening case 


(constitutive) model descriptions. The strain hardening and strain rate hardening 
behaviors significantly influence the final shapes of these types of projectiles. 

Figure 11.7 illustrates the important requirement of accurate description of the 
stress-strain response of materials. When the behavior of OFHC copper is assumed 
to be elastic-perfectly plastic, the numerical simulation of the explosively formed 
projectile (EFP) showed unrealistic stretching and poorly compared with the ra- 
diographs images obtained from experiments. Note that the experimental image is 
not shown in the picture. However, the accurate modeling of copper as an elastic- 
strain and strain rate hardening material with accurate material model parameters 
generated an EFP shape that compared well with the radiographs obtained from 
experiments (not shown in the figure). 

Figure 11.8a illustrates another example of projectile penetration into a layered 
and confined ceramic armor. The ceramic is completely confined in a steel case, 
bottom, and top cover plates. The main objective of this design is to prevent pre- 
mature cracking of the ceramic plate due to flexural or tensile waves that could be 
generated from the impact and penetration of a tungsten projectile at very high ve- 
locities (>1km/s). The actual radiograph from the penetration experiment is shown 
in Fig. 11.8b. The radiograph shows the tungsten rod penetration into the steel cover 
plate and dwelling at the interface unable to penetrate the ceramic plate. The tung- 
sten rod that is unable to penetrate the ceramic plate starts eroding at the interface 
of steel and ceramic front face as seen in Fig. 11.8b. The microstructure in the insert 
shows micropores, and intergranular and transgranular microcracks. 

Figure 11.9 shows computational results of Holmquist and Johnson (Holmquist 
and Johnson 2002) compared to experimental results for the striker velocity of 
1,410 m/s provided by Lundberg et al. (Lundberg et al. 2000) in Fig. 11.8b. The 
tests were performed by impacting a confined ceramic target onto a long stationary 
rod (of tungsten or molybdenum). The strength variation with respect to strain rate, 
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Fig. 11.8 (a) A schematic of a tungsten long rod projectile striking a confined ceramic plate at 
about 1,500 m/s velocity; (b) Radiograph from the penetration experiment (Lundberg et al. 2000). 
The insert shows ceramic fracture from the recovered ceramic plate 
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Fig. 11.9 Computed results for a tungsten rod impacting a confined silicon carbide target at 
1,410 m/s. (a) penetration of steel cover at 10 1s, (b) dwell at 20 1s, (c) dwell at 36 ws, (d) close 
up of material flow at 36 1s, and (e) close up of material damage at 36 ws 
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pressure, and damage of the silicon carbide was described through a phenomeno- 
logical model (Johnson and Holmquist 1994). 

During 1980s and 1990s, most Lagrangian finite element codes with shock wave 
propagation and contact algorithm capabilities often dropped the highly distorted el- 
ements from the calculations to avoid solution time step to become extremely small. 
Though this “eroding-the-elements” algorithm did not provide inaccurate solutions 
to projectile penetration problems, it did generate a certain numerical artifact in 
the simulation results. Since the conservation of mass is strictly not obeyed, some 
compromise or approximation is made in the solution. A new Lagrangian com- 
putational approach has recently been developed by Johnson and his co-workers 
(Johnson et al. 2002a, b; Johnson and Stryk 2003). With this approach the initial 
grid is composed of finite elements, and these elements are then automatically con- 
verted into meshless particles as the computations progress. This allows structural 
deformations to be accurately and efficiently computed with finite elements, and the 
highly distorted regions to be robustly represented with meshless particles. Several 
contact conditions must be considered: element on element, particles attached to 
elements, particles contacting and sliding on elements, and particles of two differ- 
ent materials interacting with one another. In addition to penetration problems, this 
approach has been applied to fragmentation and blast, including explosive—air—soil— 
structure interaction. 

One of the important effects of explosive systems and other kinetic energy pen- 
etrators on armored vehicles is the generation of highly lethal behind armor debris. 
Figure |1.10a shows the computer simulation of the effects of behind armor debris 
that were generated by a tungsten long rod penetration into a multilayered target 
plate on a witness plate. Figure 11.10c shows a radiograph obtained from a long 
rod penetration into a thick plate. The rod after penetrating the thick plate breaks 
into three parts. The corresponding results from a Lagrangian finite element code 
simulation of this experiment compares extremely well with the radiograph as can 
be seen from Fig. 11.10b. The simulated behind armor debris characteristics also 
compare well with the radiograph. Fracture and fragmentation of large military and 
civilian structures require billions of elements or nodes at a variety of scale levels 
and temporal scales involving picoseconds to seconds. 

Some of the capabilities of this approach are illustrated in the computational re- 
sults in Fig. 11.11. In Fig. 11.11 a tungsten projectile perforates a steel plate and 
forms a large number of different-sized fragments, and the computed distribution 
of fragment sizes is in good general agreement with the experimental results. The 
computed results in Fig. 11.12 are for a problem that is identical to that shown in 
Fig. 11.11 except a concrete target is used. The computation on the left side is for the 
same impact velocity of 1,020 m/s, the center is for an impact velocity of 200 m/s, 
and the right side is for an impact velocity of 100 m/s. Concrete is much weaker 
and less ductile than steel and the fragment size is much smaller than for the com- 
parable velocity in Fig. 11.11. As the impact velocity is reduced the fragment sizes 
become larger. It is clear that fragmentation is dependent on both impact velocities 
and materials. 
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Witness Plate 


Fig. 11.10 (a) Simulation of a tungsten long rod penetration into a three-layer plate. The behind 
armor debris (BAD), (b) the residual long rod after penetration of a single steel plate strikes a 
witness plate in the simulation, and (c) radiograph from the single steel plate experiment 
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Fig. 11.11 Computed and experimental results of fragmentation resulting from impact of a tung- 
sten projectile onto a steel target at 1,020 m/s (Johnson et al. 2007) 


Another computation, involving a jacketed projectile impacting a layered 
ceramic—aluminum target, is shown in Fig. 11.13. Here, a few major cracks form in 
the ceramic and it breaks into a few large pieces. In all of these computations, the 
Lagrangian nature of the approach provides a clear definition of the boundaries and 
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Fig. 11.12 Computed results for impact of a tungsten projectile onto a concrete target at impact 
velocities of 1,020 m/s (left), 200 m/s (center), and 100 m/s (right) 


Fig. 11.13 Computed results for impact of a jacketed projectile onto a layered ceramic/aluminum 
target at an impact velocity of 900 m/s 


interfaces. These examples clearly demonstrate the complexities and computational 
requirements for describing or simulating fracture and fragmentation without rely- 
ing on to numerically intensive cohesive elements-based algorithms. However, there 
are dynamic fracture propagation-based impact problems that would require frac- 
ture mechanics and cohesive elements applications as proposed by such as the one 
developed and proposed by Ortiz and his colleagues (Radovitzky and Ortiz 1999; 
Camacho and Ortiz 1997; Ortiz and Pandolfi 1999). 


11.5 Conclusions 


The accurate and realistic structural response calculations involving blast and ballis- 
tic penetration are complex and requirements are stringent in terms of both material 
description and numerical algorithms. Results often become sensitive to the mesh 
design as well as the contact algorithms. Severe mesh distortions and creation of new 
boundaries/stress-free surfaces limit hydrocode’s ability to make structural failure 
predictions. Also, conventional Lagrangian FEM codes that handle general purpose 
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structural dynamics problems are not efficient and accurate to model shock wave 
propagation and projectile penetration problems. To accurately describe steep stress 
and strain gradients involving deformation localization, contact, physical separation 
of materials, and moving boundaries in blast and penetration problems, special pur- 
pose finite element/finite volume codes with unique numerical algorithms to handle 
mesh distortion and nonlinear error propagation are required. Accurate modeling of 
stress-free surfaces inside a bulk solid should include cohesive elements, rigorous 
contact algorithms, adaptive mesh to capture steep gradients due to localization of 
deformation or due to nucleation and propagation of fracture fronts, and a non- 
linear error estimate to assure solution stability and uniqueness. In addition, the 
predictability of blast and ballistic responses of structures and solid armor plates 
requires computationally intensive constitutive, damage, and failure models with 
parameters calibrated from a variety of experiments with a wide range of stress and 
strain states, strain rates, temperatures, and pressures. The mesh distortions can be 
handled through adaptive mesh, algorithms that convert highly distorted elements to 
particles, meshless finite volume methods, etc. 
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Chapter 12 
Advances in Cohesive Zone Modeling 
of Dynamic Fracture 


Andrew Seagraves and Rail Radovitzky 


Abstract In this chapter, we review the state of the-art in computational methods 
for modeling dynamic fracture of brittle solids based on the popular cohesive ele- 
ment approach. The discussion includes a detailed review of the underlying theory, 
its implementation via interface elements in its two different flavors: the intrinsic 
and extrinsic approach, as well as the application of the method to different con- 
crete problems in dynamic fracture. Limitations and numerical issues are discussed 
in detail. As a means to address some of these issues, we describe an alternative 
approach based on a discontinuous Galerkin (DG) reformulation of the continuum 
problem that exploits the virtues of the existing cohesive element methods. The 
scalability and accuracy of the DG method for fracture mechanics is demonstrated 
through wave propagation and spall tests in ceramics. Lastly, some unresolved open 
problems and numerical issues pertaining to cohesive zone modeling of fracture are 
briefly discussed. 


Keywords Dynamic fracture mechanics - Brittle solids - Discontinuous Galerkin 
Methods - Cohesive zone model - Parallel Computing 


12.1 Introduction 


Computational modeling of dynamic fracture has been popularized by the ability to 
incorporate fracture models into conventional finite element codes. While computa- 
tional methods for dynamic fracture have the potential to overcome the limitations of 
analytical descriptions (studied in detail in the classic textbook by Freund (1989)), 
current implementations suffer from a variety of limitations and numerical issues 
involving accuracy, stability, consistency, scalability, etc. A popular approach to 
computational modeling of dynamic fracture is based on continuum damage mod- 
els, in which failure is accounted for in the material constitutive model. Continuum 
damage approaches are generally hindered by the large extent of averaging that 
must be done in order to include small-scale aspects of the material response. Typi- 
cally, the shape and size distribution of cracks in a specimen must be assumed from 
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the outset, and then the effective continuum response is extracted by averaging the 
small-scale response over a representative unit cell of material. In assuming that the 
homogenized model holds over an entire body, the discrete nature of the separation 
process is lost and fracture is modeled in a continuum sense as a gradual degrada- 
tion of the elasticity of volumetric material elements through accumulated damage. 
Evidently, the most fundamental objection to damage approaches is that they are 
unable to capture the formation and propagation of a few dominant cracks leading 
to structural failure. In addition, damage approaches are known to exhibit spurious 
mesh dependencies due to their inability to encode a sound intrinsic fracture en- 
ergy into the model, leading to the pernicious result that the energy dissipated in the 
fracture process tends to zero with decreasing element size. 

An alternative, also very popular, class of computational methods that have 
shown promise for modeling complicated processes of dynamic fracture is based 
on cohesive zone theories of fracture. The basic idea underlying the cohesive zone 
approach is to consider fracture as a gradual process of separation that occurs in 
small regions of material adjacent to the tip of a forming crack, an idea originated 
in the work of Dugdale (1960) and Barenblatt (1962). The separation is resisted by 
tractions described by a phenomenological traction—separation law (TSL). In con- 
trast to damage approaches, cohesive theories seek to model accumulated damage 
as an effective behavior only of the fracture process zone, represented as a gradual 
degradation of the cohesive tractions. Perhaps the popularity of the cohesive zone 
method (CZM) is owed to the ability of incorporating the method into existing FE 
codes via interface elements. In this implementation of the theory, crack openings 
are represented as displacements jumps at the interelement boundaries. 

Despite the potential of cohesive element approaches for treating a broad class 
of fracture mechanics problems in three dimensions, there exist a number of nu- 
merical issues and physical limitations of the models that still must be resolved. 
One obvious limitation of this approach is that cracks are constrained to nucleate 
and propagate only at the interelement boundaries. This issue has been addressed 
by a variety of methods, including the embedded localization line method Ortiz 
et al. (1987); Dvorkin et al. (1990); Dvorkin and Assanelli (1991), the extended 
finite element method (XFEM) Moes et al. (1999); Dolbow et al. (2001); Areias and 
Belytschko (2005), and the cohesive segments method Remmers et al. (2003, 2008). 
Other important issues include mesh dependency of the crack propagation paths and 
energy release, problems with the propagation of stress waves and associated sta- 
bility of time integration algorithms, and problems with the parallel implementation 
of topological mesh changes emerging from the propagation of cracks. As is well 
known Xu and Needleman (1994); Miller et al. (1999); Ruiz et al. (2001); Zhou and 
Molinari (2004); Zhang et al. (2007), mesh dependency is a direct consequence of 
the inability of the cohesive element approach to spatially resolve the fracture pro- 
cess zone. In principle, the only way to address this problem, if at all possible, is 
to employ very highly refined meshes or adaptive schemes, which in turn, demands 
scalable schemes enabling large-scale simulations, especially in three dimensions. 
In a sense, any computational fracture approach based on a cohesive response of in- 
terelement boundaries in a fixed mesh is inherently mesh dependent as the location 
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of possible crack nucleation sites and crack propagation paths is determined solely 
by the discretization. Another essential aspect of dynamic fracture is the propa- 
gation of stress waves inside the fracturing material, as inertial effects can play 
a strong role in the driving force for crack propagation and in determining crack 
propagation speeds Freund (1989). As is well known Xu and Needleman (1994); 
Geubelle and Baylor (1998); Espinosa and Zavattieri (2003), wave propagation is- 
sues arise in some classes of existing cohesive element approaches. Other methods 
suffer from a lack of scalability due to the complexity of the parallel implementa- 
tion. The emphasis on scalable implementations stems from the need to describe 
complex crack propagation patterns arising in three-dimensional situations (i.e., ra- 
dial, conical cracks in localized impact of ceramics), which is also related to the 
mesh dependency issue alluded to above. 

The main purpose of this chapter is to review the state of the art in computational 
methods for modeling dynamic fracture of brittle solids, paying exclusive attention 
to cohesive element methods. In the following sections, we will detail the imple- 
mentation of these methods in FE codes and review the numerical issues associated 
with them. In light of these issues, and as a possible avenue for addressing them, we 
introduce an alternative approach based on a discontinuous Galerkin (DG) refor- 
mulation of the continuum problem that exploits the virtues of the existing cohesive 
element methods. Discontinuous Galerkin methods are a generalization of weak for- 
mulations, allowing for discontinuities of the problem unknowns in the interior of 
the problem domain. Compatibility, consistency, and stability of the methods are en- 
sured by recourse to boundary integral terms on the subdomain interfaces involving 
jump discontinuities Arnold (1982); Bassi and Rebay (1997); Cockburn and Shu 
(1998); Brezzi et al. (2000); Lew et al. (2004); Eyck and Lew (2006); Noels and 
Radovitzky (2006, 2008). One of the advantages of the DG approach for fracture 
mechanics problems based on CZMs is that it naturally leads to a consistent consid- 
eration of the elasticity of the cohesive elements prior to fracture, in stark contrast to 
some cohesive approaches. This, in turn, naturally avoids the common issue of prop- 
erly describing stress-wave propagation in the uncracked body. Another important 
feature of the DG method proposed in Noels and Radovitzky (2008) is its inher- 
ent scalability that enables large-scale simulations as required for three-dimensional 
problems. 

The organization of this work is as follows. First, we describe the theoretical ori- 
gins of the cohesive zone concept in Sect. 12.2 and its implementation in FE codes 
formulated within the continuous Galerkin framework (CG) in Sect. 12.3. In Sects. 
12.4 and 12.5 we review the formulation, applications, and issues associated with 
the various types of cohesive laws. In Sect. 12.6, we introduce the DG framework 
and its formulation and implementation in the context of dynamic fracture as pro- 
posed in Seagraves et al. (in preparation), followed by an application of the parallel 
computational framework to the modeling of a ceramic spall test that demonstrates 
the various features of the method. Finally in Sect. 12.7, we discuss some of the re- 
maining open questions in cohesive zone models and identify unresolved issues in 
their numerical implementation in FE codes. 
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12.2 Origins of the Cohesive Zone Approach 


Computational approaches to dynamic fracture based on cohesive zone models are 
rooted in theories initially put forward by Dugdale (1960) and Barenblatt (1962), 
which established a framework for modeling nonlinear separation processes at the 
tips of sharp geometric discontinuities within materials that otherwise behave as 
linearly elastic. Theories of fracture mechanics based on linear elasticity are insuf- 
ficient for directly modeling separation processes at the crack tip since they only 
determine the near-tip fields in regions outside of the fracture process zone. Cohe- 
sive theories, on the other hand, attempt to directly model crack face separation as a 
displacement jump A across an initially coincident surface extending from the crack 
tip (called a “cohesive surface”). The displacement jump is defined by 


A=9'-g =I¢l, (12.1) 


where g* and g~ are the displacement vectors for two initially coincident points 
on the cohesive surface. The separation process is resisted by macroscopic forces T 
acting on the cohesive surface (called the “cohesive tractions”), which are expected 
to decay to zero when new crack surfaces are formed at some critical amount of 
opening ahead of the crack tip, as required by the free surface condition of new 
crack flanks. 

Barenblatt (1962) connected the cohesive zone idealization of the separation 
process at the crack tip to phenomenological damage mechanisms in elastic brit- 
tle fracture involving the separation and cleavage of atomic planes in the process 
zone. In this work, he argues that the separation process at the crack tip involves 
displacement jumps of the order of the molecular spacing (occurring as a result of 
macroscopic separation of atomic planes), which are beyond the resolution of LEFM 
(see Fig. 12.1). Phenomenologically, the cohesive tractions are expected to depend 
locally on the amount of atomic separation, but not on the undamaged bulk mate- 
rial outside of the cohesive zone. Hence, Barenblatt assumed that the constitutive 
response of a cohesive surface in a brittle elastic material can be specified through a 
traction—separation law (TSL) of the following form 


T=T(A). (12.2) 
Crack face separ ation occurs Idealization of atomic separation 
across cohesive zone processes in cohesive zone 


Cohesive tractions 


Sharp crack 


Cohesive zone 


Physical extent of 
crack 


Fig. 12.1 The cohesive zone interpretation of brittle fracture 
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Barenblatt argued that new crack surfaces are formed when the separation in the 
atomic lattice is much larger than the molecular spacing, at which point the cohesive 
tractions should decay to zero. Based on the assumptions that the cohesive zone is 
smaller than the size of the whole crack, and that the cohesive tractions conform 
to (12.2) irrespectively of its specific functional form, Barenblatt demonstrated that 
the size of the cohesive zone can be chosen so that the stress predicted at the free 
edge of the process zone is zero. This important result eliminated the singularity of 
the stress field at the crack tip predicted by LEFM. 

A rigorous proof of the independence of the TSL from the bulk material behavior 
in general elastic materials was provided later by Rice et al. (1967); Rice (1968) us- 
ing an analysis based on the J-integral. For an initially coincident cohesive surface 
of length R ahead of a two-dimensional crack growing in the e; direction, we have 


R lo) 
J = | T-AidXy =| T(A)-dA (12.3) 
0 0 


and hence the form of (12.2) holds for linear and nonlinear elastic materials. 
Because of the first and second laws of thermodynamics Lubliner (1972, 1973), 
the cohesive law for brittle elastic materials can be shown to have a potential struc- 
ture. This implies that the cohesive tractions can be obtained from a free energy 
density function ¢ (called the “cohesive free energy density”’) by differentiation. 


_ ¢ 


P= 


(12.4) 


Phenomenologically, we expect that the cohesive tractions will vanish at some 
finite critical value of separation A,. Introducing this assumption into (12.3), and 
recalling that the J-integral is equal to the Griffith critical energy-release rate G, 
for elastic materials, we obtain 


Ac 
J=G= / T (A) -dA = $cep. (12.5) 
0 


where ¢sep = & (A = A_) is called the work of separation. Hence, the J-integral 
analysis also shows that at the critical value of separation, the work done per unit 
crack area by the cohesive tractions on the displacement jumps is equal to the critical 
energy-release rate, G., in the Griffith sense (1920). 

In the formulation of specific cohesive models, a particular form is chosen for 
the cohesive energy density function, which commonly depends on the choice of a 
critical cohesive stress 0c, and a critical opening displacement A,. Evidently then, 
the relation @sep = G, establishes a fundamental link between the cohesive law and 
physically based fracture process parameters, and in turn enables the calibration of 
these two model parameters to experiments. 

The relationship between the cohesive law and the critical energy release rate 
also has important consequences for finite element simulations as it introduces a 
characteristic length /, into the calculation given by 
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where E is the elastic modulus and fis is the static tensile strength Rice (1968). 
According to Ruiz et al., this characteristic length discriminates between specimens 
of different sizes in finite element simulations Ruiz et al. (2000). 

In dynamic calculations, the choice of a TSL with a finite critical opening pa- 
rameter parameter A, introduces a characteristic time f, which was first derived by 
Camacho and Ortiz (1996) and can be written as 


le 


(12.6) 


_ pcade 
fis | 


(12.7) 


where cg is the dilatational wave speed, and p is the density. It has been argued that 
this characteristic time accounts for loading-rate effects, as suggested by the correct 
prediction of strain-rate effects in fragmentation simulations using rate-independent 
cohesive laws Pandolfi et al. (1999, 2000); Ruiz et al. (2000). 

Another important length scale associated with cohesive theories is the cohesive 
zone length, R, used in application of the J-integral, and defined for a Mode I crack 
under quasistatic loading as in Rice (1968) 


x E 4G, 
R=— ; 
$17? of 


(12.8) 


where v is the Poisson’s ratio. Evidently, the cohesive zone length has important 
implications on the choice and resolution of interpolation scheme and mesh size 
around the crack tip in numerical calculations, as the process zone must be suffi- 
ciently resolved. 


12.3 Finite Element Implementation Using Interface Elements 


Perhaps the success and popularity of the CZM of fracture is due to the ease with 
which it can be incorporated within conventional finite element formulations for 
deforming solids. In this section, we review and summarize the computational 
framework and the implementation of cohesive zone models via interface elements. 
The notation and approach from Ortiz and Pandolfi (1999) are followed. 

Our starting point is the continuum formulation of finite deformation elastody- 
namics. Given the material points X describing the reference configuration of a body 
occupying a region of space Bo C R? at time t = fo, we describe the current config- 
uration of the body at some time ¢ in the interval T = [fo, ¢¢] through the deformation 
mapping 

x= @(X,t) VXEBo, VteT. (12.9) 
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The deformation of infinitesimal material neighborhoods is described by the defor- 
mation gradient 
F= Vog(X,t) VXeBo, VteT, (12.10) 


where Vo is the material gradient operator. We must require that the Jacobian of the 
deformation be positive, i.e., 


J=det(F)>0 VXeEBo, VteT. (12.11) 


The material is loaded by body forces poB per unit reference volume and surface 
tractions T on the boundary 089. Finite element formulations allowing for a cohe- 
sive response of interelement boundaries can be rigorously derived by supposing 
that Bo is partitioned into two subbodies B> lying on the plus or minus sides of a 
cohesive surface So, denoted So- Ortiz and Pandolfi (1999) (depicted in Fig. 12.2). 
In this case, balance of linear momentum over the discontinuous body requires 


Vo-P + poB=po$ WXE Be, YteT, (12.12) 
P-N=T VXedB*, YreT, 19.13) 
[P-N]=[T]=0 VXeS*, wWeT, (12.14) 


where P = dW (F)/0F is the first Piola—Kirchoff stress tensor, and N is the outward 
reference unit surface normal. The deformation power, representing the part of the 
power expended on Bo, which is not expended in raising its kinetic energy, can be 
written as 


PP=W-K= By po (B—#)- dV + > | T-@dSo. (12.15) 
Pai Bo oe. Bo 


Inserting the equations for linear momentum balance into (12.15) leads to a gener- 
alization of the deformation power identity to a body containing a cohesive surface. 


ES > [ .P Fave +f T - []dSo. (12.16) 
= 0. So 


Fig. 12.2 A single cohesive 
surface So traversing a 
three-dimensional body Bo 
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This identity establishes the work-conjugacy relation between the cohesive tractions 
T and the displacement jumps [yg] at the discontinuous surface. These work- 
conjugacy relations form the basis for a general theory of cohesive surfaces in solids 
where the opening displacements play the role of a deformation measure and the 
tractions, of a conjugate stress measure. 

In an arbitrary brittle elastic body, quite complex dynamic three-dimensional 
crack patterns can arise. With the CZM approach, arbitrary crack growth is allowed 
for by introducing cohesive surfaces at some set of interior boundaries 07 Bon, in a 
finite element discretization Bo, = [Uz 25], where {25 represents the reference 
element with boundary dQ), and E is the number of volumetric finite elements. The 
work-conjugacy relation (12.16) results in an additional term in a formulation using 
the principal of virtual work, representing the total virtual work done over all the 
cohesive surfaces in the discretized body: 


/ (PoGn * 5Gn + Pa: Vod¢n) dV + i T (A): d5AdS 
Bon 


d7 Bon 


=| poB-deaV + f T -5g,dS. (12.17) 
Bon On Bon 


In general, the response of a cohesive surface will be different for opening and 
sliding, making it necessary to keep track of the deformed configuration of the 
cohesive surface. An adequate deformation measure is furnished by the mean de- 
formation mapping defined as 


1 
= 5 (pt +¢°) (12.18) 


from which the full deformation mapping is recovered from 


g- =G9t 


A. (12.19) 


In the simplest and most popular implementation of the cohesive zone con- 
cept, possible crack initiation sites and propagation paths are constrained to the 


interelement boundaries, and so 07 Bon = Uz, 425] \OBon. This requires the 


computation of the mean deformation mapping at all element boundaries containing 
cohesive surfaces throughout the calculation. First developed by Ortiz and Suresh 
(1993), the most common FE implementation for computing the mean deforma- 
tion mapping utilizes so-called cohesive or interface elements, which for the case 
of quadratic ten-node tetrahedral bulk elements consist of a pair of triangular six- 
noded surface finite elements whose nodes coincide with those of adjacent element 
facets undergoing separation (see Fig. 12.3). 

Denoting the standard shape functions for each part of the cohesive element by 
N,(81,52),a@ = 1,...,6 where (s;, 52) are the natural coordinates of each surface 
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Fig. 12.3. Schematic of a cohesive element. Two adjacent tetrahedra separated by an interface 
element: S+ and S— are, respectively, the facets corresponding to the tetrahedra on the positive 
and negative side as defined by the positive surface normal N and S is the midsurface 


element in a convenient standard configuration, the middle surface of the element is 
defined parametrically as 


6 
x (s) = > Ma (5) (12.20) 


a=1 


for i 
xX, = ; (xi +x). (12.21) 


where x, a = l,...,n are the nodal coordinates of the surface elements. The tan- 
gent basis vectors to the middle surface, ay (s) are computed from 


6 
fa (6) =a 6) = > xia (6) for «= (1,2) (12.22) 


a=1 


358 A. Seagraves and R. Radovitzky 


and the unit normal n (which points from S~ to S*), from 


pees (12.23) 
~ fay x ag] , 


Finally the opening displacement in the deformed configuration is computed 
from 


6 
A (s) = Dif) Na (8). (12.24) 
a=1 
with 
[=x =x, (12.25) 


Given the opening displacement vector, the cohesive-tractions are then calculated 
from an assumed form of the traction—separation law (12.2) and the nodal forces 
follow as 


a = / T; (A (s)) NadS. (12.26) 
07 Bon 


Two fundamentally different classes of TSLs have been proposed to date, differ- 
ing in the assumed prefracture response of the cohesive surfaces. In the “intrinsic 
approach,” Fig. 12.4a, cohesive surfaces within the material are assumed to have a 
reversible (i.e., elastic) response prior to the onset of fracture. Conversely, in the 
“extrinsic approach,” Fig. 12.4b, cohesive surfaces are assumed to have a rigid re- 
sponse prior to the onset of fracture. These two basic classes of TSLs have important 
implications in terms of the numerical implementation, as well as in the resulting 
numerical properties of the overall computational framework for dynamic fracture. 
In the following we describe the formulation and implementation of each type of 
law in detail, provide specific examples of phenomenological TSLs that have been 
used in practice, and discuss the numerical issues associated with each type of law. 


roy 
max Omax 


a Intrinsic law b Extrinsic law 


Fig. 12.4 Schematic of the traction—separation laws utilized in (a) the intrinsic approach and (b) 
the extrinsic approach 
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12.4 Intrinsic Approach 


Intrinsic cohesive laws for computational fracture were initially developed for 
modeling delamination processes at material interfaces Needleman (1987, 1990); 
Tvergaard (1990); Tvergaard and Hutchinson (1992, 1993). Motivated by the 
physics of the separation process in interface delamination, intrinsic cohesive laws 
assume that the cohesive traction has an initially elastic response prior to reaching 
a critical value, after which the traction falls to zero when new free surfaces are 
formed. For interface problems, the crack path is typically well known, which al- 
lows for implementation of the TSL simply as a mixed boundary condition in the 
finite element mesh. In the generalization of this approach to problems involving 
arbitrary crack initiation and propagation, the TSL is implemented at all interele- 
ment boundaries in the FE discretization using the interface element approach 
described in Sect. 12.3. Since the intrinsic form of the TSL includes an initially 
elastic response, the cohesive elements must be present throughout the entire cal- 
culation. This is usually done by splitting a continuous FE mesh and creating the 
interface element data structures prior to the calculation. Evidently, the cohesive 
elements, which are “intrinsically” present in the calculation, are then responsible 
for maintaining the compatibility and momentum transfer across elements through 
the TSL prior to fracture. This, in turn, requires the TSL to have an elastic (i.e., 
reversible) response, as well as an “intrinsic” fracture criterion, beyond which the 
cohesive element response is dissipative, irreversible, and responsible for describing 
the fracture process. 

In the following, we review a variety of intrinsic cohesive laws that have been 
proposed, provide examples of the application of these TSLs for modeling arbitrary 
brittle fracture, and discuss some numerical issues associated with the intrinsic ap- 
proach. 


12.4.1 The Polynomial Potential Law 


The first intrinsic cohesive law, developed by Needleman (1987), is formulated as a 
cohesive energy density ¢ of the following polynomial form: 


1(42) fr-$(2) +3 (2) ] 
+ie($)[2(2)+(2)] azn 
+ $o(4)[1-2(42)+()'} 


27 
wv) (An, At, Ap) = Zohn 
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Fig. 12.5 Dependence of the normal cohesive traction 7, normalized by the critical cohesive 
strength o¢, on the normal separation A, normalized by the critical separation 5, 


In this expression 6, is the critical normal separation at which @ = ¢sep and 
T, = T, = Ty = 0, o, is the maximum normal cohesive traction, and a is a 
coupling parameter describing the relative material resistance between sliding and 
opening. Since a functional form is assumed for the cohesive free energy density 
function, the cohesive tractions are obtained in this model by differentiation through 
equation (12.4). Fig. 12.5 shows a plot of the normal traction vs. the normal opening 
fora = 0. 

Needleman used this law to analyze the problem of void nucleation between 
a ductile matrix and a spherical inclusion caused by debonding on the inclu- 
sion/matrix interface. The specific form of this potential was inspired in the charac- 
teristic shape of the traction vs. separation curves observed in interface delamination 
experiments, although it was not fitted to any specific experiments. Evidently, the 
polynomial form of (12.27) guarantees that there is a well-defined decohesion point 
at a finite value of the separation, allowing for calibration of the model parameters 
to experiments. 

The particular form of (12.27) leads to a sliding traction that is independent of 
the amount of tangential separation, which is reasonable for the problem considered, 
but inadequate for describing situations involving a purely tangential failure mode. 
Tvergaard (1990) extended this law to allow for a purely tangential failure mode for 
the purpose of modeling fiber pull-out in a fibre-reinforced metal matrix composite. 
To this end, he introduced a non-dimensional scalar effective separation A defined by 


Day. (DY 
A= (22) + (3) (12.28) 
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with the cohesive tractions obtained from 


An 
=e (A; (12.29) 
A 
T= oF Ga; (12.30) 
t 
for 57 
F()= Te (1-24 +47). (12.31) 


In this expression, the cohesive tractions vanish for A > 1 such that pure normal 
separation (A; = 0) occurs at A, = 5, while pure tangential separation (A, = 0) 
occurs at A; = 6, with the other parameters defined as in (12.27). In Fig. 12.6, 
we show the dependence of the normal cohesive traction normalized by the critical 
strength on the normalized separation components. 

This model has the advantage that it encodes both normal and tangential crack 
openings in a single law through the effective separation 4. This, in principle, is a 
plausible approach to consider coupled mixed-mode fracture situations. However, it 
should be noted that in the problem considered in Tvergaard (1990), the dominant 


0.8. J..--°°7) 
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Fig. 12.6 Functional form of the TSL from Tvergaard (1990). The figure shows the dependence of 
the normal cohesive traction normalized by the critical cohesive strength (7, /o,) on the normalized 
normal and tangential separations A, /5; and A,/6,, respectively 


362 A. Seagraves and R. Radovitzky 


failure modes are a pure tangential mode during fiber pull-out followed by a pure 
normal mode of decohesion at the fiber ends. In any case, in subsequent years this 
formulation has been applied to model more general mixed-mode fracture problems 
Ruiz et al. (2000, 2001). In his paper, Tvergaard also stresses that significant ex- 
perimental work or micromechanical modeling is required to determine the various 
parameters in the cohesive law, and that the critical cohesive strength o, is likely to 
be spatially nonuniform due to heterogeneities and flaws in the material. 


12.4.2. The Exponential Potential Law 


In an attempt to devise a TSL that is more grounded in physical principles, 
Needleman (1990) proposed to use the universal binding energy law for metal- 
lic interfaces and bulk metals Rose et al. (1981, 1983); Ferrante and Smith (1985), 
in which the cohesive free energy density has the form: 


2 
(An, At) = ~oebh | = [ +z (3) _ 502 (=) Jos [-<2]| : 

(12.32) 
In this expression z=16e/9, e=exp(1), and the other parameters are defined in 
(12.27). For this cohesive energy density function the tangential traction is linear 
in the tangential separation. This assumption was based on the fact that in the prob- 
lem considered, i.e., decohesion of a viscoplastic block from a rigid substrate under 
mode I loading, the tangential separations were expected to be small. 

Needleman (1990) extended this TSL to account for large tangential displace- 
ments by replacing the quadratic A; term in (12.32) with a cosine term of period 
6. This modification was motivated phenomenologically by the periodicity of the 
lattice structure in crystalline materials and was partially validated in subsequent 
atomistic calculations from Bozzolo et al. (1991), which showed that for the case of 
an atomistically sharp interface, the shear behavior can be fit by a function periodic 
in the plane of the interface. Needleman used the new formulation to reanalyze the 
problem considered in Needleman (1990) for the case of multiaxial loading. While 
the reformulation allows for large tangential separations, the total amount of work 
done after one period 6; is zero. 

In order to allow for a nonlinear tangential failure mode with a nonzero work of 
separation, Xu and Needleman (1993) proposed the following cohesive free energy 
density function ¢ (sometimes referred to as the “Xu—Needleman exponential law”), 
which has an exponential dependence on the tangential separation: 


Aa A, |J1—- 
@ (An, At) = + dnexp (-3*) t[i-r+ Z| | =4| 


r—q\ An ae 
= la + (— 2) Z| exp (-)| (12.33) 
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for 
g=/dn, r= AZ/bn. (12.34) 


In this expression, @, is the work of separation for pure normal separation, and ¢; is 
the work of separation for pure tangential separation. In this model they are given 
respectively, by 


dn = OcCbn, Qi = Ve/2T cb. (12.35) 


where T, is an additional critical cohesive stress defined as the maximum shear trac- 
tion. The parameter A* is defined as the value of A, after complete shear separation 
occurs for T, = 0. The form of this potential function was obtained by modifying a 
Peierls-type potential function proposed by Beltz and Rice (1991), replacing a sinu- 
soidal dependence on the tangential separation with the exponential dependence in 
(12.33), 

Xu and Needleman (1993) used the new TSL to revisit the void nucleation prob- 
lem considered, and it has since been applied to model a wide range of fracture 
problems including dynamic crack growth in brittle Xu and Needleman (1994); Xu 
et al. (1997); Miller et al. (1999)!-7, elastic-viscoplastic Siegmund and Needleman 
(1997); Needleman (1997), and functionally graded materials Zhang and Paulino 
(2005) and in interfacial fracture Xu and Needleman (1995, 1996); Zavattieri et al. 
(2008), among others. 


12.4.3 Intrinsic Laws for Ductile Fracture 


A large class of materials exhibit fracture behaviors that can be modeled using sur- 
faces of discontinuity, as is commonly done for brittle materials. For the particular 
case of elastic-plastic materials, a cohesive zone approach can be applied where the 
functional form of the TSL depends on the amount of plasticity at the crack tip. For 
instance, if the size of the crack tip plastic zone is small compared with the size of 
the whole crack, the J-integral analysis of Sect. 12.2 holds and the TSL has the po- 
tential form given in (12.4). Tvergaard and Hutchinson (1992, 1993) devised a TSL 
for elastic-plastic materials for the case of small near-tip plastic zones based on an 
effective cohesive traction T of the form 7 = T (A), where A is the nondimensional 
effective separation defined in (12.28). The functional form of the effective traction, 
shown in Fig. 12.7, describes an initial elastic response prior to the onset of a dwell 
period at T = oj, A = Aj, followed by a dissipative linear softening for A > A 
until the traction vanishes at A > 1. Since the functional form is a priori assumed, 
the cohesive traction vector is obtained by differentiation of the following generic 
cohesive free energy density function ¢, 


XA 
o= | T (A') dy’, (12.36) 
0 
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Fig. 12.7 Trapezoidal law showing dependence of the effective cohesive traction T (A) normal- 
ized by the critical cohesive strength o¢, on the effective separation A, for the shape parameters 
A, = 0.25, A. = 0.75 [Tvergaard and Hutchinson (1993)] 


yielding expressions for the traction components as 


Tr = PAA (12.37) 
n— FT Sn ’ . 
T (A) bn At 
{= 12. 
: A & & ae) 


Evidently, the plateau region encodes a critical plastic response into the TSL us- 
ing a simple perfectly-plastic type model with o, playing the role of a yield stress. 
The shape parameters, A; and Az give this formulation the flexibility for easily vary- 
ing the cohesive law shape. In their first study, Tvergaard and Hutchinson (1992) 
used this capability to test the effect of cohesive law shape on predicting mode 
I steady state toughness of a homogeneous elastic-plastic solid. They found that 
varying the width of the plateau has little effect on the toughness prediction Tver- 
gaard and Hutchinson (1992). Based on this result, it has been argued that fracture 
predictions with the CZM are relatively insensitive to the cohesive law shape. 

Scheider and Brocks (2003) proposed a modification to the trapezoidal TSL 
from Tvergaard and Hutchinson (1993), replacing the increasing and decreasing lin- 
ear branches with quadratic and cubic functions, respectively, to remove the slope 
discontinuities at the plateau region. Using the modified trapezoidal law, they simu- 
lated cup-cone fracture of a uniaxial tension specimen in a 2D axisymmetric setting 
and in some simulations predicted well-known physical characteristics of this test 
including normal crack initiation and propagation from the specimen center, and 
combined normal/shear fracture at the specimen rim. However, mesh dependency 
was observed in simulations with the predicted crack propagation paths depending 
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sensitively on the orientation of the cohesive surfaces in the material. The issue of 
mesh dependency of the crack propagation paths will be discussed in a subsequent 
section. 

If the size of crack tip plastic zone is comparable to any spatial length scale in 
the problem, as for some ductile materials, path independence of the cohesive law 
is not guaranteed by (12.3) and so a TSL of the form (12.2) is insufficient. In this 
case, the TSL must take into account the local state of plastic deformation due to 
void initiation, growth, and coalescence at the crack tip, which precludes the appli- 
cation of path-independent cohesive laws. Subsequent to the work of Tvergaard and 
Hutchinson (1992, 1993), several approaches have been proposed in which the TSL 
depends on the local state of void growth at the crack tip, through a dependence on 
the near-tip fields Tvergaard and Hutchinson (1996); Siegmund and Brocks (1999, 
2000); Tvergaard (2001); Anvari et al. (2006, 2007). The first study toward this end 
was by Tvergaard and Hutchinson (1996) who proposed a modification to the trape- 
zoidal law where the critical cohesive strength is dependent on the equivalent plastic 
strain at the crack tip. The plastic strain dependence was implemented by accessing 
the values of the equivalent plastic strain at the quadrature points in the volumetric 
finite elements adjacent to cohesive surfaces. In simulations, the numerical scheme 
was shown to be mesh dependent. 

An alternative approach has been to obtain TSLs for ductile materials from 
micromechanical calculations using continuum damage models, like the Gurson 
model Gurson (1977). In this approach, the traction—separation law is extracted as 
an effective macroscopic behavior from a unit cell calculation over a representative 
volume element (RVE) of material in the process zone obeying the Gurson model 
Tvergaard and Hutchinson (1992); Siegmund and Brocks (1999, 2000); Anvari et al. 
(2006, 2007). The loading conditions in the cell calculation can be varied allowing 
for the parameterization of the critical cohesive strength and the work of separation 
in terms of the triaxiality and the strain rate in the process zone. The triaxiality 
and rate dependence of the cohesive parameters extracted from micromechani- 
cal calculations inform a macroscopic TSL, which has been implemented using a 
modification of the interface element approach described in Sect. 12.3, where the 
triaxiality and strain rate on the cohesive surface are calculated by extrapolating 
the values from quadrature points of adjacent volume finite elements Siegmund and 
Brocks (1999, 2000); Anvari et al. (2006, 2007). An alternative approach taken by 
Tvergaard has been to implement a new kind of cohesive surface at the element 
boundaries, which is governed directly by the Gurson model Tvergaard (2001). 


12.4.4 Application of the Intrinsic Approach to Brittle Fracture 


In many situations involving dynamic brittle fracture, complex three-dimensional 
crack propagation patterns can arise at arbitrary locations in the interior of the 
problem domain. For the specific case of fracture in confined ceramics at the 
grain scale, several failure mechanisms may be operative including intergranular 
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and transgranular fracture and dislocation motion. Ortiz and Suresh (1993) proposed 
the first approach to model brittle fracture problems where cracks can form in arbi- 
trary locations in the interior of the problem domain in the context of a model for 
intergranular fracture in ceramics arising during cooling from the fabrication tem- 
perature. They accomplished this by inserting interface elements endowed with a 
simple linear elastic intrinsic TSL with a critical fracture stress at the boundaries 
of the idealized hexagonal grains prior to the simulation. This type of intrinsic 
approach for modelling mesoscale fracture, where the material microstructure is 
explicitly represented in the finite element mesh, has been used in several studies, 
e.g., Tijssens et al. (2001); Zavattieri and Espinosa (2001); Espinosa and Zavattieri 
(2003)!:?, Maiti and Geubelle (2004); Maiti et al. (2005); Nittur et al. (2008). 

The intrinsic approach for modeling fracture at the grain-scale was further ex- 
tended by Xu and Needleman (1994) to model arbitrary crack propagation paths 
in homogeneous brittle elastic materials. Arbitrary crack paths are allowed for by 
inserting interface elements endowed with an intrinsic TSL at every interelement 
boundary, and prior to the simulation. Xu and Needleman used this approach to 
model mode I fracture in a two-dimensional precracked elastic PMMA block. In this 
work, they adopted the intrinsic law they developed in (1993) and employed struc- 
tured triangular meshes where the triangular elements were formed by the edges and 
diagonals of an underlying quadrilateral-block structure. Cohesive elements were 
inserted at every interelement boundary allowing for crack growth in the vertical, 
horizontal, or diagonal directions. These simulations showed that the intrinsic ap- 
proach was able to describe crack branching and a reasonably qualitative agreement 
with experimental crack tip speeds for PMMA. By conducting simulations with sev- 
eral different meshes where the aspect ratio of the blocks and, thus, the angle of the 
diagonals was varied, they found that the crack propagation path and speed were 
highly dependent on the choice of mesh. The issues of mesh dependency of the 
crack path and speed will be discussed in detail in Sect. 12.4.5. 

The same group further extended this approach proposing a 2D parallel imple- 
mentation of the method in Xu et al. (1997). The authors used the parallel capability 
to study the effect of spatially nonuniform distributions in the critical cohesive 
strength and the work of separation on the crack patterns for the same problem 
considered by Xu and Needleman (1994). Macroscopic crack branching was again 
observed in simulations, and nonuniformity in the cohesive parameters was seen to 
promote deviations from a straight to a wavy crack surface. As described in Xu and 
Needleman (1994), mesh dependence of the crack paths was also observed. In ad- 
dition, the scalability of the parallel computational framework for a fixed problem 
size of 336,000 elements was demonstrated on up to 30 processors Xu et al. (1997). 

Under high-rate impact loadings in brittle materials, many cracks can initiate, 
propagate, and link up leading to the formation of fragments. The intrinsic ap- 
proach has been shown to provide a plausible description of fragmentation in brittle 
materials in several studies Miller et al. (1999), Espinosa et al. (1998). In this ap- 
proach, fragments naturally form when individual elements or element clusters lose 
their momentum transfer capability with neighboring material regions due to the fact 
that their boundary interface elements have exhausted their cohesive energy. For 
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example, Miller et al. (1999)? simulated the fragmentation of a two-dimensional 
brittle elastic strip subjected to symmetric velocity loading using a version of the 
Xu—Needleman law (1993). In the calculations, crossed triangle quadrilateral ele- 
ments were used and cohesive surfaces were positioned along horizontal element 
boundaries, perpendicular to the plane of loading. In simulations, mesh dependency 
of the fragment size distribution was observed for a refined mesh. However, in 
comparing their numerical fragmentation predictions to results from energy-balance 
models, the authors underscored the importance of the effect of stress waves on frag- 
mentation as the energy-balance approaches predict fragment sizes that are an order 
of magnitude larger than those predicted by the intrinsic cohesive approach due to 
the effect of stress waves and their interaction with cracks Miller et al. (1999), 
Fig. 12.8. 

Espinosa et al. (1998) proposed a hybrid approach to model fragmentation in brit- 
tle materials where the bulk material is described by a continuum damage model, 
which predicts the evolution of microcracks, with an intrinsic cohesive model, gov- 
erning macroscopic fracture at predetermined fragment boundaries. Contrary to 
Miller et al., in this approach the fragment size distribution is obtained a priori from 
experiments. Given the fragment size distribution, interface elements are inserted at 
interelement boundaries such that the only possible cracked configurations of the 
body are fragmentation patterns with fragments conforming to the size distribution. 
Obviously this approach is unable to predict the fragment size distribution in brittle 
fragmentation problems where it is not known a priori. 
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Fig. 12.8 Average fragment sizes vs. average strain rate predicted by the intrinsic cohesive model 
and two energy balance approaches from Miller et al. (1999) 
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Given the fact that mesh dependency issues have arisen in several simulations 
of arbitrary crack propagation in brittle materials using the intrinsic approach Xu 
and Needleman (1994); Xu et al. (1997); Miller et al. (1999), it is reasonable 
to ask whether the method converges as the mesh is refined for a problem where 
the crack path is a priori determined. Needleman (1997) studied this issue and 
demonstrated convergence of the crack tip trajectory and of the J-integral along 
the crack path (see Figs. 12.9 and 12.10) for the same problem considered by Xu 
and Needleman (1994), with the crack confined to a straight path. In particular, 
Fig. 12.10a shows that the intrinsic scheme predicts almost exactly the theoretical 
value of the J-integral in the case of mode I fracture in an elastic material (J = np, 
where ¢, is the normal work of separation). Figure 12.10b shows that while the 
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Fig. 12.9 Convergence of the crack tip trajectory for (a) elastic and (b) viscoplastic materials, for 
four meshes denoted (a)—(d) in the plot corresponding to element sizes of (a) 501m, (b) 25 jum, 
(c) 12.5 wm, and (d) 6.25 wm 


Fig. 12.10 Convergence of the J-integral normalized by the normal work of separation @¢y, vs. 
crack extension Aa for (a) elastic and (b) viscoplastic materials for the meshes referenced in 
Fig. 12.9 
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Fig. 12.11 Convergence of the crack tip trajectory for various mesh sizes from Geubelle and 
Baylor (1998). / is a characteristic length and Cp is the Rayleigh wave speed 


intrinsic approach converges quickly for elastic materials, much finer meshes are 
required for viscoplastic materials. This is due to the fact that the near-tip plastic 
fields contribute to energy dissipation at the cracktip. In this case, highly refined 
meshes are required to adequately resolve these near-tip fields. 

A related result was obtained by Geubelle and Baylor (1998) who demonstrated 
convergence of the crack path with respect to mesh size for mode I crack growth 
in a precracked, prestrained PMMA strip. Convergence was studied with respect 
to the largest element size Aa, and was demonstrated for Awa, = 7.143 zm. This 
result, depicted in Fig. 12.11 confirms the widely held notion that the element size 
should be small enough to adequately resolve the size of the cohesive zone, which 
was estimated in this work to be roughly 19.4 wm. 


12.4.5 Issues with the Intrinsic Approach 


In the aforementioned discussion of the intrinsic approach, the issue of mesh depen- 
dency of the crack propagation paths was seen to arise in several studies. Two other 
issues associated with the intrinsic approach include spurious crack tip speed ef- 
fects (usually referred to as “lift-off’’) and problems with the propagation of elastic 
stress waves (usually referred to as “artificial compliance”). These issues are now 
described in detail. 
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12.4.5.1 Mesh Dependency of Arbitrary Crack Paths 


In the intrinsic cohesive approach for modeling arbitrary crack paths, the possible 
cracked configurations of the body are limited by the topology of the FE discretiza- 
tion. For example, crack-tips are described in the mesh by the element corners. 
Moreover, at these nodal crack-tips, the possible crack propagation directions are 
severely limited as cracks are constrained to propagate only along the adjacent 
interelement boundaries. Evidently the inherent mesh dependence of the intrinsic 
approach, as implemented using interface elements, can be avoided by employing 
an adaptive scheme which grows the crack incrementally in the predicted crack 
propagation direction at the crack-tip by building the correct crack path into the fi- 
nite element mesh Pandolfi et al. (1999); Nguyen et al. (2001); Yang and Xu (2008). 
For the intrinsic approach based on interface elements, one avenue for addressing 
mesh dependency of the crack propagation paths is to employ very highly refined 
meshes in large-scale parallel simulations which has only been done in 2D Xu et al. 
(1997); Arias et al. (2007). 

Mesh dependency of the crack propagation paths was first observed in the ini- 
tial simulations of Xu and Needleman (1994) of arbitrary crack growth in brittle 
elastic materials where the predicted crack paths were shown to depend sensitively 
on the orientation of the triangular elements in the FE discretization. For example, 
for triangles oriented at +45° and +60°, the crack advanced in straight path be- 
fore branching occurred, while for triangles oriented at +15° and +30°, the crack 
advanced in a zig-zag fashion before branching Xu and Needleman (1994). These 
results are reproduced in Fig. 12.12. Similarly, mesh dependency of the crack prop- 
agation paths was observed in the high-resolution parallel simulations of Xu et al. 
(1997), where several aspects of the fracture solution including the onset of branch- 
ing and curves of crack advance and crack speed versus time, were shown to be 
mesh dependent for three different uniform mesh spacings. 

The issue of mesh dependence of the crack path was further illustrated by 
Scheider and Brocks (2003) in their previously mentioned simulation of the cup- 
cone fracture of a round tensile bar. In this work, they used the same crossed-triangle 
quadrilateral mesh structure as in Xu and Needleman (1994) and found that the 
correct crack path is only achieved if the aspect ratio of the quadrilateral element 
pattern is chosen such that the inclined cohesive surfaces are in the direction of the 
maximum tangential stress. The force-thickness reduction curve was also shown to 
be mesh-dependent in this example (see Fig. 12.13). In general, convergence of an 
arbitrary crack path with the intrinsic approach remains an elusive goal. 

The inability of the intrinsic cohesive approach to provide a sufficient number of 
possible crack propagation directions at the crack tip has also led to mesh depen- 
dency in brittle fragmentation studies. For example, in the aforementioned study of 
Miller et al. (1999) it was shown that reducing the spacing between cohesive sur- 
faces in the finite element mesh greatly increased the number of small fragments. 
Convergence of the fragment size distribution predicted by the intrinsic approach 
for fragmentation of an arbitrary brittle elastic body also remains an elusive goal. 
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12.4.5.2 Lift-Off 


Another general issue with the intrinsic approach has to do with a phenomenon 
called “‘lift-off,’ which was first addressed in Needleman (1990). The basic prob- 
lem is that some amount of finite opening occurs across cohesive elements, which 
precludes subsequent failure before reaching the critical normal separation. If many 
element boundaries have opened sufficiently close to the critical opening along a 
potential crack path, then a sufficiently high loading can cause instant failure of 
all cohesive surfaces along the path. This problem is noticeable when the crack is 
confined to a straight path. The resulting behavior is a spuriously high crack-tip 
speed Needleman (1990); Xu and Needleman (1994); Xu et al. (1997). In Xu and 
Needleman (1994), lift-off was observed for a symmetric impact loading of 30 m/s, 
which produced crack speeds exceeding the Rayleigh wave speed of the material, 
(Fig. 12.14). The issue of lift-off is a major drawback for the intrinsic approach in 
the modeling of fixed crack paths under extreme loading conditions (e.g., interface 
delamination under impact loading). 


12.4.5.3 Artificial Compliance 
In the typical finite element implementation for hyperelastic solids in the absence 


of discontinuities, consistency of the formulation is guaranteed by the strong en- 
forcement of interelement continuity. However, the intrinsic approach assumes that 
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Fig. 12.14 Plot of crack tip speed, a vs. time ¢ showing lift-off from Xu and Needleman (1994). 
Dashed line is the Rayleigh wave speed 
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discontinuities in the displacement fields occur in the uncracked body at the in- 
terelement boundaries from the start of the calculation. These displacement jumps 
give rise to the an artificial elasticity at the interelement boundaries, akin to adding 
a spring between every element in the FE mesh, whose stiffness depends on the 
initial slope of the cohesive law. Hence, cohesive surfaces in the intrinsic approach 
necessarily alter the prefracture elastic response of the material at the interelement 
boundaries in the uncracked body. As a result, the consistency of the method is 
not preserved. Specifically, the elastic response of interelement boundaries causes 
the partial transmission and partial reflection of stress waves incident on cohesive 
surfaces in the uncracked body. In the prefracture regime, this leads to an under- 
prediction of the wave speed and stress in uniaxial wave propagation Espinosa 
and Zavattieri (2003), and to an artificial anisotropy in three dimensions due to 
impedance mismatch across the cohesive surfaces in the material Klein et al. (2001). 
This phenomenon, sometimes called artificial compliance, can be studied in the 
context of simple model problems. For instance, Klein et al. (2001) quantified the 
effect of artificial compliance by deriving an expression for the effective elastic 
modulus of a one-dimensional network of cohesive surfaces at constant spacing 
h, interspersed in a homogeneous material of elastic modulus, E. For an intrinsic 
cohesive relation with initial slope s, the effective modulus, Es, is given by 


1 
esr = E [ = HB! . (12.39) 


From this expression, we see that E.g¢ — E for either s + oo orh > ow. 
Since the cohesive element spacing is directly related to the element size for an 
intrinsic approach, (12.39) shows that the effects of artificial compliance are also 
mesh-dependent. Indeed, based on the parameters used by Xu and Needleman in 
(1994), this simple model estimates that the effective modulus for the finest mesh 
used in that study was only 60% of the actual value Klein et al. (2001). 

As suggested by (12.39), the effect of artificial compliance can be made neg- 
ligible by forcing the initial slope of the cohesive law to be very large. For the 
potential-based law of Xu and Needleman (1993) this is achieved by choosing a 
large value for the critical cohesive strength. However, this precludes the calibra- 
tion of the critical cohesive strength to experimental results. More freedom in the 
selection of the initial cohesive law slope is obtained by employing TSLs of the 
“bilinear’-type, which were proposed by Geubelle and Baylor (1998) and Espinosa 
et al. (2000); Zavattieri and Espinosa (2001). The latter formulation of Espinosa 
et al. (2000) uses the mixed-mode non-dimensional displacement jump A (12.28), 
of Tvergaard (1990) to define the normal and tangential cohesive tractions. The 
tractions are defined such that they increase linearly up to some maximum value for 
0 <A < Aq and then decrease linearly to zero for Ag. < A < 1. 

This formulation is particularly useful because A, acts as a penalty parameter to 
control the initial slope of the cohesive law and can be chosen small enough so that 
wave speeds of the material are unaffected by the presence ofcohesive elements. 
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Espinosa and Zavattieri (2003)! demonstrated this with a numerical experiment to 
study the effect of the initial cohesive law slope on wave propagation. The authors 
considered a 2D RVE of polycrystalline ceramic consisting of two identical finite 
element meshes with a layer of cohesive elements between them. The RVE was 
loaded perpendicular to the plane of cohesive elements at one end with a viscous 
boundary condition, the opposite boundary was left free, and periodic boundary 
conditions were imposed on the specimen sides resulting in the propagation of a 
uniaxial tensile stress wave perpendicular to the plane of cohesive elements. 

As a simplification, the cohesive elements were restricted to open in a purely nor- 
mal mode, so for the bilinear-type cohesive law proposed in Espinosa and Zavattieri 
(2003)!, the TSL reduces to 


An\ O¢ 
T = {—)}— 12.40 
( i, ) i on 
for Ay < Aged, and 
d— An) Oc 
i= 12.41 
bn a = er) ‘ 
for Agdn < Ay < 5. The initial slope s of the cohesive law is given by 
Omax 
= : 12.42 
ars ve 


For numerical comparisons, the time-history of the normal cohesive traction 7), 
is compared to the exact value of the normal stress component in an identical mesh 
without cohesive elements, for increasing values of the cohesive law slope. The 
results (reproduced in Fig. 12.15) show that for small values of s, the normal co- 
hesive traction is much lower than the correct value. As s increases, the agreement 
improves and convergence to the correct value is achieved for very large s values. 
However, as the slope is increased further a numerical instability occurs. The au- 
thors conclude that this simple test is an efficient way to determine the correct value 
of the cohesive slope to avoid problems of wave propagation, and alternatively, a 
good rule of thumb is to take s > 10 E/h, where h is the characteristic size of the 
volumetric element Espinosa and Zavattieri (2003)!. 

While increasing the cohesive law slope reduces the effect of artificial compli- 
ance, it can place a severe restriction on the time step due to necessity of following 
the ascending branch of the TSL in a sufficient number of steps for stability. To 
account for this, Espinosa and Zavattieri (2003)! devised an adaptive scheme for 
setting the time step which guarantees that it is sufficiently small. First a time step 
Afcont is calculated in the standard way based on elastic properties and the FE dis- 
cretization. Then a second time step, Afcon 1s calculated from 


Atcoh = ———— (12.43) 
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Fig. 12.15 Wave propagation experiments from Espinosa and Zavattieri (2003) for increasing 
values of the cohesive law slope s 


with the ¢; computed over each cohesive surface from 


BA. “HOSA Aden 
si = Bh Awe eA = 1, 


(12.44) 


In the earlier expressions, AA = Ay41—A, where 1,41 is the local displacement jump 
predictor, and N is the number of steps to be taken for A to progress from 0 to Acr. 
The overall time step is then chosen as At = min(Afcon, Afcon) Espinosa and 
Zavattieri (2003)!. Since the cohesive time step is proportional to A.,, a sufficiently 
small value of A. can severely restrict the time step, leading to excessively long 
computation times. 
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12.5 Extrinsic Approach 


Pioneered by Ortiz and coworkers, the extrinsic cohesive approach assumes that 
cohesive surfaces exhibit an initially rigid response. For modeling arbitrary crack 
initiation and propagation in brittle materials with the extrinsic approach, the TSL 
is implemented through the use of interface finite elements between the volume fi- 
nite elements, but contrary to the intrinsic approach, the TSL starts operating only 
after some failure criterion is satisfied. Because of the initially rigid response of the 
cohesive surfaces, adjacent continuum element boundaries remain coincident prior 
to the onset of fracture, thus completely avoiding the issue of pre-fracture artificial 
compliance. When the fracture criterion is met, interface elements (see Sect. 12.3) 
are dynamically inserted in the computational mesh. This, in turn, induces topologi- 
cal changes in the mesh, which requires a dynamic modification of the mesh entities 
(e.g., insertion of new nodes, reconnection of existing elements) throughout the cal- 
culation. This process is particularly involved in 3D and has been treated at length 
in Panfolfi and Ortiz (1998); Pandolfi and Ortiz (2002); Paulino et al. (2008); Mota 
et al. (2008). 

We now describe the formulation and applications of the commonly implemented 
extrinsic TSL (sometimes referred to as the “linear irreversible softening law”) and 
discuss the associated numerical issues. 


12.5.1 Linear Irreversible Softening Law 


The most widely-used extrinsic cohesive law is the linear irreversible softening law, 
modified from the one originally proposed by Camacho and Ortiz (1996) in the con- 
text of simulations of fragmentation of brittle materials under impact loading. This 
law was formally presented and discussed in detail by Ortiz and Pandolfi (1999) 
under the general framework described in Sect. 12.3. The authors assume that the 
cohesive behavior is isothermal, isotropic, independent of the bulk constitutive re- 
sponse, and that the free energy density is dependent on A only through an effective 


separation 6 defined by 
6 = 1/ B2A?2 + A2 (12.45) 


in the spirit of Tvergaard (1990). In this expression, 6 is a parameter that assigns 
different weights to normal and tangential separation, and the use of A; = | A,| is a 
result of the isotropic assumption. It can be rationalized that 6 represents the ratio of 
Gc / Gje Camacho and Ortiz (1996). Under this set of assumptions, one can define 
an effective cohesive traction 7, which is given by 


_ 9¢ (6,4) 


T 
06 


(12.46) 
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where q is a Suitable set of internal variables, governed by kinetic relations, which 
describe the irreversible processes involved in decohesion. This law becomes oper- 
ative when the fracture criterion 


V (on : [n @ n))2 + B-2(on : [n @ m))2 = o¢ (12.47) 


is satisfied and the interface element is inserted. In this expression, n and m are local 
deformed unit normal and tangents to the cohesive mid-surface, o7 is the Cauchy 
stress, and 0, is the critical effective cohesive strength. Once the effective traction 
is determined, the components of the traction vector follow from 


T= ; (B7 A; + Ann). (12.48) 


In the specific case of the linear irreversible softening law, the functional form of 
the effective cohesive traction for crack opening is given by 


Cc 


T (8, 5max) = Oc (1 = =) for 3 > 0,5 = Sax, (12.49) 


where complete decohesion (T = 0) occurs for 6 > dc. In reference to Fig. 12.16, 
the variable 5x is the maximum effective opening displacement and constitutes the 
internal variable describing irreversibility. For crack closure, characterized by 6 < 0 
or 6 < dmaqx, the functional form of the linear irreversible softening law is assumed 
to follow a straight path to and from the origin yielding 


Tinax 


TU in)= & ford <0,0rd <8max, (12.50) 
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Fig. 12.16 7 — 6 relationship for the linear decreasing extrinsic law 
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where Tinax is the value of the effective traction at 6 = 64x. Inserting the defini- 
tion of the effective cohesive traction, (12.49), in (12.5), we find that the work of 
separation for the linear softening law is simply 


1 
Psep = 7 oe8e- (12.51) 


Below, Fig. 12.16 depicts the T — 6 relationship for the linear decreasing law, and 
Fig. 12.17 shows a surface plot of the dependence of the normal cohesive traction 
on the two separation components. 

Crack closure after full fracture of interface elements can be handled within the 
TSL, e.g., Needleman (1987, 1990); Xu and Needleman (1993), or as suggested by 
Camacho and Ortiz (1996), by a separate contact enforcement algorithm. However, 
it should be emphasized that the former approach reintroduces the artificial compli- 
ance issue (see Sect. 12.4.5.3), e.g., under compressive waves propagating through 
closed cracks. Moreover, existing extrinsic (or intrinsic) TSLs neglect the postfrac- 
ture frictional response of cracked surfaces. 


Fig. 12.17 Dependence of normal cohesive traction 7, on the normal and tangential separations, 
A, and A,, for 0 < A,, A, < 1 
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12.5.2 Applications of the Extrinsic Approach 


Starting with the original work of Camacho and Ortiz (1996), the ability of the ex- 
trinsic approach to describe fracture and fragmentation has been evaluated through 
simulation of experimental fracture tests involving a variety of materials Camacho 
and Ortiz (1996); Pandolfi et al. (1999, 2000); Repetto et al. (2000); Ruiz et al. 
(2000, 2001); Zhou and Molinari (2004); Zhou et al. (2004); Yu et al. (2002, 2003), 
Yu et al. (2004); Arias et al. (2007). In Camacho and Ortiz (1996), the fragmen- 
tation experiments of Field (1988) involving high-rate impact of a ceramic plate 
with a steel pellet were successfully simulated, demonstrating the ability of the 
extrinsic approach to account explicitly for arbitrary crack initiation and growth 
leading to the formation of fragments and subsequent granular flow. Using an ax- 
isymmetric assumption to save computational cost, the authors simulated the plate 
impact problem in 2D and captured the characteristic behaviors of conical cracks 
using the cohesive model, and radial cracks using a continuum damage model. The 
finest mesh employed did not resolve the cohesive zone length and mesh depen- 
dency of the fracture pattern was obtained for decreasing the element size from 
h = 300to 250 jum (see Camacho (1996) for more details). 

Pandolfi et al. (1999) applied the extrinsic approach to simulate the ring fragmen- 
tation experiments of Grady and Benson (1983). This problem in which conducting 
metal rings are expanded by electromagnetic loading has been studied extensively in 
the solid mechanics community. This experiment exhibits some interesting behav- 
iors including uniform expansion over some finite time followed by an instability 
of simultaneous formation of multiple necks due to strain localization, followed 
by fracture. In Pandolfi et al. (1999), these deformation and fracture mechanisms 
were captured in simulations utilizing the irreversible linear softening law along 
with some mesh refinement to resolve the near-tip fields in the neck regions. The 
authors argue that the model captures dynamic effects, specifically the dependence 
of the fragment number and fracture strain on expansion speed (see Fig. 12.18), 
due to the intrinsic time scale f, defined in (12.7) as the cohesive law employed was 
rate-independent. 

This argument was further supported in two subsequent studies by Zhou and 
Molinari (2004); Zhou et al. (2004) using the extrinsic approach. In Zhou and 
Molinari (2004) a rate-independent linear irreversible softening law was employed 
along with a weakest-link Weibull distribution for the critical cohesive strength to 
simulate mode I fracture of ceramics, while in Zhou et al. (2004) a rate-independent 
linear irreversible softening law along was employed with a rate-dependent bulk 
constitutive law to simulate fracture in ductile metals. In both cases, dynamic ef- 
fects of the fracture response were captured in simulations even though the cohesive 
law used was rate-independent. The same group proposed a rate-dependent version 
of the linear irreversible softening law in Zhou et al. (2005) where the work of sepa- 
ration increases with the crack tip speed in accord with experimental measurements. 
The authors simulated mode I fracture of a pre-strained PMMA strip using both rate- 
dependent and rate-independent cohesive laws and demonstrated that both types of 
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Fig. 12.18 Comparison of the dependence of the (a) fragment number, and (b) fracture strain, on 
the expansion velocity for ring fragmentation from simulations Pandolfi et al. (1999), and experi- 
ments Grady and Benson (1983) 


extrinsic TSLs were able to describe crack branching in simulations allowing for 
arbitrary crack propagation. In some simulations, the crack was confined to propa- 
gate along a straight path. In this case, the rate-independent extrinsic TSL predicted 
steady-state crack tip speeds significantly higher than those observed in experiments 
over a large range of crack tip speeds. In comparison, the rate-dependent cohesive 
model was able to exactly reproduce the range of experimental steady-state crack tip 
speeds. This result showed that in some situations, rate-independent cohesive laws 
are inadequate for capturing dynamic effects observed in fracture experiments. 

Nguyen et al. (2001) developed a computational approach for describing fa- 
tigue cracks through implementation of the linear decreasing law with a hysteretic 
loading—unloading relationship, along with resolution of the near-tip plastic fields 
through adaptive remeshing. Repetto et al. (2000) simulated the impact and frag- 
mentation of glass rods, capturing the initiation and propagation of a failure wave 
within the specimens, reproduced in Fig. 12.19. The extrinsic approach has also 
been used to simulate various three-point bending experiments Pandolfi et al. 
(2000); Ruiz et al. (2001). In Pandolfi et al. (2000), a dynamic drop-weight three- 
point bending experiment was investigated using the linear decreasing law and the 
numerical scheme was shown to accurately reproduce the crack growth initiation 
time, the formation of shear lips at the lateral surfaces of the specimens, and the 
crack tip trajectory (depicted in Fig. 12.20). However, in the three-point bending 
simulations of Ruiz et al. (2001), demonstrated mesh dependency of the crack prop- 
agation paths. Zhang et al. (2007) used the linear softening law to simulate crack 
branching in Mode I fracture of a precracked PMMA strip. While branching was 
demonstrated in simulations, the predicted crack propagation paths were shown to 
be mesh dependent. 

Similar to the intrinsic approach, the extrinsic approach has been shown to con- 
verge in cases where the crack is confined to straight path Camacho and Ortiz 
(1996); Arias et al. (2007). For example, Camacho and Ortiz (1996) studied the 
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Fig. 12.19 Failure wave propagation in impact fragmentation of glass rods Repetto et al. (2000) 
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Fig. 12.20 Comparison of simulated and experimental crack tip trajectories from Pandolfi et al. 
(2000) for dynamic drop-weight three-point bending experiment 
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Fig. 12.21 Convergence of the crack tip trajectory for 2D precracked cantilever beam from 
Camacho and Ortiz (1996) 


convergence of the crack tip trajectory for decreasing element size for mode I 
crack growth in a precracked 2D double cantilever beam subject to symmetric veloc- 
ity loading. This result, is reproduced below in Fig. 12.21. In a recent study by Arias 
et al. (2007), mode I interfacial fracture of two weakly bonded, prenotched Homalite 
plates were simulated as a constrained crack path and compared with experimental 
results. The 2D simulations, which were computed using a parallel implementation, 
were shown to converge with respect to mesh size and to reproduce the experimental 
crack tip trajectory and velocity to a high degree of accuracy for three loadings of 
varying intensity (see Figs. 12.22, 12.23 and 12.24). 

A few other examples of the diverse range of applications of the extrinsic ap- 
proach include simulation of dynamic failure in thin shells Cirak et al. (2005) and 
sandwich structures Yu et al. (2003), and in full 3D simulation of firearm injury to 
the human cranium Mota et al. (2003). 


12.5.3 Issues with the Extrinsic Approach 


While the fidelity of the extrinsic approach has been demonstrated for model- 
ing known crack paths, various issues arise in modeling arbitrary brittle fracture 
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Fig. 12.22 Convergence of simulated crack tip trajectory for fracture of weakly bonded homalite 
plates from Arias et al. (2007) 
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Fig. 12.23, Comparison of simulated and experimental crack tip trajectories for fracture of weakly 
bonded homalite plates from Arias et al. (2007) 


including mesh dependency of the fracture path and dissipated cohesive energy, 
time discontinuity, and a lack of scalability for 3D parallel implementations. These 
issues are now discussed in detail. 
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Crack tip velocity for Experiment 1, 2 and 3 


Experiment no. Crack tip velocity [m/s] Relative error [%] 
Experiment Simulation 

1 844 870 3.1 

2 697 698 0.1 

3 688 729 6.0 


Fig. 12.24 Comparison of simulated and experimental crack tip velocities for weakly bonded 
homalite plates from Arias et al. (2007) 
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Fig. 12.25 Mesh dependence of the fracture pattern for symmetrically loaded pre-cracked PMMA 
strip for (a) 32 x 128 elements at f = 24\15, (b) 48 x 192 elements at ¢ = 2215 , and (c) 48x 
192 elements at ¢ = 21 js from Zhang et al. (2007) 


12.5.3.1 Mesh Dependency of Arbitrary Crack Paths 


Evidently the extrinsic approach, as implemented using the interface element 
approach (Sect. 12.3), faces the same mesh dependency issues for the intrinsic 
approach discussed in detail in Sect. 12.4.5. In the context of the extrinsic approach, 
these issues have been identified in Ruiz et al. (2001); Zhou and Molinari (2004); 
Zhang et al. (2007). One example is the study of Zhang et al. (2007), investigating 
the brittle microbranching instability through simulation of Mode I fracture in a 
pre-cracked PMMA strip. While crack branching was successfully demonstrated in 
simulations, the overall fracture pattern was shown to vary with successive refine- 
ment of the mesh (see Fig. 12.25). Likewise, in the previously mentioned studies 
on three-point bending, Ruiz et al. observed mesh dependence of the crack path 
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Fig. 12.26 Comparison of crack path, load history, and dissipated cohesive energy for two differ- 
ent mesh sizes from Ruiz et al. (2001) 


in simulation of pre-notched specimens with two different mesh sizes. While the 
load-history curves for the two meshes were in good agreement, the predicted crack 
paths were shown to be mesh dependent. Moreover, for the fine mesh, a much 
broader region of microcracking was observed, along with a much higher amount 
of dissipated cohesive energy (see Fig. 12.26). 
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In the context of brittle materials, Zhou and Molinari (2004) investigated mesh 
dependency for the extrinsic approach through simulation of 2D axisymmetric ce- 
ramic ring fragmentation and of 3D mode I fracture in a prenotched PMMA block. 
The authors found generally that in these highly symmetric problems, the resulting 
cracks propagate in preferred directions depending sensitively on the orientation 
of the interelement boundaries. Based on the results, the authors recommend that 
extrinsic approach necessarily requires unstructured random meshes with relatively 
uniform element sizes. As a possible remedy for mesh dependency for simulation of 
brittle materials, Zhou and Molinari (2004) proposed a modification to the linear ir- 
reversible softening law where the critical cohesive strength is spatially non-uniform 
and conforms to a modified Weakest-Link Weibull distribution. In this approach the 
strength of each interelement facet decreases with the facet area, motivated phe- 
nomenologically by the fact that larger material regions are likely to contain more 
defects. Using the modified TSL, they showed that the mesh-dependency observed 
in the previous two examples was significantly reduced. 

Lastly, a notable result concerning mesh dependency is due to Papoulia et al. 
(2006) who proved convergence of the crack nucleation site for a so-called “pin- 
wheel” based mesh. This advanced mesh structure, which was implemented by 
Papoulia et al. (2006) in 2D using the interface element approach, utilizes internal 
subdivision inside of triangular elements in a remeshing procedure, which preserves 
the length of potential crack paths with refinement of the mesh. This allows for the 
exact representation of an arbitrary crack path in the limit of the vanishing element 
size. The authors speculate that this specific property of pin-wheel based meshes 
may be a necessary requirement for any proof of convergence in the crack path 
for cohesive element methods. Further, they found that in 2D simulations of three 
point-bending in an elastic material, convergence in the predicted crack nucleation 
site and subsequent propagation path was much faster for the pin-wheel mesh than 
for conventional quadratic triangular meshes. 


12.5.3.2 Mesh Dependency of Dissipated Fracture Energy 


Motivated by the large mesh-dependent increase in dissipated cohesive energy 
depicted in Fig. 12.26, Molinari et al. (2007) conducted the first systematic inves- 
tigation into the energy convergence properties of the extrinsic cohesive element 
approach. To demonstrate the issue, they used the benchmark test of dynamic mode 
I fracture of a prenotched PMMA strip. They not only confirmed the dependence of 
dissipated cohesive energy on the mesh size, but they also showed that convergence 
could not be achieved even with fairly large meshes, (see Fig. 12.27). 

Based on these results, convergence was then studied for a simpler model prob- 
lem of fragmentation of a complete ring specimen of an elastic material, discretized 
with one-dimensional line elements. The results of the convergence study are re- 
produced in Fig. 12.28. They show that for uniform and random element sizes at 
varying strain rates, show that the extrinsic cohesive approach is indeed convergent 
in the dissipated fracture energy when the mesh size goes to zero. In the case of 
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Fig. 12.27 Energy convergence with respect to mesh size for crack branching in PMMA from 
Molinari et al. (2007) 
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Fig. 12.28 Energy convergence for 1D ring fragmentation for uniform and random meshes from 
Molinari et al. (2007) 
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Fig. 12.29 Dependence of size distribution of fragments on mesh size from Molinari et al. (2007) 


a uniform mesh, the convergence is not monotonic and the errors are large unless 
extremely large meshes are used. However, convergence is monotonic and can be 
achieved for much coarser meshes when some randomness is introduced in the ele- 
ment sizes. However, even in the best case scenario in this one-dimensional setting, a 
minimum of approximately 10* nodes are necessary to obtain reasonably converged 
results. Assuming that similar convergence behavior occurs for multiple dimensions, 
these results indicate that at least 108 and 10!* nodes would be necessary to attain 
energy convergence in two and three dimensions, respectively. Furthermore, addi- 
tional results reported in this study (see Figure 12.29) show that the size distribution 
of fragments is highly sensitive to the mesh size up to approximately 10° nodes, 
upon which a degree of convergence is observed for a subsequent increase in the 
mesh size. 


12.5.3.3 Scalability Issues for Three-Dimensional Problems 


The previous issues of mesh convergence affecting CZMs of fracture underscore the 
need for large-scale simulations, specially in three dimensions. This requires both 
data structures and algorithms enabling the efficient dynamic insertion of interface 
elements as cracks nucleate and propagate and the management of the associated 
arbitrary topological mesh changes. In addition, large-scale simulation can only be 
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achieved if the algorithms can be implemented for parallel computation and are 
scalable when exercised on large numbers of processors for problems of increasing 
size. The issues related to the efficient sequential implementation of fracture algo- 
rithms in 2D and 3D have been addressed Panfolfi and Ortiz (1998); Pandolfi and 
Ortiz (2002); Mota et al. (2008); Paulino et al. (2008). In the initial approach devel- 
oped by Panfolfi and Ortiz (1998); Pandolfi and Ortiz (2002), the algorithm is based 
on data structures that provide a comprehensive representation of the relevant topo- 
logical entities in the mesh (face, edge, vertex) and their corresponding adjacency 
relationships. Paulino et al. (2008) presented a new data structure that tried to sig- 
nificantly reduce the large storage space required by Pandolfi et al.’s approach and 
to increase the computational efficiency. The new method is based on an element 
representation which only stores information on the nodes belonging to the element 
and to neighboring elements, allowing for the implicit recovery of all facet, edge, 
and vertex information. The algorithm was shown to scale linearly in time in the 
number of interfaces to fracture (denoted NV) in single processor simulations. 

Mota et al. (2008) presented an alternative insertion algorithm based on a graph 
representation of the finite element mesh. It was shown that this algorithm also 
scales linearly in time with the number of interfaces to fracture, as compared to 
the approach in Panfolfi and Ortiz (1998; 2002) whose complexity they showed 
to increase as O (NE). Although the authors mention the suitability of this mesh 
representation for parallel computation, there is no detail on how the implementa- 
tion would allow for crack propagation across processor boundaries and the parallel 
performance analysis is deferred to a subsequent work. 


12.5.3.4 Time Discontinuity 


An additional drawback of the linear irreversible softening formulation presented 
in this section is that the interelement tractions are necessarily time-discontinuous 
for the time step immediately following cohesive element insertion Papoulia et al. 
(2003); Sam et al. (2005). This is due to the fact that prior to fracture, the interele- 
ment tractions are extrapolated to the element boundaries from the quadrature points 
and so they depend on the stress field within the neighboring continuum elements. 
However, in the subsequent time step following cohesive element insertion, the in- 
terelement tractions depend only on A and 6 through the cohesive law. Hence, there 
is no way of guaranteeing that the tractions will remain continuous throughout the 
calculation. Some unfortunate behavior which have been identified as a result of 
time discontinuity are unphysical oscillations and non-convergence in time Papoulia 
et al. (2003). In order to resolve the time-discontinuity of the linear irreversible soft- 
ening formulation, Papoulia et al. (2003) proposed a modification to the TSL where 
the values of traction components resolved on the cohesive surface just prior to 
the onset of fracture are specially encoded into the model as initial values for the 
components of the cohesive tractions. Further investigations into obtaining time- 
continuous formulations for the linear irreversible softening law can be found in 
Sam et al. (2005). 


390 A. Seagraves and R. Radovitzky 


12.6 Discontinuous Galerkin Formulation of Cohesive Zone 
Models 


12.6.1 Motivation 


Based on the various issues associated with the intrinsic and extrinsic cohesive ap- 
proaches, it seems that neither is particularly well-suited for treating large-scale 
fully three-dimensional problems. While the artificial compliance inherent in intrin- 
sic laws can be avoided by raising the initial slope, the severe time-step restriction 
hampers three dimensional calculations. Although as discussed before, the intrinsic 
approach is potentially scalable. However there is no published work demonstrat- 
ing scalable fragmentation simulations in 3D. Furthermore, for exponential-type 
intrinsic TSLs the value of the critical cohesive stress must be determined based on 
considerations of consistency of the numerical formulation in the uncracked body 
and not based on any experimental data, micromechanical models, or atomistic cal- 
culations. It bears emphasis that the artificial compliance issue affecting stress wave 
propagation is also present in the reloading phase of irreversible extrinsic TSLs, e.g. 
upon crack closure. 

On the other hand, extrinsic approaches are complicated by the necessity of 
dynamically updating the topological mesh structures for cohesive element inser- 
tion. This makes the parallel implementation of this approach significantly more 
complex. For the extrinsic approach, a scalable parallel implementation is essential 
due to the extremely large mesh sizes that may be necessary for achieving energy 
convergence in three-dimensional problems. Indeed, the study of Molinari et al. 
(2007) suggests that for fragmentation problems with a large number of fractures, 
energy convergent mesh sizes in 3D may exceed currently available computational 
resources. It is possible that as discussed in Mota et al. (2008), insertion schemes 
based on a graph representation of the FE mesh may furnish a scalable 3D parallel 
capability, but the feasibility and scalability properties of this approach are yet to be 
determined. 

A promising alternative method which avoids these problems can be found in 
the combination of the cohesive theory of fracture and the discontinuous Galerkin 
(DG) formulation of the continuum dynamic problem. The main feature of inter- 
est in the DG framework is that it allows for discontinuous displacement jumps 
between elements. In the uncracked continuum, the interelement compatibility is 
enforced weakly by suitable interelement boundary integrals which guarantee the 
consistency and stability of the finite element solution Noels and Radovitzky (2006). 
Interestingly, these integrals are conceptually similar to the interelement term aris- 
ing in the cohesive element framework and can be implemented in a conventional 
FE framework via interface elements, Sect. 12.3 Noels and Radovitzky (2006). By 
stark contrast to cohesive elements, DG elements are variationally consistent. This 
avoids the artificial compliance and associated wave propagation and time step is- 
sues discussed above. 
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Moreover, Seagraves et al. (in preparation) have proposed a 3D parallel imple- 
mentation of the DG framework in the context of dynamic fracture based on the 
work of Noels and Radovitzky (2008). In effect, this DG/hybrid scheme furnishes 
a scalable and consistent implementation of the intrinsic cohesive element method. 
Mergheim et al. (2004) appear to be the first to use the DG method in order to eval- 
uate the onset of fracture in a 2D problem. In the remainder of this chapter, we 
discuss the modeling of fracture and fragmentation using the DG/hybrid framework 
from Seagraves et al. (in preparation). 


12.6.2. The Discontinuous Galerkin Framework 


The formulation of the DG framework for the continuum problem follows closely 
the presentation in Noels and Radovitzky (2008), and Seagraves et al. (in prepa- 
ration). As our starting point for the formulation of the discontinuous Galerkin 
approach, we will construct the weak form for (12.12) — (12.13), seeking a poly- 
nomial approximation @» of the field variable over a discretized body Boy. While 
for the continuous Galerkin approximation the field is continuous on the whole 
body, g, € C° (Bon), for discontinuous Galerkin methods the continuity is only 
ensured inside the elements 26, gy, € C° (6), belonging to the discretization 


Bon = eae Q¢, where (26 is the union of the open domain Q§ with its bound- 
ary 0Q6. Consequently, for a DG formulation the trial functions dg, are also 
discontinuous across the element interfaces on the internal boundary of the body 
81 Bon = [User 95 | \9Bon. 

The new weak formulation of the problem is obtained in a similar way as for 
the continuous Galerkin approximation. The strong form of the linear momentum 
balance, (12.12), is enforced in a weight-average sense by multiplying by a suitable 
test function dg, and integrating in the domain. However, since both test and trial 
function are discontinuous, the integration by parts is not performed over the whole 
domain, but on each element instead, leading to 


~f. (p0¢n - 5¢n + Pr : Vobmn) dV ~ D> f Sgn + Pn -NdS 
e 0 e 


2697 Bon 


= >| poB-SpndV + > [ dgn-TdS. (12.52) 
€ 26 e a 


26 On Bon 


Using the jump operator (12.1), this equation can be rewritten as 


} (PoGn - 5Gn + Ph: Vod~n) dV +f [5¢, -Pr]-N dS 
Bon 


1 Bon 


= poB Sona +f dyn-TdS. (12.53) 
Bon In Bon 
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The main idea of the DG method is to address the contribution of the interelement 
discontinuity terms by introducing a numerical flux h (Pe, Pos N-) dependent on 
the limit values on the surface from the neighboring elements, such that 


/ [5y), -P,]-N-dS > [Sgn] -h (P+, P~,N~) dS, (12.54) 
07 Bon 07 Bon 


where N7 is the outward unit surface normal for a given element. Rewriting the 
term in question we find 


i [5¢n-Pr]-N dS = i [Ben]-(Py)-N-as + | (S¢n)-[Pn]-N dS 
37 Bon 07 Bon 


97 Bon 
(12.55) 
for the average operator defined by 


1 
(e) = ; [et +e]. (12.56) 
The last term in (12.55) can be neglected because the jump in Py, does not require 
penalization to ensure consistency. Hence, h is chosen to be 


h(Pt,P”,N-) = (P;,)-N. (12.57) 


This form of the numerical flux was proposed by Bassi and Rebay (1997) in the 
first DG formulation concerning elliptic equations. Other forms for the numerical 
flux are possible and can be found in the work of Arnold et al. (2002) and Brezzi et 
al. (2000). Using the choice of numerical flux from (12.57), the weak formulation 
reduces to 


i (PoGn - Sn + Ph: Vod~n) dV +f [Sgn] -(P,)-N dS = 


Bon d7 Bon 


/ poB-SendV + f dyn-TdS. (12.58) 
Bon dn Bon 


We note that the deformation gradient used to compute the stress tensor is directly 
calculated from the compatible deformation gradient F, = Vo@p. 

Since the interelement displacement continuity is not enforced strongly in a DG 
formulation, it must be enforced weakly, which, in turn, ensures stability of the 
numerical solution. To this end, the compatibility equation g, — Op = 0 0n 07 Bon 
is enforced through a (sufficiently large) quadratic stabilization term in [ga], [6¢,]. 
In scalar problems this can be achieved by simply adding a term proportional to the 
scalar product [g;] - [5¢;,]. However, an appropriate term in the context of nonlinear 
mechanics must be proportional to [5g,] ® N~ : C : [gn] ® N-, where C = or is 
the Lagrangian tangent moduli. With the addition of this term, general displacement 
jumps are stabilized in the numerical solution, and the influence of material relations 
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in the presence of large deformations is properly considered. The final formulation 
of the problem consists of finding g, € X : such that 


y (PoGn - 8Gn + Pn: Vod~n) dV + ip [5¢,] - (Pn) -N ds 


‘Oh 07 Bon 


. i egneoN 4 (Fe) : [gn] ® n-| ds 


= poB-%,av +f by, -T-NdS, (12.59) 
Bon 


dn Bon 


where fs plays the role of a penalty parameter, and hf, is the smallest charac- 
teristic element size. An eigenmode analysis of the linearized system Noels and 
Radovitzky (2008) shows that this approach to stabilization, known as the interior 
penalty method, reduces the stable time step by a factor of al Bg as compared to a 
CG formulation, i.e., 


hs 
Vv Bs¢ 
where c is the sound speed of the material. More details concerning this approach, 
and in particular the numerical implementation based on interface elements can be 
found in Noels and Radovitzky (2006, 2008). 

Next we introduce the notion of a cohesive approach by assuming that cohesive 
surfaces governed by some extrinsic functional form are activated dynamically at 
the element boundaries satisfying a critical traction criterion. Upon meeting this 
criterion, the original interelement terms are discarded at the critical boundary and 


are replaced with the standard integral enforcement of the traction-separation law. 
Hence (12.58) becomes 


At < Abert = (12.60) 


[ (PoGn - 5Gn + Ph: Vod~n) dV +a tf T ([ga) - [ienlas| 


07 Bon 


+-a)} f [50] - (Pa) -NodS 
07 Bon 
+f [Ben] @ N~ (FC) : tvs] @N-| ast 
07 Bon hs 
=), poB-s%,av + [ by,-T-NdS. (12.61) 
Bon N Bon 


In this equation a is a binary operator defined as aw = 0 until fracture is detected, at 
which point we set a = 1. 

The formulation in (12.61) clearly exposes the inconsistency of the intrinsic 
method. Indeed, with the discontinuous Galerkin formulation, before fracture occurs 
(a = 0), the consistency of the method is ensured by the terms in [5g;,]-(P)-N~ [see 
Noels and Radovitzky (2006) for details]. These terms are missing in the intrinsic 
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approach. Indeed the terms /, 37 Bon ~ ([¢n])- [6¢n]dS correspond to the stabilization 
term of the DG formulation, which requires the penalty parameter of the intrinsic 
law to tend to infinity to ensure consistency, as shown by (12.39). Such a parameter 
leads to a drastic reduction of the critical time step size, while with the discontinu- 
ous Galerkin method, the critical time step size is reduced by only af Bs , see (12.60). 
Since practically 1 < B; < 10 is enough to ensure stability of the method Noels and 
Radovitzky (2008), the time step size is only reduced by a factor of about 2. 

The efficacy of the hybrid DG/cohesive formulation presented here, implemented 
with a 3D parallel capability Chiluveru (2007), will now be demonstrated through 
simulation of wave propagation and fracture in a ceramic spall test. 


12.6.3 Application: Ceramic Spall Test 


12.6.3.1 Comparison of DG/hybrid and CG/intrinsic approaches 


For a simple and exacting validation test of the hybrid DG/hybrid cohesive scheme, 
we consider uniaxial wave propagation induced by symmetric velocity loading of 
a three-dimensional through-thickness segment taken from the center of a ceramic 
spall specimen. A schematic of the domain geometry is depicted in Fig. 12.30. The 
boundary and initial conditions for the z-faces correspond to a prescribed constant 
velocity V,, applied as an incremental displacement in time given by 


— (x, y,0,t) = g(x, y,4.0mm,t) = V, VteT. (12.62) 


Additionally, the x and y displacements are constrained on the other four exterior 
boundaries. The material is assumed to behave elastically up to fracture and the ma- 
terial properties chosen, E = 269 GPa, v = 0.21, and pp = 3,690kg/m? correspond 
to that of alumina with a dilatational wave speed of cg = 8,906 m/s. For this exam- 
ple, we adopt the irreversible, linear-decreasing extrinsic law of Sect. 12.5 for the 
DG/hybrid formulation and take 0, = 400MPa, dep = 34.2 J/m*, corresponding to 
a critical separation of 6, = 0.17 um. For comparison purposes, we also consider 


Constrained displacements on x, y y 
faces 


Fig. 12.30 Schematic of 
domain geometry and 
boundary conditions Prescribed velocities on z-faces 


12 Advances in Cohesive Zone Modeling of Dynamic Fracture 395 


an irreversible Rose—Smith—Ferrante type intrinsic cohesive law implemented under 
the CG framework using a similar effective opening displacement 5. For this law, 
the normal and tangential tractions are given respectively as, 


L= pel A, (12.63) 


Cc 


and 

p= pret A,, (12.64) 
where o, is the maximum effective cohesive traction which occurs at 6 = é.. For 
consistency, we again choose o, = 400 MPa and ¢yep = 34.2 J/m?, which corre- 
sponds to a critical opening displacement of 6, = 0.0313 1m. It bears emphasis 
that in this model the initial slope s of the intrinsic law is determined by the physi- 
cal parameters of the phenomenological TSL (i.e., the spall strength for o., and the 
fracture energy for ¢sep), and thus it cannot be used as a numerical knob to reduce 
the effect of artificial compliance. 

The applied loading produces two dilatational waves of stress oy = pocaVz, 
which should meet at the center of the specimen at approximately 0.224 \s. In order 
to restrict the initial spall plane to the specimen center, we choose V, = 6.086 m/s, 
corresponding to oy, = 200 MPa. Given this problem statement, we compute the 
fracture solution in parallel for both the DG and CG formulations for the initial 
uniform mesh depicted in Fig. 12.31. 

In Fig. 12.32 we compare the time history of stress o,, for a point located at 
(x,y,z) = (0,0,1.0mm) as predicted by the DG and CG approaches with the 
theoretical result given by one-dimensional wave theory. 

We find that the DG/cohesive scheme accurately captures the wave speed 
and stress while the CG/intrinsic scheme underpredicts both. As a result, the 
DG/cohesive approach predicts spall fracture at the specimen center and the ensuing 


Fig. 12.31 Undeformed mesh consisting of 13,683 ten-node tetrahedra showing the processor 
boundaries of the partitioned mesh for ten processors 
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Fig. 12.32 0,, vs. time capturing the incident stress wave 


stress relief wave that reflects from the fracture surface and propagates symmetri- 
cally toward the interior of each spalled half of the specimen. On the other hand, 
the CG/intrinsic approach fails to capture spall at specimen center and as a result, 
the two incident waves pass through each other, amplifying the stress through- 
out the specimen. In Figs. 12.33 and 12.34 we show snapshots of the stress wave 
propagating through the specimen as predicted by the DG and CG approaches, 
respectively. Additionally, in Fig. 12.33 we show a close-up view of the initial spall 
plane predicted by the DG/hybrid scheme which clearly shows distributed cracking 
over multiple elements along the length of the specimen. This can be viewed as a 
manifestation of the mesh dependency inherent in cohesive element approaches, as 
the coarse mesh employed in these calculations is unable to resolve the formation 
of a single spall plane. 

For illustration purposes we recompute this problem with the DG/cohesive 
scheme and allow the calculation to proceed sufficiently far in time so that signifi- 
cant fracture occurs at the center of the specimen. A snapshot of the fractured region 
after 4.8 jus, depicted in Fig. 12.35, shows that the DG/cohesive scheme is capable 
of describing a complicated fracture pattern including the formation of fragments. 


12.6.3.2 Scalability of the DG Method 


In the work of Noels and Radovitzky (2008), the scalability of the DG method was 
investigated for the cases of a scaled speed-up test (i.e. the number of tetrahedra 
per processor is kept constant for increasing mesh size) and a constant size test (1.e. 
a fixed computational mesh is used with increasing number of processors) for the 
problem of uniaxial wave propagation in a bar of neo-Hookean material. A baseline 
discretization consisting of 9,984 quadratic tetrahedra was employed in both cases. 
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Fig. 12.33 Snapshots of wave propagation for DG/hybrid formulation showing incident and re- 
flected waves and the initial spall plane 


For the scaled speed-up test, the baseline mesh was used for a single processor run. 
Then both the initial mesh and the number of processing units (cores) was increased 
by a factor of 8 and 64, respectively, by uniformly subdividing each element into 
eight tetrahedra. 

The result of the scalability tests from Noels and Radovitzky (2008) are depicted 
in Fig. 12.36, which shows the time per element necessary to compute one time 
step as a function of the number of cores used. From the plot we find that the DG 
method is indeed highly scalable. We emphasize that for three-dimensional dynamic 
brittle fracture predictions using the cohesive element method, a scalable parallel 
capability is extremely important as a possible remedy to the issues of slow energy 
convergence and mesh dependence discussed in earlier sections. 
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Fig. 12.34 Snapshots of wave propagation for CG/intrinsic formulation showing incident waves 
that pass through each other due to a lack of spall 


Fig. 12.35 A snapshot of the fracture pattern at the specimen center at ¢ = 4.8 us 
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Fig. 12.36 Scaled speed up (T1) and constant problem size (T2) scalability results from Noels 
and Radovitzky (2008): The figure shows the time per element needed to compute one time step as 
a function of the number of cores for three different computer cluster configurations (C1-C3). See 
Noels and Radovitzky (2008) for more details 


12.7 Conclusions and Recommendations for Future Work 


12.7.1 Computational Challenges 


Currently, there are several important open problems related to computational issues 
endemic in cohesive element schemes which merit further attention and study. In 
general, the most difficult open problems yet to be thoroughly addressed in the lit- 
erature are those related to convergence of various aspects of the fracture solution 
including mesh dependence of the fracture pattern for arbitrary crack growth and 
of the dissipated cohesive energy. The latter issue has only been thoroughly inves- 
tigated for the extrinsic scheme for a simple 1D model problem, and so similar 2D 
and 3D studies are necessary to ascertain the energy convergence properties. Based 
on the results of Molinari et al. (2007), it may indeed be the case that energy con- 
vergent mesh sizes for 3D problems will exceed the capacity of currently available 
computational resources. The problem of convergence of an arbitrary crack path 
presents a much more complicated challenge, especially for 3d problems due to 
the inherent difficulty in defining a proper metric for measuring crack path conver- 
gence. While it has been argued that for a sufficiently refined mesh, more or less 
arbitrary crack path predictions should be possible Remmers et al. (2008), conver- 
gence has only been achieved for simple cases of planar crack growth Needleman 
(1997); Camacho and Ortiz (1996); Geubelle and Baylor (1998); Arias et al. (2007) 
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or using advanced pin-wheel based meshes Papoulia et al. (2006). Clearly the issues 
of energy and crack path convergence are related as mesh dependence in the fracture 
pattern will lead to variability in the dissipated cohesive energy. Indeed it may be 
the case that for arbitrary crack growth in three dimensional problems, convergent 
mesh sizes may exceed currently available computational resources. 


12.7.2. Extrinsic vs. Intrinsic Cohesive Laws and Associated 
Open Problems 


Another important line of future investigation deals with understanding the fun- 
damental differences between extrinsic and intrinsic cohesive laws for fracture 
predictions. For instance, Falk et al. (2001) have questioned the ability of the ex- 
trinsic scheme to capture macroscopic crack branching based on a comparison of 
the two methods for Mode I crack growth in a notched 2D PMMA strip in which 
branching occurred for the intrinsic approach but did not occur for the extrinsic 
approach. The authors offer as a possible explanation for this result, the fact that ar- 
tificial compliance in the intrinsic approach could play a role in precipitating crack 
branching Falk et al. (2001). In some subsequent works however, macroscopic crack 
branching with the extrinsic approach has apparently been demonstrated Zhou et al. 
(2005); Molinari et al. (2007); Arias et al. (2007), suggesting that the occurrence 
of branching may be related to the implementation of the computational scheme, 
or the FE mesh size. More study on this issue is merited to conclusively determine 
the fundamental differences between both methods in their ability to capture crack 
branching. 

A related question has to do with the respective crack tip speeds predicted by 
both methods. For example, for the problem considered by Falk et al. (2001), it was 
shown that the crack tip trajectories predicted for the two approaches were signif- 
icantly different with the extrinsic approach predicting a higher crack tip speed. In 
a later study, Kubair and Geubelle (2003) compared the intrinsic and extrinsic ap- 
proaches by solving the model problems of steady-state and dynamic crack growth 
in a semi-infinite elastic domain using a spectral method. It was found that the crack 
tip trajectories and energy dissipation for both methods were similar. However, the 
computed cohesive zone lengths and crack opening profiles were significantly dif- 
ferent. In general, more studies focusing on comparing the extrinsic and intrinsic 
approaches are necessary. 
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